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Foreword

This publication is based on selected papers presented at the International Workshop
on Friction and Flow Stress in Cutting and Forming held at the Ecole Nationale
Supérieure d’ Arts et Métiers (ENSAM) in Paris, France, in January 2000.

During last decade significant developments have taken place in the application of
computational mechanics to cutting and forming operations. Both types of operations
have in common that very high flow stresses occur at extreme conditions of strain, strain
rate, temperature and temperature rate and, that interfaces between tool and workpiece of
chip, severe conditions of friction and wear are present which significantly affect the
phenomena taking place.

Material behaviour, friction and wear and related phenomena can be studied and the
actual values of the relevant flow stress, friction and wear models can be obtained in
actual manufacturing operations or in simplified test set ups, like the Hopkinson bar test
or like some friction test rig. Nearly none of those tests test the material behaviour or the
relevant quantities in actual manufacturing operations and need various assumptions.
Usually, the results of such experiments are represented in the form of mathematical
relations, which can be used in further computations. Recently doubts have arisen about
the value of those models and relations. One aspect is the extrapolation of the
experimental data obtained under often simplified conditions in the test set up to the
actual conditions in industrial operations. A typical example is that the actual conditions
at the tool-chip interface in high speed machining are far away from those in the
Hopkinson bar test.
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In this publication is presented and discussed the state of art and new developments
dealing with flow stress, friction in mechanical processing such as cutting and forming
of metals and other materials. Emphasis is put on:

~ studying and testing of friction and flow stress in actual industrial processes,
—modelling of friction and flow stress and related phenomena or,

—testing under simulated conditions in order to obtain the data required to model
friction and flow stress and related phenomena in actual industrial processes,

- obtaining more detailed information concerning fundamental aspects of recent
developments in those processes like the use of coated tools, high speed machining,
unusual workmaterials, micro-processing,

— new possibilities to reduce friction and wear.

Industry badly needs more reliable information on flow stress, friction and wear in
industrial processes since those phenomena are largely not well understood,
unpredictable and cause lots of nuisances like high and unpredictable values of
processing forces, temperatures, tool’s life, poor precision and surface condition of
workpieces.

M. Touratier
C.A. van Luttervelt



Chapter 1

How to Understand Friction and Wear
in Mechanical Working Processes

D.A. Taminiau and J.H. Dautzenberg
Dept of Mechanical Engineering, Eindhoven University of Technology, The
Netherlands
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1. Introduction

In this contribution, an overview will be presented for an understanding of friction
and wear using plasticity theory and chemical thermodynamics. It is not worked out in
detail, but should, it is hoped, give more than enough proof that this idea is a fruitful
line of research.

In a number of mechanical processes like rough and fine cutting, abrading, scraping,
punching and dry sliding tests, it has been shown for a number of different metals like
copper, steel and aluminum that dry sliding friction is caused by plastic deformation of
one of both of the components [DAU 89]. If the process is restricted to plastic
deformation only the flow stress or the hardness of the tool material - which has a
constant relation to the flow stress - must be higher than that of the workpiece material
at the process temperature. When measuring the hardness of the tool material it is
important to determine it at the process temperature and not at normal room
temperature. Also, it is important to correct the hardness of the workpiece material for
temperature, strain rate and the strain path.

To improve tool life for forming operations or to increase cutting speed for
improving the economy of the mechanical working processes there is a strong need to
look for tool materials of greater hardness at high temperatures. In mechanical working
operations most of the tools fail not by tool breakage caused by for instance fatigue but
by a continuous rubbing away of the tool material. This article focuses on this wear
phenomenon.

The strong demand for longer tool life has led to the use of simple ceramics,
composed ceramics and recently to tools with thin layer coatings of complex
composition. However, if the hardness under test conditions of the tool is greater than
that of the workpiece material, the wear of the tool has to be zero on the basis of
mechanics. In practice, though, wear is found. This can only occur if the hardness of the
tool material is lowered. This is possible if the composition of the tool material or the
coating on the tool changes its chemical composition. It will be shown that this happens
by diffusion reactions. As a consequence, the chemical composition of the tool changes
and the accompanying hardness of the tool decreases. At a given time the hardness of
the tool is lower than that of the workpiece material. The tool material is rubbed off and
the tool is considered to be worn. In the following sections it will be proved step by step
that this idea holds. Finally, it will be shown that this can be used to understand why
some tool/workpiece combinations are unsuitable.

2. Hardness and temperature

Figure 1 shows the hardness at room temperature of binary ceramics, which can be
used as a tool material [BHU 91]. From this figure it can be concluded that not only
hardness determines the applicability as a tool material, since a number of these
ceramics are not used as a tool material in spite of their high hardness. As mentioned
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earlier, the hardness at room temperature is not important, but the hardness at the
process temperature of the mechanical working processes is. In Figure 2 is given the
hardness [WES 67-SAN 66] of a number of possible tool materials as a function of
temperature. Clearly, in the case of Si;N, the hardness has a marginal dependence on
temperature. This tool material can be useful at high temperature, while at low
temperatures it is much worse than a number of others. Similar results are found for WC
in Figure 3 [WES 67]. In this figure it can be seen that a number of carbides cannot be
used at high temperature.
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Figure 2. The hardness of some toll materials as a function of temperature
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Figure 3. The hardness of a number of carbides as a function of temperature

If hardness were the only parameter for wear, diamond would be the best tool
material. However, it is known to be unsuitable for ferro-metals.

Next, the flow stress of the workpiece material will be discussed. Figure 4 gives the
flow stress behaviour of steel 1045 at different temperatures and at low and high strain
rates [JAS 99]. The influence of both variables is clearly shown. From tests on a number
of workpiece materials it is clear that the mechanical material behaviour is still
theoretically unpredictable. The only way to find the actual flow stress behaviour is to
measure it under the same process conditions as the mechanical working process.

To obtain an idea of process temperatures, two examples will be given. Cutting steel
AISI1045 with a carbide tool at 4 m/s, a feed of 0,2 mm and a width of cut of 4 mm,
gives a mean contact temperature of approximately 750°C and a contact time of
approximately 0.5 ms [JAS 98]. Such temperatures of 700°C or more are possible in the
shear zone by punching a 1mm strip of 13% Cr low carbon construction steel at 50
mm/s punch speed [BRO 99].
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3. Diffusion

Besides temperature, the diffusion of tool material in the workpiece material or vice
versa is also important for the hardness. In Figure 5 an example is given of diffusion of
tungsten in a steel chip when machining AISI 1045 steel with a cemented carbide tool.
The cutting conditions are as follows: cutting speed 4m/s, feed 0,2 mm, and width 4mm.
The cutting tool is a Widia insert TPGN110204 THM-F without coating. The diffusion
pattern is measured by Rutherford backscattering spectroscopy with 4 MeV He+ ions.
Figure 5 shows the concentration of tungsten that has diffused from the tool into the
chip as a function of the distance to the contact surface of chip and tool. The solid line
in this figure is an erf-function as expected for a diffusion process. Although the cutting
speed is given by the tool manufacturer, it results in a very clear diffusion pattern. The
same can be found at lower cutting speeds but less markedly so.
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Figure 5. Tungsten concentration as a function of the distance to the contact surface

of tool and chip. Cutting speed 4 m/s; feed 0.2 mm. Tool: Widia TPGN 110204 THM-F;
workpiece material: steel AISI 1045

The same is true for all tool materials that fail in dry sliding friction by continuous
abrading wear.

For a better understanding of the possibility of diffusion [KRA 80, KRA 85, SUH
86] we consider a very simple tool/workpiece combination A/B. The diffusion of A in
B is driven by the free enthalpy (= AG,, ) of mixing given by:

AGm=AHu-TAS, [1]
AHn=Hap-Ha-Hp (2]
-TASy=RT(x4qlnx +xplnxp) [3]

where:

— AH,, = enthalpy of mixing

— AS,, = entropy of mixing

— H; = enthalpy of component i

- x; = concentration of component i
and: x4 +xp=1.

The diffusion of A in B or vice versa only takes place if AG,, < 0. The most ideal
tool/workpiece material combination is if H,5= 0 and H, and Hp are very negative. This
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means no reaction between tool and workpiece material will take place. The lowest
concentration of A is 1/6 x 10>, which means that xz= 1. Completing equation [3] with
T =1 000°K and expanding it for a gram-atom A gives:

TAS,, =—449kJ (4]

Filling in this result in [1] means that we can calculate AG,, if we know AH for our
tool and workpiece material.

Figures 6 to 10 give the enthalpy or Gibbs Energy [KUB 79, BAR 73] of formation
for carbides, nitrides, oxides, silicides and borides. A combination of these figures with
equations [4] and [1] means that if the temperature is high enough AG,, is always
negative. So diffusion will always take place.
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Figure 6. The enthalpy or Gibbs energy of formation of carbides
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If steel is used as a workpiece material, it is important that the tool material has a
much more negative enthalpy in comparison with any possible combination of iron
with one of the elements of the tool material.

The following examples are all based on iron (steel) as a workpiece material.

In Figure 6 it is found that around 700°C Fe;C is more stable than diamond.
Therefore diamond is completely unsuitable at high temperatures in a mechanical
working process in combination with iron or steel. However, at room temperature
diamond is more stable and usable with steel.

From Figure 6 we can conclude that HfC, ZrC, TiC, TaC and NbC are more useful
as tool materials than WC, regarding the enthalpy of these carbides. In cutting tools for
steel TiC and TaC are preferred above WC.

From Figure 9 it is seen that silicides are completely unsuitable as a tool material for
ferro-metals.

Figure 8 shows that the oxides are very stable and are suitable for tool materials
despite their relatively low hardness.

4. Hardness and chemical composition

In the preceding sections we have seen that diffusion of the tool material in the
workpiece material takes place and vice versa. This means that the chemical
composition of the tool material changes. Figure 11 shows that with this change in
chemical composition a change in hardness takes place [HOL 86]. Combined with the
high tool temperature and the low workpiece temperature at the beginning of the
mechanical working process, it is clear that a moment comes when the hardness of the
workpiece material is higher than the hardness of the tool material and the tool material
is worn as a result. In contrast with the previous figures, Figure 11 is made at room
temperature. To the authors’ knowledge there are no figures available at higher
temperatures at this time.
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5. Results

In the preceding text, some general examples have already been given.

Another well-known example is the use of TiN as a tool for aluminum. It is known
that it has a very high wear in cutting as well in forming. If we look at Figure 7 this
behaviour is obvious. A better tool can be achieved by adding aluminum in TiN to
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TiAIN. A much better solution is possible if we replace N by C. In Figure 6 TiC is very
negative whereas Al, which is not in this figure, is around zero. This latter assertion is
supported by the phenomenon that aluminum can be melted in a graphite crucible.

6. Discussion

It has been shown that with classical physics it is possible to understand friction and
wear without using the phenomenon of adhesion. Afier all, with adhesion theories it is
difficult to understand friction and impossible to handle it quantitatively.

The different properties that play a role in making a good too! material make it difficult
to design an optimum tool material. This is further complicated by the role of temperature
in chemical processes like diffusion, which is very dominant. An increase of temperature
of 10 degrees increases the reaction speed by a factor 2 or 3. In mechanical working
processes the temperature is strongly influenced by friction. At present the knowledge for
predicting the process temperature more accurately than a few degrees is not available. So
it has been impossible to calculate wear rates up to now.

To improve tool materials, especially in cutting, people have relied completely on
finding ceramic coatings made of more than two elements in order to have a high
hardness at high temperatures. Now however attention is focussing elsewhere. It has
shifted to tool materials that have a low friction coefficient in dry cutting. This lowers
the process temperature and although these materials have a modest hardness, the
combination gives a longer tool life. An example of this line of reasoning is the use of
MoS, [TEE 97, REC 93].

By PVD magnetron sputtering of Mo$S, on a tool it can be shown (Figure 12) that
the tool life is enhanced and, moreover, as a consequence of the lower friction the
accuracy and the roughness of the products is improved [ENG 83)]. In the near future
these low friction coatings will be further improved if combined with high hardness
materials.

Another method is to alloy the workpiece material with a component that lowers the
friction {ENG 83].

A well-known method is fine cutting of nickel with diamond. Cutting pure nickel
with diamond is a catastrophe; cutting electrolytic nickel including phosphorus (low
friction) with a diamond tool, however, gives excellent results.

If friction is plastic deforming, the high deformations that are necessary in the
contact zone might be found to be striking. In [DAU 89], however, it was shown that
these extreme deformations do indeed take place in the contact zone. This is because
of the high compressive (hydrostatic) stresses in this zone, together with the relatively
high temperature of the friction processes that the material can dynamically recrystallise
and reobtains its deformation ability. Also it is shown that the fracture strain is strongly
dependent on the compressive (hydrostatic) stress [DAU 99]. This makes it possible to
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understand, without adhesion theory, that a material can fail below the contact surface
through which a layer breaks out.

Since the process temperature is sensitive to the thermal properties of tool and
workpiece material, it is obvious that thermal properties have a distinct influence on the
diffusion processes and thus on wear.

7. Conclusion

Using plasticity theory and chemical thermodynamics it is possible to understand
wear in a qualitative way.

Use of thermodynamics makes it easier to select tool materials for workpiece
materials.

More attention has to be paid to combinations of materials of low friction and high
hardness as tool materials.

Taking into account the influence of hydrostatic stresses on the fracture strain of
metals, it is possible to understand the phenomenon of layer breakout during dry sliding
friction.
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1. Introduction

During commercial flat rolling of steel and aluminium strips control of the
coefficient of friction at the roll/work piece contact is achieved by careful choice of
the lubricant. The choice also affects the productivity and the surface quality of the
rolled strips. Improving these is the prime objective of the producers. At the present
time oil-in-water emulsions are used when cold rolling steel or hot rolling
aluminium. Neat oils are used mostly when cold rolling aluminium. In most
applications the twin objectives are cooling of the surfaces and the provision of
sufficient amount of oils in the rolV/strip contact zone.

Control of the coefficient of friction presupposes knowledge of its magnitude.
While there is a reasonable understanding of the frictional mechanisms at the
rolUstrip interface during flat rolling, the actual magnitude of the coefficient of
friction there is still largely a matter of conjecture. In this context it is appropriate to
quote Roberts [ROB 97]:

“Of all the variables associated with rolling, none is more important than
Jriction in the roll bite. Friction in rolling, as in many other mechanical processes,
can be a best friend or a mortal enemy, and its control within an optimum range for
each process is essential.”

The transfer of thermal and mechanical energy at the roll/metal interface is
responsible for the quality of the resulting surfaces. In cold rolling, inappropriate
magnitudes of friction forces cause unacceptable surfaces. In hot rolling surface
defects, accelerated roll wear and unsuitable strain distributions, leading to
unwanted grain size distributions, will occur.

The tribological system is defined in terms of process and material parameters
[SCH 83], including the temperature, speed and the reduction. Properties of the rolls
and the rolled material: their strength, hardness, Young’s and shear moduli, stored
elastic energy and their thermo-physical properties also affect the interactions. The
effects of surface parameters, such as the chemical reactivity, the tendency to adsorb
molecules from the environment, surface energy and surface roughness need to be
understood. The lubricant’s viscosity, bulk modulus, chemical composition,
additives and lubricant delivery also contribute to product quality. While all of these
should be included in analyses, it is understood that selection of the more important
parameters may reduce complexity. In the present study the reduction and the speed
are of prime importance and these, in addition to the lubricants, are chosen to be the
independent variables.

There are two ways to determine u in the rolling process: direct measurements
and inverse analyses. In the former, tension may be applied to the strip, moving the
neutral point to the exit, and inferring the magnitude of the coefficient from the roll
force and torque [UND 50]. Also, the minimum coefficient of friction may be
identified at the reduction when no roll bite occurs. Transducers embedded in the
roll [SIE 33; ROO 57; LIM 84; JES 91; JES 00] give the roll pressure, the interfacial
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shear stress and their ratio, the coefficient of friction. The inverse method can also
be used to infer what the coefficient of friction must have been in a pass [LIN 91].

The objective of the present study is to demonstrate a reliable method to
determine y in the flat rolling process — the embedded pin-transducer combination.
A mathematical model, able to predict the coefficient of friction in a consistent
manner, is then employed to substantiate the experimental data and to use roll force,
torque and forward slip values to infer 4 during cold rolling of steel and aluminium
strips. The results are discussed in terms of the adhesion hypothesis.

2. Experimental determination of the coefficient of friction
2.1. The rolling mill

A two-high laboratory rolling mill, driven by a 42 kW, constant torque DC
motor and having D2 tool steel rolls of 250 mm diameter and 150 mm length,
hardened to Rc = 64, is used in the study. The surface roughness of the work rolls,
measured using a portable roughness tester, is Ra = 0.43 um in the axial direction
and 0.12 pm in the circumferential direction. Two force transducers, located under
the bearing blocks of the lower work roll measure the roll separating force. Two
torque transducers, in the drive spindles, monitor the roll torque. The time difference
between the signals of two photodiodes, positioned at the exit 50.68 mm apart,
provides the exit velocity of the rolled strips, leading to the forward slip. A shaft
encoder monitors the rotational velocity of the roll, allowing use of the actual motor
speed under load when calculating the forward slip (schematic diagram in Figure 1).

Roll separating
T - Roll torque force, F
@ - Angular speed N
v
O

Photo diodes Lubricant spray

|
Rolled strip f f

Exit velocity

Figure 1. The schematic diagram of the experimental rolling mill
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2.2. The embedded pin—transducer combination

Originally suggested in [SIE 33] for the rolling process and adapted later [ROO
60; ALS 73], the method has been applied to measure interfacial conditions in
several bulk metal forming processes, including forging and extrusion. The method
has been used in warm and cold, flat rolling of aluminium strips [KAR 85; LEN 93;
LIM 84]. Variations have also been presented [LEN 90; LEN 91; YON 87; YON
89]. A cantilever or cone, fitted with strain gauges, with its tip in the contact zone,
and its various refinements were presented in [BAN 72; JES 91; JES 00). Detailed
information on the distributions of interfacial frictional shear stresses and die
pressures may be obtained by these methods, but the experimental set-up and the
data acquisition are elaborate and costly. Since the major criticism concerns the
possibility of some metal or oxide intruding into the clearance between the pins and
their housing [STE 83], it is necessary to substantiate the resulting coefficients of
friction by independent means.

In the present study, the roll pressures and the interfacial shear stresses are
measured by four pin-transducer combinations, as shown in Figures 2a and 2b
[KAR 85]. Figure 2a shows the four transducers, placed in the top work roll. Figure
2b shows the four pins, placed in the segment, which, when put in position,
completes the work roll surface. The segment is made of D2 tool steel, hardened to
the same magnitude as the work roll. Note that two of the pins are in the radial
direction and the two others are placed obliquely, 25° from the radial direction. The
tips of the pins are in direct contact with the rolled strip while their flat ends are
pressing directly on the force transducers. A detailed description of the apparatus
and the analyses necessary to extract the roll pressures, the interfacial shear stresses
and hence, the coefficient of friction, have been given earlier [LIM 84; KAR 85].

k. 5
-

Figure 2a. Embedded transducers Figure 2b. Measuring pins
A simple force analysis of the four pins, which includes the signals of the

transducers, yields the roll pressures, shear stresses and hence, g, which varies from
entry to exit in the roll gap. There is a certain amount of clearance, of 0.02 mm
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magnitude, in between the pins and their housing. The analysis includes the friction
forces and the pressures exerted by the walls of holes against which the pins may be
pressed during a pass. Thus, when contamination, oxides, rolled metal or scales
intrude into the clearance, the analysis takes account of their influence as well.
Nevertheless, frequent disassembly and cleaning are necessary for continued,
reliable testing.

3. The experimental program

The first set of tests is concerned with hot rolling of aluminium strips, lubricated
by oil-in-water emulsions. The embedded pin-transducer system is used to
determine the coefficient of friction. These values of y are then used in a
mathematical model to calculate the roll force, torque and the forward slip. Since the
model is shown to be accurate and consistent in its predictions, it is then used in
several other experiments to infer the coefficient of friction.

3.1. Hot rolling of aluminium strips

Roll pressure and shear stress distributions have been measured during hot
rolling, at 500 °C, of commercially pure aluminium strips, measuring 6.27x50x200
mm, using the embedded pin-transducer method, as described above [HUM 96].
Each sample had a type K thermocouple embedded in its tail end, monitoring the
temperature variations during the pass. The emulsion, 2% (v/v) oil and water, was
prepared at 60°C and sprayed at the entry of the strips. Typical pressure and shear
stress distributions are shown in Figures 3, 4 and 5.

In general, both the roll pressure and the shear stress distributions are similar for
the three cases. The distributions of the roll pressure are quite flat after rising rapidly
from zero - not shown on the plots due to some uncertainty of the exact entry and
exit locations, followed by a rise until the peak is reached. This increase, caused by
the strain and strain rate hardening of the plastically flowing metal, is not expected
to be affected by the falling temperatures of the rolled strip and the attendant
increase in the flow strength since the drop of temperature in the pass, from entry to
exit, was not very large, typically less than 10°C. The fall of the surface temperature
is also not very pronounced [LEN 93]. In that study temperatures measured by
thermocouples were employed as the initial conditions in a finite element analysis of
the process. The surface temperatures obtained were only marginally below the
temperatures at the strips’ centres. The variations of the interfacial shear stresses are
also shown in the figures.



20 Friction and Flow Stress in Forming and Cutting

®

3

= 497 °C, central temperature

&3 120~ 6.28 mm entry thickness

E 20 rpm roll speed

(l,-) 1 21% reduction

% 80 - 2% oil - water emulsion

3;) _

S 40

N

5

2 o

g

; The average coefficient of friction = 0.081
O -40 T ' T [ T

@ 0.00 0.04 0.08 0.12

ANGLE (radians)
Figure 3. Roll pressure and shear stress distribution; 21% reduction
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ROLL PRESSURE AND SHEAR STRESS (MPa)

The coefficient of friction is defined as the average of the ratio of the shear stress
and the roll pressure. Its variation with the rolling speed and the reduction is shown
in Figure 6. The coefficient drops with increasing speed, as found in most instances.
It increases when the reduction grows, a phenomenon strongly dependent on the
interaction of several parameters. These include the lubricant viscosity and its
sensitivity to the pressure and the temperature. The flow strength of the metal and its
strain and strain rate hardening also need to be considered as they affect the
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flattening of the asperities and the attendant growth of the true area of contact. Since
the coefficient of friction increases with the loads, the effects of the flattening of the
asperities and the growing number of adhesive bonds appear to overwhelm the
mechanisms that may cause a drop in its magnitude.

504 °C, central temperature
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Figure 5. Roll pressure and shear stress distribution; 30.4% reduction
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Figure 6. Coefficient of friction as a function of speed and reduction
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3.2. Substantiation of the measured coefficients of friction

The reliability of the pin—transducer technique has been questioned [STE 83],
necessitating proof of its accuracy, which is done in three independent ways. The
roll separating forces, measured by force transducers, located under the bearing
blocks of the bottom roll, are compared to the integrals over the contact surface of
the roll pressure distributions, as indicated by the embedded pin—transducer
combinations. The torques, measured by the torque transducers in the spindles of the
drive train, are compared to the integrals of the shear forces times the roll radius.
The measured coefficients of friction are also used in a predictive model of the
process, which calculates the roll separating forces, the roll torques and the forward
slip. When the measured and computed forces, torques and the forward slip match,
the measured coefficient of friction is accepted as the correct value.

There is experimental evidence that the coefficient of friction does not remain
constant in the roll gap, see Figures 3, 4 and 5, above. The model, given in detail in
{LEN 97] and described briefly below, allows the use of a coefficient of friction,
which has different magnitudes on either side of the neutral point.

As is well known, Orowan’s model [ORO 43] uses the friction hill, in which the
location of the neutral point is obtained at the intersection of the roll pressure curves,
extending from entry and exit. The equations of equilibrium are written, using a
functional form:

d

;% = f(p.2k, R,y by E,v 2 up) 1]
and these are integrated separately, using the appropriate algebraic signs for the
friction terms. The neutral point coincides with the location of the intersection of the
two curves. In the present refinement, only one equation of equilibrium, of the form:

%=f[P,2k,R,h],h2,E,V,/l(¢)] (2]
is employed. An assumption for the variation of the coefficient of friction in the roll
gap is made, with some guidance from previous experience. This assumption
includes the location of the neutral point. The coefficient is taken to be positive
between the entry and the neutral point and negative beyond it, changing gradually
at the no-slip location. The functional form is

u=ulp) 3]

The equation of equilibrium is then integrated, starting with the known initial
condition at the entry. Satisfaction of the boundary condition at exit drives the first
iterative process. The second iteration is designed to achieve convergence of the
predicted roll separating forces. The results are shown in the table below, giving the
forward slip, the roll force and the torque in the top spindle.
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hin Red pm M S¢, % Roll force, kN/mm Roll torque, Nm/mm

mm % test M. test Int M. test Int M.

628 210 20 .081 L1l 1.5 76 76 .80 3.94 3.89 3.48

631 216 200 .037 315 3.09 97 .99 .98 4.69 4.65 4.64

6.29 307 20 114 257 274 1.3 1.21 1.28 8.3 8.26 7.87

632 31.8 200 .162 252 268 106 .94 .96 5.36 5.83 5.75

630 392 100 210 456 482 146 131 1.31 8.88 9.22 9.25

Use of the experimentally determined coefficients resulted in the measured and
calculated values which are sufficiently close to conclude that the embedded pin—
transducer technique is capable of producing accurate values. The model is also
shown to be valid and it may be used with confidence to infer the magnitude of the
coefficient. The symbol M in the table refers to the model’s predictions.

3.3. Cold rolling of steel strips, using neat oils

Cold rolling of steel strips, lubricated using neat oils, is the next step in the study
[MCC 00]. The steel contains 0.05% C and its true stress - true strain curve is

o =150(1+234£)%2%! MPa, obtained in uniaxial tension. The metal’s strength is

essentially independent of the rate of strain. The initial surface roughness of the
samples is approximately Ra = 0.8 um, in both the rolling and transverse directions.

Six oils are used in the tests, identified as A, B, C, D, E and F. A is a petroleum
based oil with sulfurised hydrocarbons, fats and esters. B is identical to A, but with
no additives. C is again the same, containing a lubricity contributing ester. D is a
sulfurised petroleum based oil of low viscosity. E contains small amounts of esters
as additives. Oil F is a synthetic lubricant with no additives. The properties of the
lubricants are shown in the table below.

Properties of the lubricants

Lubricant Kinematic viscosity (mm?%s) Density (kg/m’)

40°C 100°C 40°C
A 25.15 4.97 869.3
B 19.85 3.96 861.6
C 20.05 4.03 863.0
D 14.30 3.28 886.6
E 5.95 1.88 853.1
F 17.32 3.89 8194
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The roll force, roll torque and the forward slip have been measured and used in
the inverse analysis with the model described above, to infer the magnitude of the
coefficient of friction. The computed coefficients of friction for each of the
lubricants indicate similar trends for all six oils. The results are shown in Figure 7
for the reductions of 15 and 50%. The coefficient of friction is reduced as the speed
and the reduction are increased. While the lowest coefficient of friction is obtained
with lubricant F and the highest with A and D, the differences among the lubricants
are not large. As well, the additives appear to affect friction more than does the
viscosity. The coefficients of friction may also be determined by several empirical
formulae. The most often used formula is due to Hill [HOF 53].

P -1.os+1.02[1-ﬁ"—‘—}

_ O_'\) R IAh entry
1.7911- _hﬂ_“ R
hentry hentry

where P, is the roll separating force per unit width, & stands for the average, plane
strain flow strength in the pass and R’ designates the radius of the flattened roll,
calculated using Hitchcock’s relation. Using Hill’s formula, see Figure 8, indicates
that the more refined model predicts the same trends but significantly lower
magnitudes for the coefficient of friction. Also demonstrated is the importance of
the model as the results of the calculations depend on it in a very significant manner.
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Figure 7. Coefficient of friction, obtained using a 1D model; cold rolling of steel
Strips
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As expected from previous tests and as predicted by the adhesion hypothesis, the
coefficient of friction decreases as the roll surface speed increases. Further, the
coefficient falls as the reduction and hence, the load, increase.

It may be concluded that Hill’s relation is useful if comparative results are
required, such as in the study just described. The objective was to rate the six
lubricants according to their ability to lower the loads on the rolling mill. As long as
the trends, predicted by the model, are realistic, the actual magnitudes of the
coefficient of friction are of little importance. Several formulas, which may be may
be used to determine u can be found in the technical literature. The trends they
predict should be checked before use.

0.30
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Figure 8. 4 comparison of the predicted coefficients by a 1D model and by Hill’s
formula

3.4. Cold rolling of steel strips, comparing neat oils and emulsions

Low carbon steels are used with the true stress — true strain equation, obtained in
uniaxial tension, o = 174.9(1-9-120.666‘)0'245 MPa, in the next set of tests {SHI 00].

Four lubricants are compared in the study, in addition to dry rolling and using water
only, for their abilities to affect the loads on the mill, the frictional conditions and
the resulting roughness. The lubricants include the SAE 10 and SAE 60 automotive
oils, the SAE 10 base oil with 5% oleic acid added and the SAE 10 base oil,
emulsified, using water and polyoxyethylene lauryl alcohol as the emulsifier, 4% by
volume. Oleic acid was chosen as the boundary additive since it was shown to react
to pressure and temperature in a less sensitive manner than several other fatty oils
[SCH 87]. The properties of the two base oils are given in the table below.

While the automotive lubricants were not formulated for use in the bulk forming
of metals or, specifically for the flat rolling process, their properties — such as their
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viscosities, densities, pressure and temperature coefficients - are well known, and
that is the reason for their choice in this comparative study. The coefficients of
friction, at 20 and 160 rpm roll velocity, are shown in Figures 9 and 10. In
determining the coefficient, Hill’s formula was employed.

Properties of base oils

kinematic viscosity, mm¥/s density
Description 40°C 100°C gm/cm’, 15°C
SAE 10 Paraffinic, refined, 29.6 49 0.871
dewaxed
SAE 60 Paraffinic, refined, 283.7 22.6 0.875
dewaxed
3 o0s
= Lubricants
S + SAE 10, oleic acid
w 0.4 - © SAE 10
- O SAE 10, emulsified
= A SAE 60
T o Dry
3 0.3 7 Water
~
Q
E 02
w
o
=
i 0.1
:E) @Il speed = 20 rpmj
O o 20 40 60

REDUCTION (%)

Figure 9. Coefficient of friction at 20 rpm

As expected, the highest coefficient of friction is observed at low speeds and dry
conditions. At 20 rpm, the lowest magnitudes of the coefficient are produced by
water only as the lubricant. No major differences in frictional resistance are noted
when any of the oils, neat or emulsified, are used. In all cases, and as before, the
coefficient of friction is reduced as the reduction is increased.

Rolling in the dry condition resulted in frictional values that are among the
highest, but surprisingly not the highest.

There is a dependence of the frictional resistance on the viscosity at 160 rpm.
The most viscous oil yields the lowest & and the highest values are obtained when



Friction During Flat Rolling of Metals 27

rolling dry. With oils, frictional resistance is highest with SAE 10, containing the
oleic acid additive, but still significantly lower than in dry rolling, as expected. The
SAE 10, neat or emulsified, leads to friction values that are practically identical and
not very much different from SAE 10 and the boundary additive. The coefficient of
friction reduces with increasing reduction. The coefficient decreases as the speed
increases, under both dry and lubricated conditions.

S
[}

Lubricants
+ SAE 10, oleic acid
0.4 - & SAE 10
B SAE 10, emulsified
A SAE 60
® Dry
0.3 * Water

0.2 * ]
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[Roll speed = 160 rom ]
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0.0

I
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REDUCTION (%)
Figure 10. Coefficient of friction at160 rpm

COEFFICIENT OF FRICTION (HILL'S FORMULA)

3.5. Cold rolling of aluminium strips, using neat oils

Aluminium strips are rolled, using mineral seal oil with lauryl alcohol, lauric
acid, stearyl alcohol and stearic acid as the boundary additives, in 1, 3 and 5% (v/v)
concentrations [LEN 98]. The reduction and the speed are varied and the roll forces
and the torques are monitored. The coefficient of friction is obtained by the 1D
model, referred to above, by matching the roll force, roll torque and the forward slip.
The lowest coefficient of friction is produced by the lauryl alcohol, except at low
speeds and high concentrations when use of the stearyl alcohol creates similar data.
The results are shown in Figures 11 and 12.

4. Discussion

The coefficient of friction decreases with the rolling speed in all instances. It
falls with increasing reduction during cold rolling of steels and increases during hot
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rolling of soft aluminium. When aluminium is cold rolled using mineral seal oil and
various boundary additives, the coefficient falls or rises with increasing loads.

Analysis of the effects of the parameters of rolling on x# may build on the
fundamental phenomena, based on adhesion and the origin of frictional resistance,
resulting from the need to separate the adhesive bonds at the contact. The hypothesis
is applied directly in dry rolling where the new, flattened asperities are close enough
for the bonds to form. In the experiments rolling steel with steel rolls, the affinity of
the metals is high and the bonds thus created are quite strong. As the reductions
increase, the metal’s strength increases. The true area of contact depends on the ease
with which the metal deforms plastically; the harder the metal, the less the asperities
will deform. The data show that y decreases as the reduction increases at both low
and high speeds and the effect of strain hardening overwhelms the rate at which new
bonds are created.

0.50
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,% 0.40 lauric acid
(S) laury! alcohol
x
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W 020
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8 0.10 -
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0.00 , , .
0 20 40 60 80
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Figure 11. Coefficient of friction as a function of the reduction and the additives;
20 rpm

The fall of g with increasing loads when rolling harder metals is aided by the fact
that as the pressures increase beyond the yield strength, the coefficient must drop,
since the shear stresses cannot rise above the shear yield strength of the metal. This
limit, however, has not been reached when rolling with lubricants was performed.
When rolling strips of much softer aluminium [KAR 85] friction increased with the
reductions.

The viscosity of the lubricant and its pressure and temperature sensitivity affect
the interactions, as does the volume of it entering the contact zone. As the speed is
increased, more lubricant is dragged in to coat the surfaces and the coefficient of
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friction decreases. As the pressure increases so does the viscosity, and as the
viscosity grows, frictional resistance falls [SCH 83]. As the reduction increases the
interfacial temperatures rise, leading to lower viscosities and higher frictional
resistance. The pressure effect appears to be more dominant than these when steel is
rolled but the temperature effect governs when soft aluminium is rolled hot or cold.
During cold rolling of soft aluminium, use of different boundary additives appeared
to affect the temperatures at the contact, see Figures 11 and 12 [LEN 98]. Some of
the additives enhanced the increase of the surface temperatures while the others
allowed some cooling.

In one of the sets of tests on steels —~ see Figures 9 and 10 — another boundary
additive, oleic acid, was used in the SAE 10 lubricant, in 5% concentration (v/v).
The role of the boundary additive is to help in the creation and the maintenance of a
thin film of the oil during contact. When rolling steels, the interfacial pressures are
significantly higher than for the aluminium strips and the beneficial effect of the
added oleic acid has not been observed. It is probable that the use of an extreme
pressure additive would have aided the role of the oleic acid.
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Figure 12. Coefficient of friction as a function of the reduction and the additives;
100 rpm

Use of the emulsion brings in further parameters. The droplet size, its standard
variation within the spray, its concentration, the emulsifier and its concentration are
all involved in the process and in the determination of the nature of the lubricating
mechanisms. These mechanisms are the droplet-capture, which depends on the
adhesion between the droplet and the moving surfaces, and plate-out. There is
probably no time for plate-out to occur [NAK 88]. There is some indication that the
oil droplets entered the contact zone since use of the emulsions created conditions
very similar to those of the other lubricants.
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Use of the water only caused very low coefficients of friction — the lowest at low
speeds and among the lowest at the higher speed. The viscosity of water is very
much lower than that of the light mineral seal oil. As well, water is incompressible.
The coefficient of friction data indicate the probability of nearly complete separation
of the rolls and the rolled metal, almost as in a hydrodynamic condition.

The interactions of the phenomena determining the nature of the mechanisms in
the contact zone are illustrated in Figures 13 and 14. The effects of the relative
velocity on the process are shown in Figure 13 while that of the reduction are given
in Figure 14. During a particular rolling pass the following competing mechanisms
are active:

— the rate at which the pressure on the lubricant increases;

— the rate at which the viscosity of the oil increases, leading to lower friction;

— the rate at which the number of contacting asperities grows, leading to higher
friction;

— the pressure at which the lubricant layer breaks up, leading to higher friction;

— the relative velocity and the amount of lubricant drawn into the contact region;

— the orientation of the grooves formed by the asperities, aiding or impeding the
spread of the lubricant within the contact zone;

— the growth of the bite angle, leading to more oil in the roll gap and

—the increasing surface temperature with increasing loads, leading to lower
viscosity and thus, higher friction.

[ friction drops with increasing relative speedj
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Figure 13. Effect of the interfacial relative velocity on the tribological mechanisms
in the flat rolling process
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These phenomena are connected to those shown in Figure 14 below, detailing the
interconnections of the mechanisms affecting friction as the reduction is changing. If
numerical data on these effects were available, a predictive relationship for the
coefficient of friction may be developed. At this point in time that relationship is not
yet obtainable.
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Figure 14. Effect of the reduction on the tribological mechanisms in the flat rolling
process

S. Conclusions

The use of the embedded transducer—pin combinations was shown to yield
accurate values of the coefficient of friction. These values depend on the process and
material parameters and it is the interactions of the parameters that determine their
magnitudes. The coefficient of friction decreases with increasing speeds. It increases
or decreases with increasing reductions, depending on the interaction of the
material’s strength, the lubricant’s viscosity and its thermal properties and the
roughness of the contacting materials.

The coefficient of friction during dry rolling of steel strips is in the range of 0.1
to 0.3. When neat oils are used at higher speeds, it drops to 0.06 to 0.15. Using
emulsions appears not to affect the frictional resistance. When cold rolling soft
aluminium with various lubricants, 4 varies from a low of 0.05 to as high as 0.4. In
general, under similar circumstances, the softer the metal, the higher the coefficient
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of friction. Hot rolling soft aluminium with emulsions indicated frictional
coefficients in between 0.05 and 0.25.
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Introduction

In modelling metal forming processes, whether analytically or with the help of
numerical approaches, e.g. the finite element method (FEM), the input data
determines the results. Therefore, a lot of effort is put into the acquisition of
quantitative modelling data [PHI 93]. The measurement of the stress-strain-curves of
metals is one of the important tasks. In conventional metal forming processes, up to
strain rates of 300 sec™ a lot of data can be accessed through various sources. The
acquisition of stress-strain properties relevant to the metal cutting processes is still in
its research state. Thermal bulk properties of materials can be measured exactly as
well and are accessible.

The properties of the contact, however, are far less understood and less data is
available. This applies to thermal problems where the heat transfer between
contacting bodies is strongly dependent on contact pressure as well as on the
properties of the surfaces.

This applies even more, however, to the mechanical side of the contact. The
solution of the variational problem of metal flow, that can be solved using the finite
element method, as well as analytical approaches, take the frictional forces into
consideration. The FEM can incorporate quite sophisticated formulations of the
dependency of the friction stresses on surface or bulk material properties [KOB89].
In most cases, however, Coulomb’s friction law or the law of constant shear serve as
a basis for the implementation. This is mainly due to the fact that the basis of
measurement of frictional properties, if available at all, is these laws.

Frictional properties are most dependent on the surface roughness and further
surface properties [BAY 97]. Additionally, the sliding velocity and sliding distance
(‘friction history’) influence the friction forces. First attempts to incorporate these
considerations into measurement and simulations have been made [SCH 99], but
these are far from being implemented into mainstream modelling activities.

This paper presents different examples in the field of cold forming. Simulations
have been used in order to get more information about the tribological contact in
cold forming operations. Additionally, examples are presented in order to
demonstrate the influence of the frictional properties on the simulation results.

1. Calculation of contact pressures

The effectiveness and economics of a metal forming operation is, besides other
factors, determined by the wear of the tools, as well as by the environmental impact
of the process.

Currently, the lubrication in cold forming is quite aggressive. In cold forging, a
workpiece pretreatment is used. The workpiece is coated with a zinc phosphate layer
that bonds closely with the ferrous bulk material. The zinc phosphate layer then
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reacts with a sodium soap, forming zinc soap, which adheres to the workpiece
surface very well. The zinc soap itself can serve as a lubricant during the cold
forging process. In most cases, an additional lubricant, either a solid lubricant like
MoS,, or mineral oil, is applied as well [BAY 94].

In fine-blanking, workpiece pre-treatment is not possible. Lubrication is applied
through mineral oils with a high additive content. The fluid is applied through
brushing or spraying onto the sheet surface. For difficult fine-blanking processes,
chlorinated oils are still in use [REI 98].

The use of hard coatings on the tools of cold forming processes is intended to
overcome these problems: On the one hand, hard coatings can reduce the wear of the
tools and thus increase tool life. This has been shown to be effective in numerous
applications in metal forming. On the other hand, hard coatings can allow for the
reduction of environmentally hazardous additives in lubrication or may render the
workpiece pretreatment in cold forging unnecessary. Therefore, hard coatings can
lead to more environmentally friendly production. In order to further develop hard
coatings or coating systems with special regard to cold forming processes, it is
necessary to know the tribological contact in great detail. The mechanical and
thermal loads on the surface have to be evaluated. Besides analytical approaches, the
finite-element method can be used. In a coupled simulation, it allows for taking most
of the physical phenomena in the tribological contact into consideration.
Additionally, the dependence of physical values on input or solution values (like
temperatures) can be taken into account.

In order to evaluate the tribological system in cold metal forming processes, the
local sliding velocity and the local contact pressure between the plastic workpiece
and the elastic die need to be known. The finite element simulation of the forming
process is a powerful tool in obtaining these data. Nevertheless, the basic rules of
simulation apply: only the correct input data will lead to correct results. On top of
this, different aspects of finite element modelling have a big influence on the results:
the mesh density and the material law (plastic or elastic-plastic) used for the
workpiece will lead to different results.

Numerous process properties have an influence on the results of the forming
operation. This includes the macroscopic geometry of the workpiece and dies, the
material properties as well as frictional constraints. However, some of the properties
cannot be incorporated in the simulation on the macroscopic scale. The surface
roughness of the contacting bodies, or the coating of the tools can only be represen-
ted in models that only cover smaller dimensions. Then again, simulations on
smaller scales need the results of the macroscopic simulations, e.g. the macroscopic
contact stresses, depending on the geometry of the process, as input. Therefore a
simulation sequence on three different scales has been implemented as shown in

Figure 1.
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Figure 1. Sequence of modelling in different scales

Figure 1 shows the sequence of macroscopic process simulation, microscopic
roughness simulation and the simulation of a single surface roughness asperity.
These are linked in order to eventually evaluate the stresses near the surface of the
tool. The contact stress results of simulations in the bigger scale are input for the
simulation in the next smaller scale, respectively. As well, the temperature that is
calculated in the macroscopic process simulation defines one important input to the
evaluation of the tribological system. On the mesoscopic scale, the roughness of the
surfaces can be represented in the simulation model. This leads to the calculation of
stresses in the combined normal pressure and sliding, Finally, on the microscopic
scale, it is possible to model the coating on the tool as an object in the simulation.
The coating can have different properties from the substrate material. Stresses within
the coating can be evaluated. With this combination of simulations on different
scales, it is possible to define coating properties that are expected to lead to a
prolonged tool life.

1.1. Calculation of contact pressure in fine blanking

The fine blanking technology has evolved from normal blanking due to the need
to produce a crack-free, sheared surface with higher accuracy. Additionally, fine
blanking yields a lower roll-over, less burr and better tolerances. All this is achieved
by using additional tool elements. The blank holder and the counter punch induce a
higher hydrostatic pressure in the shear zone which increases the forming limit of
the sheared metal. The high accuracy of the part is a side effect of the more
controlled metal flow.

However, the additional forces through the counter punch and the blank holder
lead to additional contact stresses between workpiece and tool. Therefore,
tribological problems are more difficult than in normal blanking.
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An example fine blanking process has been simulated (Figure 2). Main punch
diameter is 21 mm, sheet thickness is 7.5 mm. For a workpiece material with an
initial yield stress of 400 N/mm’, increasing to 1100 N/mm’ after forming, a
maximum contact pressure oy of 3500 N/mm’ is calculated at the cylindrical area
near the cutting edge of the main punch.
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Figure 2. Calculation of normal contact pressure in a fine-blanking operation

1.2. Calculation of contact pressure in cold forward extrusion

Cold forging and extrusion processes have been made possible by what is
nowadays a standard industrial method of workpiece pretreatment with zinc
phosphate. The comparatively high yield stress of metals at cold forging temperature
leads to high contact stresses between tool and workpiece.

For example, in the forward extrusion process, the maximum contact stress has
been calculated to be about 2800 N/mm? [KLO 99] (Figure 3). The punch has a relief
feature which is not visible in this figure. It is obvious that the proper description of
the friction between tool and workpiece is important with respect to the results
gained from these simulations. In general, higher friction forces lead to an increase
of the calculated process forces. This has a direct effect on the stresses calculated
between tool and workpiece, thus influencing the calculations that will be presented
in sections 1.3 and 1.4.
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Figure 3. Calculation of normal contact pressure in backward extrusion

1.3. Roughness simulation

The FEM can be used to calculate elastic and plastic deformation in the
mesoscopic dimension of contacting bodies. Figure 4 shows the simulation set up
for such a simulation. A part of a measured roughness profile is used to build two
meshes which are brought into contact with each other.
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Figure 4. Modelling roughness with the FEM
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In the initial steps of the simulation, a pressure (as calculated in macroscopic
simulations) presses the left object (plastic, representing the workpiece) onto the
elastic object (representing the tool). The pressure is built up in several time-steps in
order to make it possible to examine the development of the surfaces in contact and
the contacting stresses.

Figure 5 shows the results of the roughness modelling. The pressure acting on
the plastic workpiece is much bigger than the flow stress of the material. It was
taken from the slanted front of the backward extrusion punch (Figure 3) and
amounts to 2500 N/mm’. The flow of the left object’s boundaries is constrained to
prevent upsetting. The two objects do not touch evenly in all the possible contact
areas. In cases of deeper cavities, the plastic material is not able to generate the same
contact stresses in the centre of the cavities as on the peaks. Therefore, higher
stresses arise at the peaks of the single asperities. Since the flow stress of the tool
material is not reached at any point, it is a realistic approach to assume only elastic
behaviour in the tool.

Figure 5. Results of the roughness modelling with the FEM

As can be seen in Figure 2 and Figure 3, the macroscopic contact stress is higher
than the flow stress of the workpiece material. This is due to the high hydrostatic
pressure that is generated in the metal forming operation, either backward extrusion
or fine-blanking. However, the micro asperities are subject to an even higher contact
stress.

1.4. Single roughness peak simulation
The results of the previous simulation are used as input for the simulation of a

single surface asperity. In this simulation, only one tool surface asperity is brought
in contact with an asperity of the workpiece. The workpiece material is moved into
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direction of the tool until the calculated normal pressure reaches the one calculated
in the simulation shown in section 1.3. A hard coating on the tool material can be
modelled in this scale as well (Figure 6).

With this model, it is possible to simulate the influence of coating properties on
the stress state in the tribological contact. The Young’s Modulus of the coating has
been set to 160 GPa, 210 GPa and 260 GPa, which is respectively lower, equal to or
greater than the Young’s Modulus of the substrate. Consequently, the stress state in
the coating varies. This is shown qualitatively in Figure 6 because the residual
stresses in the coating are not included in the calculation yet. Increasing Young’s
Modulus of the coating in comparison to the one of the substrate, leads to an
enlargement of the tensile stress field in the coating, as well as a rise in the
maximum value of o,. This is supported by results of other researchers [BUS 98],
[ROZ 89].
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Figure 6. Modelling of a single surface asperity with a hard coating

At the beginning of this simulation, the coating is modelled free of any residual
stresses. Current industrial hard coatings exhibit compressive stresses after the
coating process. The stresses that are calculated in the simulation shown in Figure 6
are thought to be superimposed on the residual stresses after the coating process.
This holds true, as coating and substrate are only subjected to elastic strain, and
therefore to linear material behaviour. Although it is difficult to state absolute values
of tensile stresses in the coating during the metal forming process, the trend of
decreasing maximum principal stress in the coating with decreasing Young's
modulus of the coating indicates a goal for coating development.
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2. Workpiece geometry in fine blanking

The material flow during fine blanking is strongly controlled by the tool
Nevertheless, friction has a big influence on the resulting geometry. As a common
practice in industry in cases when roll-over formation tends to result in a part that
does not meet the geometric specifications, the front sides of the main punch and die
plate are de-coated through a grinding operation. This leads to higher friction forces
which leads to a better part geometry, even though wear resistance on the tool fronts
is obviously worse. Figure 7 shows an example of how this is being examined with
FEM. The friction properties between the blank and the tooling are varied in order to
influence material flow. The resulting geometry clearly shows differences: the roll-
over in the remaining blank does not significantly depend on the friction coefficient
between the blank holder, the main punch and the blank. The roll-over in the
blanked part (disk) changes much more: the roll-over height increases from 0.29 mm
to 0.47 mm, while its length increases from 1.73 mm to 2.42 mm.
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Figure 7. Examination of workpiece geometry with varying friction properties

Industrial experience shows that the stress-strain behaviour of the workpiece
material has a big influence on the formation of roll-over as well. Materials with
higher yield stress exhibit lower roll over [HAA 84]. The well-directed application
of coatings with specific tribological properties in the appropriate locations opens up
another possibility to improve workpiece geometry in the fine-blanking process.
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3. Ductile fracture

The main aims of the application of finite element simulation of metal forming
processes are the calculation of process properties like force, workpiece geometry,
strain of the workpiece and stresses in tool and workpiece. This information can be
used in the design stage of the forming operation in order to create an optimal
process layout. Another important piece of information in the process design, for
which the application of finite element analysis can be beneficial, is the appearance
of ductile fracture. The process parameters of cold forging, as well as of fine
blanking processes, can be optimised with respect to the formation of ductile
fracture as well. Numerous criteria for ductile fracture have been proposed. Most of
these criteria originated when metal forming processes were analytically treated with
methods of elementary plasticity theory (e.g. upper and lower bound or slip line
field methods). As the calculation of local forming behaviour was quite time
consuming, the criteria for ductile fracture focussed on global characteristics of the
forming process. Advanced criteria calculated the formation of ductile fracture by
comparing a critical value with a “damage value” which integrated some
components of the stress tensor over the equivalent strain. With the help of
coefficients, these criteria could always be refitted to quantitatively predict the
formation of ductile fracture in one metal forming process. However, it has been
shown that by using the same coefficients and critical damage values, the prediction
of fracture in a different process did not lead to sufficiently exact results [BEH 98].
This can be explained by the fact that these criteria integrate the stress-strain history
into one critical value and, by doing so, neglect important information of the
forming history.

The finite element method (FEM), in combination with an intelligent evaluation
algorithm is expected to overcome this limitation. The simulation is capable of
calculating the full forming history, i.e. the complete stress and strain tensor, with a
deliberately fine resolution in geometry and time. This full forming history
information can then be analysed in order to detect critical stress-strain (tensor)
paths, that lead to ductile fracture.

Figure 8 shows an example of an axial compression / radial extrusion operation.
The coulomb friction law with coefficients of 0, 0.1 and 0.3 has been used. In this
case, the stress-strain path depicted with the development of selected elements of the
respective tensors, varies only a little with the frictional boundary conditions. The
influence of the frictional boundary conditions on the simulation results that are
relevant for the prediction of ductile fracture, are quite small: the process force
varies from 60 tons at p = 0 to about 90 tons at p = 0.1 and does not increase much
more with a further increase of the friction factor. The plot of the stress path,
however, shows, that the vanation of the friction factor has only very little effect on
the stresses during the forming process. However, in processes where different
friction has an effect on the final shape of the product, or where the friction stresses



Friction in Modelling of Metal Forming Processes 45

change the stress state in the material for which ductile fracture should be predicted,
the proper selection of the frictional boundary conditions may be more important.

Simulation Set-Up —~————— Force
Initial stage [ Coulomb friction law: | 100
| =¥ | m=H Oy 11
| N\ Flow stress data: | 804
| ky =400 Nimm? ‘ | 40l
‘ r=10mm| k= 400 Nimm? I 20 |
Sooo o |
0 |
2 L Begin  Process time End )
2 Stress History inPoint 1~ B p=0, p=0.1
| — p=03 !
[
. |
| I

Maximal Principal Stress Stress Theta

Point 1 |

£ 400 2
J Begin Process time End Begin Process time Em_)l

|\

Figure 8. Influence of frictional properties on the calculation of stress-strain paths

4. Conclusion

Tribological phenomena can be examined with the use of the finite element
method (FEM). Macroscopic contact stresses serve as input for the simulation of
rough surfaces, leading to the simulation of a single surface asperity. This allows for
the definition of coating properties needed in cold forging processes.

The importance of the friction factor has been shown in the simulation of a fine
blanking process. Different friction factors (using the law of constant shear) lead to
different workpiece shapes.

The prediction of ductile fracture, which is another piece of information that can
be gained from a finite element simulation, is — in the case presented in this paper —
less prone to changes in the frictional boundary constraints. Depending on the metal
forming process, the stress-history of the metal changes only a little with different
friction factors. Other processes may react much more to friction, though.
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The importance of quantitatively correct input data for the execution of finite
element simulations is well known. This paper shows that in general, this also
applies to the input data concerning contacting bodies as well.
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1. Introduction

Every time a new piece is forged, the residual life of the dies involved in the
forming operation decreases due to wear phenomena until the maximum allowed
wear is reached: at this point the dies must be substituted or, if possible, reworked.
To forecast the wear level is a fundamental task in cost definition for the piece
produced.

Wear can be correlated to several working parameters and mainly to sliding
length, normal pressure and tool hardness according to Archard’s model [ARC 53].

The aim of the present paper is to analyse the influence of friction on these
variables and, consequently, on die wear in a hot forging operation, particularly the
stamping of a flange. The information derived from the model, once validated, can
be utilised to correctly design the dies and define the process variables.

In particular the steps followed during the present research have been:
— to define a suitable wear model;

— to implement this model in an F.E.M. program;

— to validate this model with experimental tests;

— to extend the results of the model in forecasting the material behaviour varying
the friction factor.

The wear model, found in literature, has already been applied in turning and
extrusion, furnishing appreciable results [CER 95, PAI 95]. Particularly, wear of the
dies is mainly considered abrasive due to very hard particles placed between piece
and die which progressively damage the dies.

After an initial study where the results of the proposed model are compared with
experimental data, in successive simulations friction has been varied in order to
highlight its influence on both material flow and die wear.

The most interesting parameters investigated have been: material flow (velocity)
in the billet, stresses on the dies (pressure), temperature distribution both in billet
and dies (this affects the die hardness) in order to forecast the wear on the dies. The
simulation results have shown how both friction and temperature affect the die wear
even if it seems that each zone of the dies must be treated separately from the others.

As already said, we tried to apply the method (for validating it) and to analyse the
friction influence studying an actual process, i.e. the stamping of a flange. The
deformation process is divided into two successive steps: in the first step the billet is
simply upset, while the second step is the forging into closed dies with flash
formation. Both of them are performed with a hammer. This means that we do not
have a constant descending velocity for the upper die, but a total energy value.



Friction and Wear in Hot Forging 49

Due to the particular geometry of the flange, a two-dimensional asymmetrical
approach has been used. To correctly represent the actual phenomenon, a non-
isothermal simulation has been utilised.

The experimental tests have been conducted in co-operation with a company.
Other information has been found in the literature or from actual practice or from
metals handbooks [AV 1, AV 2, ALT 83].

2. Wear study

To predict die wear is a fundamental task when designing a new tool or die. In
fact, the choice of the appropriate die geometry (rake angles, fillet radii, etc), die
material and lubrication conditions at the die workpiece interface affect the die wear
which results in bad final quality of the produced part and in die life reduction. To
know the critical points for wear development will allow better die design, changing
the die geometry or thermal treating the die surface or using harder material for all or
part of the dies themselves, and the identification of the optimal lubrication
conditions.

In the present paper the data coming from FEM simulations are used to forecast
the die wear and to understand the role played by friction in wear development.

The simulation code is a commercial one and it is a Lagrangian two dimensional
finite element program (DEFORM®) [DEF 1]. The research consisted of four main
points:

1. definition of the appropriate wear model and of the experimental case study
(industrial problem);

2. extraction of the simulation data and estimation of the die wear through a
calculation subroutine;

3. comparison between the die wear prediction and the experimental wear
profile;

4. analysis of friction influence on die wear.

3. An approximate wear model

Estimation of wear using FE simulations requires that appropriate wear models
be available in a discretised form. The wear model considered has been suggested in
the literature [ARC 53, FEL 80, REN 83], for tool wear prediction. This model was
found to give reasonable results and, therefore, it is used in this paper.

Namely, the die wear is abrasive wear, due to the presence of harder particles
(included in the surface of the workpiece material), at the interface between die and
piece. These particles remove material form the die and scratch the die surfaces.
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When many parts are worked, the wear phenomenon becomes relevant and the final
part dimensions could be out of tolerance or the die could be damaged losing its
surface treatment (Figure 1).

[ Workpiece | [ Material fiow | I
Very hard
particles

(5

Figure 1. Schematics of the abrasive wear phenomenon: it is due to very hard
abrasive particles included in the workpiece surface at the workpiece-die interface

The original wear model, according to [ARC 53 and REN 83], states that:

V=K-q—; [

where:

14 is the wear volume

K is a constant which depends on the material couple and the

interface conditions

is the normal pressure acting between piece and die

is the length of the zone where sliding takes place

H is the hardness of the worn die: this hardness depends on the die
temperature

N

The model, derived from the previous formula, utilised to study the abrasive die
wear, can be written as follows:

X P Vi dt
Zp —J 1 He (2]
where:

Zxs is the abrasive wear depth

r is the local pressure

v is the local sliding velocity
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dt represents the incremental time interval
Hy is the tool hardness
Ky, ay, by, ¢ are experimental constants.

The integral is extended from the beginning to the end of the forming process and
it must be considered as cumulative wear. Obviously this wear depth must be
considered locally on the die because the several figures involved differ from one
point to each other.

For prediction of wear, the exponent values a;, and b, are commonly taken to be
equal to unity while ¢ is taken equal to 2 (for steel). These exponents can be
modified by the user in the wear program, though for fine tuning purposes.

The coefficient K; simply scales the magnitudes of the predicted wear profiles,
and it is found experimentally by comparing the predicted wear profiles with the
actual measured wear profiles [FEL 80].

It is essential to note that the abrasive wear model always predicts material
removal from the tools.

In previous work this approach has already been applied trying to identify the
several figures of expression (2) all along the deformation process [HAN 90].

4. Implementation
Once the wear model has been chosen, a subroutine for automatic wear
estimation has been implemented.

The wear model allows us to evaluate the wear of each point of the die surface
through a time integral, extended along all the process duration, as a function of
hardness, local pressure, relative velocity between piece and die and temperature.

The expression proposed has been rearranged for our study according to the
following:

dl v
Zgp=K,-
4B 1 J;M‘(__)Hd j' "

for each mesh node of the simulated dies (Figure 4). In expression (3) we have:

ZsB is the abrasive wear depth for one node
n is the total number of steps

At is the time interval

Di is the pressure

Vj is the node sliding velocity
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H, is evaluated once the temperature of the node is known according to the graph
reported in Figure 6. All of these figures refer to the j-th step of the simulation.

S

Material

(databases )

F.EM. Q

Output of the
simulation step
by step

Post processor
programme for
wear calculation

simulation
programme

Figure 2. Schematics of how the method is implemented in our calculation
environment

The developed programme (post processor of the FE analysis) is able to extract
all these figures from the simulation database and calculates, for each step and for
each node of the two dies, the incremental Z,p values from the beginning to the end
of the process. The schematics of the method implemented is reported in Figure 2.

5. The case study and the model validation

The case study, developed in co-operation with a company, refers to the
industrial hot forging of a flange between closed dies (Figures 3 and 4). The
production steps of the flange are: heating of the billet to 1200°C, forging between
flat parallel dies, stamping in closed die with flash formation, removal of the flashes.

The two deformation steps are performed with a hammer: this means that the
FEM programme does not work with a constant descending velocity for the upper
die, but it bases its simulation starting from the total energy. In order to do this the
“hammer energy” option has been activated. This energy has been evaluated on the
basis of the hammer mass plus the die mass, the falling height, the gravity
acceleration and the process efficiency (77).

E=(Mhammer+Mdie)'h'g"7 [4]
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Figure 3. The workpiece studied: the model and the actual piece

The forging and stamping phases are realised with a hammer of 4000 Kilos
(including the dies weight). All the data for the FEM model implementation come
from industry: dies and billet geometries, flow stress for billet (S355J2G3) and dies
(H13), working temperature (1200°C for the billet and 300°C for the dies) and
hammer energy and efficiency.

The FEM model is axi-symmetrical, the simulation type is non isothermal.
Friction at the die work-piece interface has been modelled as shear, with a constant
value of m = 0.35.

The two forging steps have been simulated and attention has been focused on the
stamping step which is critical for the die wear analysis (Figure 4). The simulation
results, in terms of material flow, pressure acting on the dies, piece and dies
temperatures, have been extracted and implemented in the wear calculation
subroutine.

In order to compare the ability of the simulation procedure to represent the actual
wear on the dies, some experimental measures have been conducted by means of a
probe mounted on a measuring machine. Experimental observation has shown that
the most worn zones are those reported in Figures 4 and 5.
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Figure 4. Initial, intermediate and final phases of the second step of the deformation
process (m = 0.35); the most worn zones from experimental evidence are
highlighted

In this way it has been possible to sample the wear level on a predetermined
point of the dies profile. By executing the calculus reported in paragraph number 4,
the theoretical wear has also been evaluated. As already said in paragraph number 3,
a suitable value for K; has been chosen in order to correctly scale the magnitude of
the calculated wear.

The hardness was considered to be a function of temperature according to Figure
6 (from literature) [AV 1, AV 2].
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Figure 5. Zones where the comparison between FEM results and experimental
evidence are compared
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Figure 6. Hardness vs. temperature behaviour

Figure 7 shows the original die profiles, the measured profiles (worn dies) and
the calculated wear (m = 0.35). It can be noticed that with a value of K| = 1000 the
experimental results and the wear model results are in good agreement.
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Figure 7. Comparison between original profile, calculated and measured
(experimental) wear along the upper and lower dies (m = (.35)

6. Friction influence on die wear

Once the model and the approach have been validated, further simulations have
been conducted in order to outline the influence of the several parameters involved
and to furnish important suggestions in the design of forging operations.

The two die profiles have been divided into eight areas (four for the upper and
four for the lower die) according to Figure 8.

Upper Lower
| i [ 1 3rd DT U . — ¥
% ——4: an/ i
L1 37, 1
[ '
L st N 1+
! |
e o R “ .
s I i

Figure 8. Subdivision of the upper and lower dies into four different zones

The simulations have been conducted varying the friction factor m (equal to 0.2
and 0.5). The results obtained are reported in Figure 9. This figure shows how the
wear level varies locally as a function of m. The four different zones (for upper and
lower dies) are represented.
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By analysing the results of these simulations, it is important to note how a
general behaviour could not be outlined. The most important information is:

— the most worn zones remain the same even if the friction factor varies;

— in some cases it seems that the wear level could be directly linked to the m
value, but, generally speaking, there is not a direct effect.

As a consequence, we can say that:
— a single zone must be studied individually;

— an important role is played by the material flow (i.e., the process history) and
the velocity field, i.e. the geometry of the dies.

This is quite evident if we refer to the wear expression chosen (formulas 2
and 3). In fact, while it is clear how the single contribution Z,5 reported in formula
(3) directly depends on p, v and H values, it is not the same for m. In fact, we can
expect higher p values and higher temperatures (and consequently lower H) as
friction increases.

On the other hand v has a completely different behaviour as the compression
takes place:

— in the initial phase, the material flows with lower “centrifugal” velocity while
the die cavities are filling;

— in the final phase, the die cavities being already filled, the material is obliged to
increase its radial velocity.

This is confirmed by Figure 10 where the velocity distribution and the piece
deformation are reported.

These figures report differences in the plastic flow when considering different
friction factors. This means that not only the several figures investigated (local
velocity, local pressure, hardness) are different during the compression process, but
also the history in the plastic flow, i.e. the integration extremes and, consequently,
the time steps At. Note that at equal time (in the examples 0.826 sec.) the strokes are
different for the three cases. This means that each zone must be studied
independently one from each other.

Another confirmation is given in Figure 11 where the behaviour for the figures
involved in wear definition are plotted for a given point (one of the most worn) as
the deformation process takes place. It is possible to see how when the friction
increases also the pressure grows. The opposite is for hardness being inversely
dependent on temperature. Finally, the velocity behaviour is also confirmed: in the
first phase we have higher velocity at low friction while in second phase the
behaviour becomes the opposite having higher sliding velocity and high friction.
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Figure 9. Comparison between the wear level along the several zones of the upper
(A)and lower (B) dies as function of friction factor
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7. Conclusions

In the present paper an analysis on the wear level as a function of the friction
factor m has been carried out. From the validated model (compared with

experimental tests) a general behaviour has been investigated. The results of this
research are reported in chapter 6.

First of all the wear model has proved to be valid. In fact, the experimental worn
profile matches perfectly the results obtained with the analytical model. This is
important for the die design. Being able to forecast the wear profile will enable one
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to choose the appropriate die geometry and working conditions improving the dies
life and the part quality

In conclusion we can say that for some zones the wear increases with =, while in
others it decreases. This means that, first of all, we have to limit our investigation
only to where the wear is higher and, secondly, that an increase in friction does not
correspond to a general increase in wear level.

This is also confirmed from previous work [HAL 90] where it has been shown
how less wear is found when relatively rough surfaces for the dies are considered.

An important role is also played by the plastic flow history in as much as the
sliding length and velocity greatly depend on it.

Moreover, the validity of the FEM approach for process optimisation has been
proved. This gives the designer the possibility of forecasting quite correctly the wear
level reached during the forming process in order to project them minimising the
maintenance operations on the dies.
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Figure 10. Differences in strokes, material flows and velocities at the same time step
Jor the three considered cases (Am = 0.20, Bm = 0.35, Cm = 0.50)
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Figure 11. Behaviours for the figures involved (A pressure, B hardness, C velocity)
in the wear definition along the deformation process for a given point (one of the
most worn). This point is highlighted in D
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1. Introduction

The role of machining process modelling is recognised in industry, due to the
relevant advantages that an effective and reliable theoretical model can supply. Such
a model would in fact represent a very powerful tool to design cutting tools and to
select the cutting conditions, dramatically reducing the amount of trial and error
expensive experimental tests, which are normally carried out for this purpose.

Within this framework the potentialities linked to the use of advanced numerical
models and in particular finite element techniques have been recognised by a large
number of researchers all over the world [STR 85], [STR 90], [SHI 95], [MAR 95],
[VAz 98]. Nevertheless, it is worth pointing out that up to now no general and
reliable models have been developed and that the industrial applicability of FEM
techniques for a quantitative analysis of machining presents large difficulties. In
particular, the characterisation of material behaviour at the strain, strain rate and
temperature which occur during the cutting process, the definition of the frictional
conditions at the chip-tool interface and the development of effective chip separation
criteria probably represent the most relevant and still partially unsolved problems.

In the paper attention is focused on some basic aspects of friction modelling in
cutting and in particular on the influence of friction modelling on the effectiveness
of the numerical simulation of the process. The paper is subdivided in two different
sections. In the former some of the most important friction models up to now
proposed in the technical literature are taken into account and utilised to carry out
numerical simulations of a typical orthogonal cutting process characterised by
continuous chip. Attention was focused on the analysis of the influence of friction
modelling on some of the most important results typically supplied by a numerical
simulation of machining. In particular the predictive capability of the cutting force,
the chip contact length, the chip thickness and the shear plane angle were analysed
comparing the numerical data with the results of some experimental tests.

In the latter part of the paper, another orthogonal cutting process characterised by
segmented chip formation is discussed. A reliable chip separation criterion was
implemented through a proper user-subroutine and the influence of friction
modelling on the prediction of chip shape was analysed.

2. Orthogonal cutting with continuous type chip
2.1. Basic remarks about numerical simulations

First of all any numerical simulation must be based on a suitable material
characterisation to be effective. It is well known that during an industrial machining
process very heavy conditions occur so far as strain, strain rates and temperatures
are concerned: the material undergoes large effective strains, (€21), very high

effective strain rates, (E =10*+10% 57! ), and high temperatures (T>300°C).
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All the tests presented in the first part of this paper refer to the orthogonal cutting
process of mild steel (AISI 1035) specimens. Thus the flow stress was expressed as
a function of effective strain, effective strain rate and temperature, according to the
model proposed by Shirakashi, Maekawa and Usui {SHI 83] and utilised also by Lin
and Lin [LIN 92];

E 0.0195
of = AplT,e] — g§%2l MPa
r = Al LOOOJ [MPa]

AolT,5)=1304¢-000118T + 3396000001847 ~(643+23 51a(¢/ 1000))P

The above flow stress model maintains its validity within the following variables
range: T =(293+970) °K, € =(0.05+2), € =(10"> +10%)s7.

So far as friction modelling is concerned, it is well known that stress distribution
on the rake face is typically non linear [ZOR 58]; [TRE 77]. Moreover, while the
normal stress monotonically increases toward the tool edge, the frictional stress first
increases but then saturates in the highest pressure zone close to the tool edge. These
observations induced some researchers to propose the existence of two distinct
regions on the rake face, namely a sliding and a sticking region. In the former zone
the normal stress is relatively small and dry sliding (Coulomb) theory is still able to
provide a suitable model for the phenomenon. In the latter, on the contrary, the
normal stress is so large that the real contact area is equal to the apparent one and
the frictional stress saturates to an almost constant value (i.e. the shear flow stress of
the chip material).

A couple of friction models able to reproduce the above described experimental
observations were taken into account and utilised in the numerical simulations.

The former is the model proposed by Shirakashi and Usui [SHI 73] which relates
the frictional stress T to the normal stress O at the chip-tool interface:

kS

t=1¢|l-e f

In the above equation t is the shear flow stress of the chip material and k is a
constant depending on the chip-tool materials combination, which allows one to fit
the experimental frictional stress vs. normal stress curve on the rake face. According
to the data reported by Usui and Shirakashi {[Usu 82], the k-value was fixed at 1.6 in
the numerical simulations. Such a value, in fact, properly fits the experimental data
for the workpiece-tool combination utilised in the research here addressed (work
material: AISI 103S5; tool material: uncoated sintered carbide — P20 grade).

The latter is a simple model which takes into account in a very straightforward
way the existence of the two regions observed on the rake face, namely sliding and
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sticking. Thus a constant coefficient of friction, according to the Coulomb model, is
utilised in the sliding region, while a constant frictional stress, equal to the shear
flow stress of the chip material, is applied in the sticking region. Such a model can
be expressed by means of the following mathematical formulation:

7(x) = po(x) when <7,
(x)=1, when 727,

T and O being the frictional and the normal stress and T; the shear flow stress of the
chip material. It is worth pointing out that in this model the extension of the sticking
region depends on the choice of the friction coefficient value in the sliding region:
this value, in fact, determines the fulfillment of the equality t = 1; and thus the
saturation of the frictional stress. A couple of different values of 4 were considered
in the numerical simulations, namely = 0.5 and 4 = 0.

Figure 1 reports the frictional stress vs. normal stress distributions obtained
utilizing the Shirakashi and Usui model and the sticking-sliding model and assuming
Tr = 500 MPa; in the latter case both the distributions for the two investigated M
values are presented.
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Figure 1. Frictional vs. normal stress distribution

In the next paragraph the numerical predictions obtained with the above
described models will be compared with some experimental results. A further
comparison will be carried out taking into account another well known friction
model, namely the constant shear model. In this case the experimental observations
about frictional stresses on the rake face are not taken into account so far and a
constant frictional stress on the rake face is assumed, equal to a fixed percentage of
the shear flow stress of the chip material: T = m 7¢, According to the data reported
by the authors in some recent publications [CER 97], [CER 98] and [FIL 99] two
different values of m were investigated, namely m = 0.5 and m = 0.8.
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2.2. Simulations and experiments

Before the simulations, an orthogonal machining experiment was performed. A
tube of AISI 1035 steel with a wall thickness equal to 3.0mm was set up for
machining on a lathe; the cutting tool was an uncoated sintered carbide (P20) with a
rake angle equal to 6°; no lubricant was used at the tool-chip interface. The tests
were carried out with two different cutting speeds equal to 95m/min (1.58m/s) and
125m/min (2.08m/s), while the feed was maintained constant and equal to
0.25mm/rev. With the above mentioned cutting conditions the continuous type chip
was observed throughout the experiments. Both the cutting force and the chip
thickness were measured; in the former case a piezoelectric dynamometer was
utilised while in the latter the chip thickness was measured both with the well known
weight method and using an optical microscope able to superimpose two different
objects in order to estimate lengths with an approximation grade equal to 0.1mm.
Figure 2 shows a typical side view of the chip.

n |

Figure 2. Chip thickness measurement (cutting speed 2.08m/s)

Figure 3 shows an upper view of the tool rake face after few seconds of cutting;
for both the investigated cutting speeds, an accurate analysis of the surface on the
above described optical microscope permitted one to distinguish the contact zone
between the chip and the tool and consequently to measure the contact length.
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Contact Zone

Figure 3. Contact length measurement (cutting speed 2.08m/s)

Table 1. Summary of the experimental results

Cutting Speed Cutting Force Chip Thickness Contact Length
[m/s] [N] (mm] [mm]
1.58 1350 0.43 0.40
2.08 1310 0.42 0.40

So far as the numerical simulations are concerned, a coupled thermal-mechanical
analysis was carried out. The workpiece material behaviour at high strain, strain rate
and temperature was described by means of the flow stress law above mentioned; as
well the other relevant physical properties of the workpiece and the cutting tool were
taken from reference {LIN 97]. Due to the cutting geometry, plane strain conditions
were assumed; in the simulations the depth of cut was equal to the experimental feed
(i.e. 0.25mm), while the width of cut was equal to the wall thickness of the tube.

Table 2 summarises the most relevant numerical results: in particular the
predicted cutting force (F.), chip thickness (t), shear plane angle (¢) and chip contact
length (1) are reported at varying the cutting speed (V) and the adopted friction
model.
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Table 2. Numerical results

Friction model Y [m/s] F. [N] t [mm] ¢ I [mm]
Constant Shear m=0,5 1.58 1290 0.41 33° 0.36
Constant Shear m=0,8 1.58 1440 0.46 31° 0.47
Shirakashi-Usui k=1,6 1.58 1300 040 34° 0.38
Sticking-Sliding p=0,5 1.58 1305 0.41 34° 0.39
Sticking-Sliding u=1,0 1.58 1320 0.42 33¢ 0.41
Constant Shear m=0,5 2.08 1275 0.41 33° 0.37
Constant Shear m=0,8 2.08 1410 0.44 32° 0.45
Shirakashi-Usui k=1,6 2.08 1284 0.40 33° 0.38
Sticking-Sliding p=0,5 2.08 1281 0.40 34° 0.38
Sticking-Sliding p=1,0 2.08 1290 0.41 34° 0.39

Figures 4 and 5 allow comparison of the predicted cutting forces and the
experimental measurements for the two analysed cutting speeds. As well Figures 6
and 7 report the predicted chip thickness and contact length values as the friction
model varies, compared with the experimental data for the highest cutting speed.

On the basis of the results reported in Table 2 and Figures 47, it is possible to
assess the following relevant conclusions:

—the friction models investigated and the assumed friction coefficients are
generally able to provide a satisfactory simulation of the physical phenomenon.
Taking into account in particular the cutting force, even if a significant scattering of
the predicted values was found out, the error was always lower than 7%; similar
conclusions may be drawn as far as the chip thickness and contact length are
concerned,;

— the latter results are probably the most relevant, since they permit a validation
of the numerical models taking into account “local” values instead of “global”
variables, such as force;

—if the hypothesised frictional conditions are heavier (i.e. if the assumed shear
factor m, or the friction coefficient o in the sliding region increase), the chip contact
length increases, the chip thickness increases and finally the shear plane angle
decreases. Such results are in full agreement with the experimental observations
reported by several researchers and are consistent with the most relevant theoretical
models;

— finally even if the simple constant shear model does not take into account so far
the experimental measurements of the stresses distributions on the rake face, it is
able nevertheless to provide quite effective results through a proper calibration of
the shear factor.
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Figure 4. Comparison of the numerical and experimental cutting force
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Figure 5. Comparison of the numerical and experimental cutting force
(cutting speed 2.08m/s)
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(cutting speed 2.08m/s)
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Figure 7. Comparison of the numerical and the experimental contact length (cutting
speed 2.08m/s)

3. Orthogonal cutting with segmented type chip

It is well known that, depending on the cutting conditions, the chip shape may
change from continuous to serrated and discontinuous. As a consequence, the
capability to forecast the final chip shape would represent a very relevant tool in
order to facilitate a better tool design and a more effective selection of the working
parameters, improving the efficiency of the cutting operation and the final part
quality [MAR 95] [KuM 97] {Jos 95] [LEE 51]. This fundamental task would be
achieved without excessive experimental tests and within a reasonable simulation
time.

The latter section of the present contribution is thus aimed to investigate the
effect of friction model and friction value on the chip morphology prediction. In
particular, two friction models were implemented, namely the Coulomb model and
constant shear model, and the simulation results were analysed in terms of the
predicted chip shape.

A customised release of DEFORM 2D was used to simulate orthogonal cutting
with segmented chip formation [CER 97], [CER 98]. This is an implicit code suitable
to calculate the state of stress, strain, strain rate and temperature inside the material
during plastic deformation, but it did not include, in the basic release, the separation
of the material. For this reason, in order to simulate the material breakage a new
subroutine was linked to the original code. In particular material fracture was
simulated by deleting those elements of the mesh for which the damage value is
higher than an assigned critical value. Several damage criteria were tested by the
authors (Cockroft & Latham, McClintock, Oyane, maximum effective strain [COC
66], [McC 68], [ATH 97], [KLA 95]), but the one which seemed to be the most
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effective to simulate segmented chip formation was a damage criterion based on the
maximum shear stress.

The maximum shear stress damage criterion is based on the assumption that the
breakage of the material occurs in the primary deformation zone when the maximum
shear stress is higher than a critical value t1,,. A FORTRAN subroutine was
implemented in the FEM code to calculate the maximum shear stress and to
compare such value with the critical one: if t,,, is higher than the critical t,, the
element is deleted [CER 97], [CER 98]. To compensate the material loss related with
the deleting of the elements, a smoothing subroutine was linked with the software.
This subroutine smoothes the border of the chip, compensates the volume loss and
facilitates the convergence of the simulation software [CER 99].

An orthogonal cutting process on low carbon free cutting steel (LCFCS)
specimens using cemented carbide tools (P20 grade) was analysed. All over the
simulations the cutting speed was fixed at 1.250 m/s, the depth of cut was 0.1 mm
and the tool rake angle was -6°. The critical shear stress values was fixed at 510
MPa; this value was derived from the material breaking stress.

Figure 8 shows a typical shear stress distribution. The maximum shear stress is
located in the primary shear zone, with the highest value very close to the free
surface of the chip. Thus this is the area where initial fracture takes place and the
chip begins to form.
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Figure 8. Shear stress distribution and location of the maximum shear stress

To test the sensitivity of friction modelling on simulation results two friction
laws were considered, namely the constant shear model and the Coulomb law. In the
former case a couple of friction factors were investigated, namely m = 0.5 and
m = (.82, while in the latter case the friction coefficient 4 was a function of the
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normal stress on the rake face,
simulations carried out.

according to [Lut 98]. Table 3 summarises the

Table 3. Simulations conducted

Simulation Friction model | Friction value
1. Shear 0.82
2. Shear 0.5
3. Coulomb Variable

Figures 9 and 10 show the segmented chip formation as the cutting tool advances
(tool path 1 mm, and 2 mm) for the simulation n.1. Breakage is located in the
primary deformation zone; it starts form the free surface of the chip and develops
inside the chip itself. The chip morphology is serrated and the chip forms uniformly
(the segments of the chip are regular and occur after the same tool path).
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Figure 10. Serrated chip: simulation set n.1, tool path 2mm
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Figures 11 and 12 show the chip morphologies obtained for the other
investigated simulation sets.

The analysis of these results permits one to conclude that the predicted chip
shape depends on the assumed friction model; in particular, for the same critical
value of the shear stress, the following conclusions can be stated:

—a serrated chip is predicted, both utilizing the constant shear model with
m = 0.82 and the Coulomb law with variable friction coefficient (Figures 10 and 12).
In the latter case, the critical shear stress is reached before, and consequently for the
same tool path more segments are observed in the chip;

—a continuous chip is predicted utilizing a friction factor m = 0.5, i.e. the
material does not reach the critical shear stress and no elements are deleted (Figure 11).
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Figure 11. Continuous chip: simulation set n.2, tool path 2mm
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Figure 12, Serrated chip: simulation set n.3, tool path 2mm
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In conclusion friction strongly affects the stress state and in particular the
maximum shear stress value, determining a relevant variation so far as the predicted
chip morphology is concerned. Increasing friction results in a segmented-type chip
instead of a continuous one, while changing the friction model results in a more
segmented chip with a lower chip spacing,

Actually a more extensive comparison with experimental data has to be carried
out in the next future in order to evaluate the reliability of the model with different
workpiece materials, cutting tool materials and geometries and cutting parameters.
Furthermore, other damage shear plastic energy on the shear plane will be
investigated. criteria will be tested. In particular, the effectiveness of a new criterion
based on the maximum
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1. Introduction

The explanation and prediction of friction in the cutting process are still major
problems that substantially limit the optimum shaping of ferrous and non-ferrous
blanks. Nevertheless, friction-oriented cutting experiments, modelling and computer
simulation of friction have resulted in the elaboration of practical methods leading to
the reduction of friction and wear. Dauzenberg [DAU 99] has postulated that lower
friction between the chip and the tool can be more effective than a harder tool
material. All tribological activities associated with the implementation of low friction
machining can be classified into the following subject groups:

—~ The reduction of the natural contact length (the friction zone) that leads to
shorter contact time, lower contact temperature and lower friction between the rake
face and the moving chip [SAD 93].

— The reduction of friction by applying coated tools layered with hard or hard
and soft composite coatings. In the chip-tool tribo-system, coating plays the role of
the “third” element, and from a tribological point of view it should result in the
reduction of friction [BOW 73].

By deposition of the soft layer of MoS; on the hard layer of TiAIN, the
coefficient of friction is drastically reduced to values of 0.05-0.15 [CSE 98]. In
contrast, typical single and multilayer coatings operate at u = 0.3-0.4. In practice, in
order to enhance the friction-lowering effect, the combined influence of the
restricted contact and coatings is utilised for the design of moulded tool inserts. In
fact, if the contact temperature is lowered, the hardness of the tool materials at a high
cutting speed is still enough to remove the work material with high efficiency. Dry
machining with a hot tool offers other real advantages. In particular, it can partly
eliminate brittle mechanisms of tool fracture, such as micro-chipping and surface
cracking, and increase the tool reliability [GRA 00].

— Minimum quantity lubrication. This technology is an answer to environmental
pressure placed on manufacturers to eliminate the coolants typically used during
machining. For example, in hard turning experiments with a bearing steel of 62-64
HRC and TiN coated tools, when an air-oil mist is supplied to the contact area, the
tool life increases by about 30% in comparison with that of the CBN tool [KO 99].

— The use of vibrations, which cause the lubricant to penetrate easily into the
contact zone.

— The use of workpiece materials with low friction additives, such as free-
machining carbon and stainless steels containing sulphur, lead, lead and sulphur,
sulphur and selenium [HAN 96].

Nowadays, it is generally accepted that improved tool life and increased
productivity under dry and hard machining conditions can be achieved by applying
complex multi-component and multilayer thin hard coatings deposited by means of
CVD (ca. 43%) and PVD (ca. 10%) techniques [KLO 98, PRE 98, HUS 98].
Chemical vapour deposition (CVD) technology is currently used to produce
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multilayered coatings combining TiC, TiN, Ti(C,N) and Al,0; films. On the other
hand, physical vapour deposition (PVD) offers more wear-resistant Al;04 coatings
with controlled deposition of a- Al,0; or k- AL0; [SOD 97] and a new generation of
PVD-TIiCN and PVD-TiAIN coatings that provides increased productivity in a broad
range of machining operations and workpiece materials. According to world-class
manufacturers of cutting tool materials [JIN 99, KLO 99] the future will be based on
tough ceramics, diamond and PCBN-based composites in the body or coating of the
tool.

Under these circumstances it is of primary importance to answer the question of
how we can utilise the vital technological potential offered by coatings for
controlling friction in the cutting process. It is obvious that additional research is
necessary to clarify the tribology of coatings with application to the cutting process
and to develop mechanistic and thermal models for the substrate/coating-chip
contact.

2. Investigation of frictional behaviour of coated carbides

The determination of friction is one of the most essential problems emerging in
the design of cutting tools and prediction of the tool life. The quantification of the
frictional behaviour of tool coatings is usually based on friction-oriented cutting
experiments and also on special friction testing that reproduces the contact
conditions at the tool-chip interface.

In a direct cutting experiment, the friction and normal forces acting on the
contact area are calculated in terms of the measured cutting and feed forces. This
data is used to determine the coefficient of sliding friction and, for the given actual
contact area, the contact stresses and the density of friction power (the frictional heat
flux).

Unfortunately, we are not able to reproduce in full-scale the contact conditions in
machining using conventional pin-on-disc testing because the wear mechanisms
involved are not relevant to that observed in machining. In order to minimise this
discrepancy, modified pin-on-disc [OLS 89, MEI 00], pin-on ring [HED 91] and
ball-on-disc [WIK 99] test devices have been developed in order to perform sliding
wear tests that simulate dry machining when using coated cutting tool materials.
Hedenqvist and Olsson [HED 91] have shown that the coating tested and the
substrate should be considered as one element termed a coating/substrate system.
Recently, Meiller et al. [MEI 00} have carried out extensive friction experiments
using a special test device including the thermal and mechanical outputs of the plain-
plain contact tribo-system. In this later and other studies {GRZ 98, GRZ 00] the vital
role of the frictional heat flux (friction mechanical dissipation) in the frictional
behaviour of the work (chip)-coating/substrate system was confirmed.

Most of the prior research has shown [GRZ 99a, GRZ 98, SAD 93] that coatings
influence the chip-formation mechanism and the tribological interaction at the chip-
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tool contact area. It was found [GRZ 99b] that the optimum choice of the thermal
properties of the coating components and the coating structure leads to a reduction of
friction between the chip and the rake. As a result, a substantial decrease in the
mechanical and thermal loads acting in the vicinity of the cutting edge was observed.
M’Saoubi et al. [MSA 98] have investigated the distribution of temperatures in the
cutting zone using the CCD- infrared technique. They concluded, based on the
experimental thermal maps predicted for uncoated and coated tools, that a top layer
of TiN with lower friction properties reduces the temperature near the cutting edge.
Moreover, they confirm the generation, under specific contact conditions, of a
thermal barrier effect provided by a thin ceramic intermediate layer, which was
earlier suggested in [GRZ 98].

To achieve a more realistic view into tribo-contact behaviour, new techniques for
contact image processing should be developed. As a consequence, such important
geometrical outputs as the contact length and the contact area can be dimensioned
more accurately.

In this study, a set of tribo-contact characteristics involving the friction force, the
frictional heat flux, mechanical contact stresses and the coefficient of friction in
terms of kinematic and geometrical inputs (the feed rate, the cutting speed and the
interface control factor) were identified.

3. Experimentation
3.1. Experimental procedure

The purpose of these experiments was to obtain data for predicting the friction
behaviour and corresponding friction heat division for orthogonal cutting when using
coated tools. The experimental methods employed in this study are similar to those
reported by the author in previous research concerning the influence of coatings on
the cutting process [GRZ 99b, GRZ 98).

The experimental program consisted of several series of turning tests, which were
carried out on a precision lathe equipped with force and temperature measuring
systems (Figure 1).
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Figure 1. Scheme of the experimental set-up (a) and force resolution in orthogonal
cutting after ISO 3002/4 (b)

In this investigation the following conditions were used:

— Workpiece: thin-walled tubes of AISI 1045 carbon and AISI 304 austenitic
stainless steels, 2 mm thickness, the outer diameter of the tube was varied to
obtained ca. 20% increment of the cutting speed. In cuts with varying feed rate an
outer diameter of 80 mm was kept.

— Tool materials: uncoated tungsten carbide P20, single-layer (TiC), two-layer
(TiC/TiN), three-layer (TiC/ ALO;/TiN) and four-layer (TiC/Ti(C,N)/Al,0:/TiN)
coated inserts.
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In Table 1 values of the thermal conductivity and thermal diffusivity for the
tested materials at boundary temperatures, 300 K and 1000 K, are provided.

~ Tool configuration: flat-faced rake, rake angle y,=-5°.
- Cutting speed: v, = 30-210 m/min.

~Feed rate: f = 0.08-0.28 mm rev"'. For the cutting arrangement used the feed
rate was equal to the undeformed chip thickness.

— Depth of cut: 2 mm in all cutting trials.

Table 1. Selected physical properties of coating components and steels used

. Thermal conductivity k, W/(mK)
Type of coating k at 300K/k at 1000K.
CVD-TiC 32.0/41.1
CVD-TiN 20.0/25.7
CVD-ALO; 36.0/5.0
Thermal conductivity k, o 6 2
Steel grade W/(mK) Thermal diffusivity o190 m s
k at 300K/k at 1000K aat aat
AISI1045
carbon steel 45/28.6 12.95/3.75
AISI304
stainless steel 14.9/25.4 3.95/5.26

As a consequence, ten different tribo-pairs, two P20 carbide-on-steel and eight
coating-on-steel pairs, were tested. Experiments were replicated three times for each
set of cutting conditions in order to minimise measuring errors.

3.2. Measurements

All signals generated in the cutting zone and the effects of friction at the interface
were measured using either in-process or post-process measuring techniques. The
structure of the experimental set-up and the measuring circuits are shown in Figure
la. In order to measure the cutting and feed forces, a 2D strain-gauge dynamometer
fixed on the tool post of a lathe was used. The thermal output of the tribo-system, i.e.
the thermal emf signal generated in a hot junction produced by the top surface of the
cemented carbide insert or the top layer of the coating and the moving chip, was
recorded using the tool-work thermocouple circuit. In both cases a DAQ system
consisting of an amplifier, an A/D converter, a PC computer and data acquisition
software was linked to the measuring circuits.

After cutting, wear patterns on the rake face, occurring as a result of attrition in a
running-in period, were visualised, and in subsequent stages the raw colour image
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was processed in order to define the sharply outlined contours of the contact zone.
Figure 2 shows the contact estimation procedure including the visualisation of the
selected fragment of the coating surface, computer image processing and automatic
dimensioning of the real contact area.

Real contact area -

; Computer image processing - '
N Automatic dimensioning : =_f

TiC

TiN
ALO,

Figure 2. A scheme of image processing system for dimensioning of the contact area

3.3. Calculations

In the case of a simplified model for orthogonal cutting (Figure 1b) the resultant
cutting force can be resolved into components normal and parallel to the rake face
using the so-called Merchant’s circle [SHA 89]. They are defined as the force
normal to the rake face (F,n) and the friction force (F,) respectively. For given forces
and the estimated contact area A, both the shear (t7) and normal stresses (og) acting
at the tool-chip interface and the mean coefficient of friction (p,) were calculated.
The frictional heat flux (q¢) is computed as the ratio of the friction power to the real
contact area. Formulae used for calculating the selected experimental responses are
specified in Table 2.
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Table 2. Specification of calculated quantities

Number Calculated quantity Equation References
1 Friction force F,=F,siny, +F,cosy, | [SHA89]
2 Normal load Fy=F,cosy,—F siny, | [SHA89]
Interface control K =1 /h
3 tert e/ P [GRZ 97]
4 Normal contact o. = _Ii;il [SHA 89]
stress f A
[4
Shear contact F
5 stress r, =" [SHA 89]
AC
Mean coefficient 7, F
6 of sliding friction p,=—=~1 [SHA 89]
o, F,
; Frictional heat Eyven  Fv, GRZ 99b
flux 9 = A, - /‘t‘h A, [ 9 ]
Nomenclature: F, - cutting force, Ff - feed force, ¥, - orthogonal tool rake
angle, /- natural contact length, /;, - undeformed chip thickness,
A, - actual area of contact, v, - cutting velocity, v, - chip velocity,
A 4 - chip thickness compression ratio

4. Results and discussion
4.1. Forces and stresses at the interface

Based on the experimental data, the tangential and normal forces exerted at the
contact part of the rake face and, subsequently, the corresponding stresses acting on
this region can be determined. A visual difference can be observed between the
friction forces at the tool-chip contact obtained for all selected coatings, as shown in
Figures 3 and 4. The difference related to four types of coatings becomes
pronounced for a TiC/TiN coating and it is found, at higher feed rates, to be
independent of steel grade. This implies that in this case more energy is needed to
overcome friction and for the shearing. In contrast, a minimum friction force
corresponds to both workpieces sliding over four-layer coating. This evidence is
supported in Figure 5 (graph 2a and 2b), where the tangential force increases more
intensively with a slow increase in the contact length. Moreover, Figure 5
demonstrates clearly that there exists a distinct boundary between the two steels cut.
This indicates that there are different tribological conditions generated for both tool
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and work materials coupled, but the extreme difference occurs for uncoated carbide
tools.
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Figure 3. Effect of cutting speed on the friction force
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Figure 4. Effect of feed rate on the friction force
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Figure 5. Effect of the interface control factor on the friction force

Figure 6 shows that, in general, the contact area increases with an increase in the
feed rate, and this area estimated for an AISI 304 stainless steel is distinctly higher
than that for an AISI 1045 carbon steel. The influence of coating leads, especially in
the case of the four-layer coating represented by graphs 4a and 4b, to the reduction
(AISI 304 steel) or enlargement (AISI 1045 steel) of the contact area.
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Figure 6. Effect of feed rate on the contact area
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The arrangement of the shear contact stress T; versus normal contact stress Gy,
presented in Figure 7, indicates that their values depend strongly on the steel grade
and the type of coating employed. Some combinations, as for example, three-layer
TiC/ALOy/TiN coating against AISI 304 steel (graph 3b) may lead to a significant
increase in the values of the shear and normal stresses. In contrast, four-layer coating
containing Al,0; ceramic film is likely to reduce the contact loads, as in machining
of carbon steel (graph 4a). The same effect occurs for the AISI 304-TiC pair
represented by graph 1b. In this investigation the normal stresses determined for
coated flat-faced inserts were varied from 1270 MPa to 2050 MPa for medium
carbon steel and from 720 MPa to 1440 MPa for stainless steel.

t == 1 1-TiC
1500 — === =& -TIC/TIN
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400 800 1200 1600 2000 2400
Normal contact stress, MPa

Figure 7. Shear contact stress versus normal pressure

In general, all tribo-contacts including stainless steel are less sensitive to
variations in the shear stress as the normal pressure working on the interface
increases. It is evident, from the above consideration, that knowledge about the
thermal and tribological properties of each coating-work material pair creating a
very specific tribo-system and possible ways of modifying them is crucial for
lowering the tool-chip interface loading and, as a final result, for an increase in tool-
life.

4.2. Friction and frictional heat division

In this tribological study, friction action was expressed in terms of the classical
coefficient of friction w, and the friction heat partition q¢ flowing to one of the
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components of the tribo-contact pair. Figures 8 to 11 illustrate in a comprehensive
way the final effect of three different process variables represented by the cutting
speed (Figure 8), the normal load (Figure 10), and the interface control factor
(Figure 11), and additionally by the contact temperature resulting from variations of
the feed rate (Figure 9).
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Figure 8. The mean coefficient of friction versus cutting speed
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Figure 11. The mean coefficient of friction versus the interface control factor

Figure 10 shows a quite uniform reduction of L, caused by an increase in the
normal load. In this case the normal force was varied from 0.90 kN to 2.5 kN for the
two steels used. Under the thermal conditions generated, when varying feed rate
(Figure 9), the values of p, change in a similar range from 0.4 to 0.8 for all coatings
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used (positive slope is only observed for graph 3a that represents AISI 1045-
TiC/Al05/TiN pair), and for uncoated carbide tools. It is very important to note that
while the coefficient of friction varies, the contact temperature measured for these
pairs remains practically constant - about 600°C for the AISI 1045-TiC/ AL04/TiN
pair and about 800°C for the AISI 304-TiC pair. It may thus be seen that the thermal
softening effect due to the influence of the feed rate on the temperature rise is rather
small.

The pronounced softening effect is regularly observed as a result of the increase
in the cutting speed, as seen in Figure 8. Figure 11 depicts the obvious dependence
of friction on the contact length. It appears from the graphs presented in this figure
that stainless steel is more sensitive to changes in the contact length caused by
coatings than a carbon steel.

Based on Figures 12 to 14 some tribo-contacts corresponding to the extreme
intensity of the frictional heat flux were selected. Figures 12 and 14 confirm that
both the cutting speed and feed rate affect the rate of frictional power dissipation at
the interface. It should be pointed out that the cutting speed influences the frictional
power directly and in the case of the feed rate this is largely due to the influence on
the contact area.
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Figure 12. Effect of cutting speed on frictional heat flux
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Figure 14. Effect of feed rate on frictional heat flux

The postulate that this parameter is significantly affected by changes in the
contact temperature was examined in Figure 13. It was documented experimentally
that for AISI 304-TiC/li(C,N)/AL0,/TiN pairs (graph 4b) the frictional heat flux of
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660 MW/m’ occurs at a substantially lower temperature (ca. 600°C) than for
uncoated carbide tools.

At a lower temperature, carbon steel has a thermal conductivity higher than
stainless steel and can quickly dissipate the heat generated by friction. This is clearly
explained by graph 3a in Figure 13, corresponding to three-layer coatings with an
intermediate ceramic AlL0; layer for which q; approaches the value of 1000 MW/m’
at 650°C. Thus, the thermal barrier effect can occur due to a substantial difference
between the thermal properties of the coupled materials at high contact temperature
(see data in Table 1). As a result, much of the generated heat is transferred to the
material with higher thermal conductivity, i.e. to the work material or the top layer of
coating. It is demonstrated in Figure 14 that the selection of adequate coating is
much more important when machining using smaller and moderate feed rates. A
model compiled for the distribution of mechanical and thermal loads at the tool-chip
interface for CVD-TiC/Ti(C,N)/AL,O4/TiN coating coupled with AISI 1045 carbon
steel and AISI 304 stainless steel is shown in Figure 15a and Figure 15b,
respectively. In this comparison, the interface conditions were predicted keeping a
constant contact temperature of approximately 600°C.

a)

Figure 15. A model for the distribution of mechanical and thermal loads at the tool-
chip interface

a)AISI 1045-TiC/Ti(C,N)/Al,Oy/TiN, f=0.16 mm/rev, v.=180 m/min
(A.=1.56,6~=1050 MPa, t=650 MPa, q~700 MW/mz, #=0.620);

b)AISI 304-TiC/Ti(C,N)/Al,Oy/TiN, f=0.16 mm/rev, v.=135 m/min

(A.=1.53 mm’, o~=1045 MPa, 1=615 MPa, q~=540 MW/, 1=0.590)
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S. Concluding remarks

From the experimental results, the following practical conclusions can be drawn.

— It was proven that hard coatings are responsible for the changes in friction at
the interface with a sliding (cutting) speed commonly used in many machining
operations.

— The friction force decreases substantially with the rise in the cutting speed and
under the contact conditions for which the interface control factor approaches
maximum value.

— Wide variability is seen in reported values of the friction coefficient for the thin
coatings tested on sintered tungsten carbide sliding over the surface of a steel
workpiece. The values of p obtained for coating-on-metal contacts lie in the range
from 0.4 to 0.8. These are similar to the values valid for ceramic-ceramic contacts
and metallic couples sliding in air in the presence of intact oxide films [HUT 92].

~ There is considerable interest in the use of Al,O; ceramic as the intermediate
layer in multilayered coatings to produce the thermal barrier effect. This is
manifested by observation of the four-layer coating for which frictional heat is
dissipated effectively at a temperature sufficiently lower than for other tribo-pairs
tested.

—~Both feed rate and cutting speed affect the rate of frictional power dissipation

at the interface. In particular, the feed rate was found to act indirectly through the
influence on the contact area.

From these conclusions, the friction magnitude can be predicted more reliably for
typical CVD-coatings coupled with carbon and austenitic stainless steels.

The data obtained can be used to help choose from among the wide variety of
coatings available today, attain dry cutting at higher speeds and achieve longer tool-
life.
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Appendix 1. Selected values of experimental results for AISI 1045 carbon steel.
Cutting conditions: feed rate f = 0.16 mm/rev, depth of cut a, = 2 mm, rake angle

¥o=-5
Cutting speed | Cutting temperature | Coefficientof | Heat fluxin | Friction force
in m/min in °C friction MW/m? inN

° 51.37 587.62 0.689 195.34 1918.06
=] 62.34 608.49 0.672 253.39 1863.12
5 72.24 624.92 0.660 308.91 1822.38
¥ 89.06 649.09 0.643 409.25 1766.11
- 103.2 666.70 0.631 498.84 1727.58
§ 124.69 690.07 0.616 643.13 1679.39
; 144.48 708.88 0.604 783.79 1642.83
N 178.13 736.55 0.588 1038.13 1592.28
206.4 756.72 0.577 1265.02 1557.68

51.37 785.01 0.704 180.72 1868.24

62.34 818.73 0.696 221.28 1844.29

72.24 845.40 0.688 257.51 1822.96

89.06 884.80 0.674 318.54 1787.30

-f:’ 103.2 913.66 0.663 369.73 1757.90
124.69 952.12 0.647 448.62 1714.19

144.48 983.21 0.632 524.23 1674.95

178.13 1029.19 0.607 666.50 1610.38

206.4 1062.84 0.587 810.72 1568.16

51.37 742.48 0.737 259.58 1982.12

62.34 778.79 0.732 296.08 1961.55

72.24 807.61 0.728 327.27 1942.99

z 89.06 850.35 0.719 378.71 1911.46
5 103.2 881.76 0.712 422.30 1884.94
[ 124.69 923.75 0.701 492.94 1844.65
144.48 957.82 0.690 567.27 1807.55

178.13 1008.37 0.671 733.91 1744.45

206.4 1045.51 0.653 954.60 1691.45

51.37 547.00 0.713 222.88 1886.20

62.34 559.15 0.705 279.01 1870.34

£ 7224 568.62 0.698 330.12 1856.16
5 89.06 582.39 0.685 417.08 1832.34
Q 103.2 592.31 0.675 489.64 1812.57
g 124.69 605.33 0.660 597.92 1782.98
i~ 144.48 615.71 0.646 694.64 1756.20
178.13 630.81 0.623 850.91 1711.68

206.4 641.69 0.605 973.12 1675.24

> 51.37 435.80 0.690 223.04 1962.48
i% 62.34 457.95 0.678 265.70 1908.63
S 72.24 475.56 0.669 303.48 1868.64
= 89.06 501.75 0.657 366.55 1813.31
E‘ 103.2 521.05 0.648 418.90 1775.37
o 124.69 546.91 0.637 498.08 1727.85
E 144.48 567.93 0.628 571.42 1691.74
i‘-:’ 178.13 599.22 0.616 699.39 1641.74
206.4 622.25 0.608 812.61 1607.47




Frictional Responses in the Orthogonal Cutting Process 97

Appendix 2. Selected values of experimental results for AISI 304 stainless steel.
Cutting conditions: feed rate f = 0.16 mm/rev, depth of cut a, = 2 mm, rake angle

o= -5
Cutting speed | Cutting temperature | Coefficientof | Heatfluxin | Friction force
in m/min in °C friction MW/m? in N

® 34.20 755.91 0.800 58.14 1933.41
g 48.09 774.52 0.772 94.83 1893.79
§ 58.81 788.88 0.751 126.35 1863.87
9 68.71 802.14 0.732 157.61 1836.74
® 82.33 820.39 0.706 203.69 1800.18
§ 96.19 838.96 0.681 254.02 1763.85
03 117.62 867.67 0.643 338.57 1709.38
I 137.41 894.18 0.610 424.39 1660.82
163.36 928.94 0.568 550.33 1699.57

34.20 569.86 0.696 81.90 1944.72

48.09 606.66 0.679 131.43 1888.55

58.81 629.77 0.667 172.57 1846.35

68.71 648.37 0.656 212.07 1808.25

2 82.33 670.83 0.641 267.93 1757.15
96.19 690.91 0.626 325.73 1706.69

117.62 717.94 0.603 415.38 1631.59

137.41 739.70 0.583 497.01 1565.27

163.36 764.82 0.557 600.59 1482.50

34.20 629.75 0.752 79.29 1994.70

48.09 686.70 0.727 119.45 1910.35

58.81 722.53 0.712 152.98 1862.30

=z 68.71 751.40 0.701 185.89 1826.00
5 82.33 786.32 0.688 234.20 1784.74
[ 96.19 817.56 0.678 287.04 1750.02
117.62 859.68 0.664 376.28 1706.16

137.41 893.63 0.653 467.17 1673.03

163.36 932.88 0.642 599.45 1636.96

34.20 524.26 0.726 65.46 1832.75

48.09 565.52 0.708 109.97 1806.19

Z 58.81 591.56 0.694 148.97 1785.69
5 68.71 612.60 0.680 187.95 1766.76
c_?v 82.33 638.09 0.661 245.42 1740.71
g 96.19 660.94 0.641 307.46 1714.20
= 117.62 691.82 0.609 408.00 1673.22
137.41 716.76 0.577 502.78 1635.38

163.36 745.65 0.534 624.27 1585.75

= 34.20 492.00 0.669 90.19 1798.72
% 48.09 516.86 0.657 144.35 1769.51
S 58.81 532.11 0.648 189.38 1747.31
f 68.71 544.22 0.640 232.69 1727.07
;‘ 82.33 558.64 0.629 294.08 1699.63
g 96.19 571.35 0.618 357.81 1672.18
e 117.62 588.21 0.601 457.08 1630.65
S"_-? 137.41 601.58 0.586 547.91 1593.28
163.36 616.82 0.566 663.75 1545.64
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1. Introduction

Tool-chip interfacial friction plays a critical role in the mechanics of chip
formation in machining and influences major machining performance measures,
especially cutting forces, tool-wear and chip-form. Unfortunately, traditional
Coulomb friction does not apply to a high strain-rate, high temperature plastic
deformation process such as machining. Fundamental knowledge of the frictional
conditions at the tool-chip interface is therefore necessary for predicting machining
performance. Considerable early significant work on tool-chip interfacial friction
has been reported by several researchers ([FIN 56], {ZOR 63], [WAL 64],
[MAT 81]). Challen and Oxley proposed an asperity deformation model using slip-
line fields to characterise the tool-chip friction in machining [CHA 84}.

One of the major drawbacks in attaining complete predictive capability of
models for machining has been the inability to characterise the actual tribological
conditions at the tool-chip interface with the assumption of highly approximate
boundary conditions. This paper especially highlights the fact that some of the
traditional results from 2-D plane-strain conditions cannot be directly superimposed
to solve complex 3-D machining problems due to the inherent variability of friction
in 3-D processes. The paper discusses frictional effects in cyclic chip formation. A
large variety of cases always involve curled chip formation; if the chips break at
regular intervals into concise chip-forms, the process is very cyclic in repeatability.
Non-uniquely repeatable, yet cyclic chip formation is also common in machining.
Hence, the assumption of quasi-static, stable straight chip formation has to be
critically questioned for a new impetus towards predictive modelling of the actual
machining process. This contribution highlights research issues related to the role of
variable friction in 2-D and 3-D machining with flat-faced and grooved tools.

2. Characterisation of tool-chip interfacial friction

Tool-chip interfacial friction in machining can be characterised by different
methods and parameters. Establishing a unique standard for evaluating tool-chip
interfacial friction has been a major roadblock for development of theories. Major
parameters and methods commonly used in estimating friction in machining include:

—  Friction angle ( A ): This parameter is an offshoot of Merchant’s pioneering
work [MER 44] on shear plane solutions. However, it is restricted to 2-D analysis
and is based on average friction which needs substantial input in terms of other
variables such as chip thickness, shear angle, etc.

—  Friction parameter (7/k): This is defined as the ratio of the tool-chip
interfacial shear stress to the shear flow stress of the nominal work material. This
parameter is a more quantifiable parameter than the friction angle and has been used
extensively in analytical models for the 2-D machining process with flat-faced [OXL
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89], [DEW 79] and restricted contact tools [FAN 00]. However, once again its
extension to 3-D machining remains a hurdle.

—  Friction force on the rakeface (R’). The resolved resultant force on the
rakeface which is widely used in predictive models for chip side-flow [RED 99] is
also an appropriate measure for friction at the rakeface in 3-D machining operations,
typically in turning with a nose radiused tool.

—  Tool-chip contact length ( A, ): This is a direct consequence of the tool-chip
interfacial friction behaviour. However, experimental measurement of the tool-chip
contact has been limited to post-mortem measurement of the wear traces. These
measurements have been shown to vary with theoretical prediction since the wear
traces measure the final and maximum tool-chip contact. Spaans {SPA 70] used
ultrasonic methods to characterise the contact length. In-situ measurement of tool-
chip contact has been carried out by some researchers [DOY 79], [MAD 97] at low
cutting speeds with transparent cutting tools and soft metals. Their results are
contradictory in terms of sticking and sliding friction shown by Zorev [ZOR 63].

—  Chip deformation parameters from metallographic analysis (see Figure 1):

— Grain elongation angle (/7): Brown [BRO 87] used the grain orientation
angle in his chip strain analysis. In the current work, the angle of grain elongation
(/) was measured in a stable region beyond the secondary deformation zone.
However, in the secondary deformation zone (characterised by the plastic zone &¢,"’
defined below) the grains are swept back at varying rates which can be defined by a
variable angle /3 which has the lower limit of I3 ~ 0° at plastic zone thickness of
dt,” and maximum value of /; = I"at plastic zone thickness of 5¢,”".

— Plastic zone thickness (5#,” and &¢,"’): The plastic deformation undergone
at the secondary deformation zone can be evaluated by two parameters which are
both measured with reference to the tool rakeface: (a) 5t is the thickness of a thin
layer at the tool-chip interface formed due to heavily retarded flow of chip material
relative to the flow in the bulk of the chip (i.e. 73 ~ 0) and (b) &1, signifies the
entire plastic zone: this includes the layer §¢,” where 75 ~ 0 and an overlying layer
in which the grains are swept back with variable grain elongation (/3)and severe
sweeping back of the grains. Trent [TRE 88] attributed the layer 84, to seizure of
the chip material at the interface whereas Oxley [OXL 89] argued, on basis of slip-
line field analysis, that this layer was due to the retarded flow at the interface.

3. Experimental work

The experimental work spanned 2-D and 3-D machining operations on 1045
steel with both flat-faced and grooved tools. The grooved tools had standard chip-
groove geometry with land length of 0.26 mm. For 2-D machining, the experimental
setup involved machining of disks with 3 mm width of cut. For the 3-D machining
experiments, nose radiused flat-faced tools (r. = 0.8 and 1.2 mm) were used to attain
predominantly side-curled chips. However, when the same conditions were used in
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machining with a standard grooved tool, the chips were in mixed mode with
predominant up-curl. A wide range of depths of cut (¢ = 0.4 - 2.5 mm) and feeds
(= 0.1- 0.4 mm/rev.) were used. Figure 2(a) and (b) shows the formation of side-
curl dominated chips (chips break after contacting the rotating workpiece into flat C-
shapes) and up-curl dominated chips (chips break after contacting the tool flank).

(l:‘ Chip Width :l

Figure 1. Definition of plastic zone thickness and grain elongation angle for
characterizing tool-chip interfacial friction across the chip width

.
side-curl )
dommated chip 4

workprae

Figure 2. Formation of 3-D curled chip: (a) side-curl dominated chip in machining
with a flat-faced tool; (b) up-curl dominated chip in machining with a grooved tool

4, Friction in 2-D machining with flat-faced and grooved tools
4.1. 2-D machining with flat-faced tools — quasi-static condition

Most machining models have been limited to 2-D orthogonal machining with
flat-faced tools, where plane-strain conditions and average friction are assumed and
a straight continuous chip is usually expected. The concept of constant or average
friction in 2-D machining is however, a marginal assumption even for the case of
quasi-static machining not involving the effects of chip curl and breaking.
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4.2. 2-D machining with flat-faced tools — cyclic chip formation

The machining process is an inherently dynamic process which features cyclic
chip formation involving finite chip breaking cycles [GAN 98]. Fang and Jawahir
[FAN 96] show that major frictional parameters vary within one chip breaking cycle
(see Figure 3), thereby necessitating a non-unique appraisal of the problem of
machining, even for the comparatively simple case of 2-D machining.

4.3. 2-D machining with grooved tools

Grooved tools are used to cyclically curl and break the chip for effective chip
control applications. Jawahir and Zhang [JAW 95] have shown the effect of the
groove backwall on the forces and bending moment developed within the chip. A
new definition for evaluating tool-chip contact in grooved tools was presented by
Balaji et al. [BAL 99a]. In this work, it was shown that the tool-chip contact in a
grooved tool extends beyond the land into the secondary rakeface of the groove as
well as at the backwall (see Figure 4).
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Distance traveled by the chip from the initial chip/work contact point (mm)
Figure 3. Cyclic variations in tool-chip contact length and tool-chip friction
angle in 2-D machining with a flat-faced tool [FAN 96].

Sticking friction zone

- o g -~ -
! T e w L Sliding friction zone
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Figure 4. SEM photograph showing sticking
Jriction, sliding friction and backwall tool-chip
contact zones (V = 100 m/min., f = 0.3 mm/rev.,
Work material = 1045 steel, Standard chip-
groove) [BAL 99a].
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5. Tool-Chip Interfacial Friction in 3-D Machining

5.1. Flat-faced tools

In 3-D machining operations (e.g., turning) with a nose radiused flat-faced tool,
variable tool-chip interfacial friction exists along the developed length of the cutting
edge and on the tool rakeface. The reasons for the existence of variable friction are
the non-linear effects induced by the nose radius: the variations in localised
undeformed chip thickness (¢), inclination angle (4,), rake angle (y, ) and cutting
edge angle (x; ) (see Figure 5). This results in variable elemental friction force at
every element of the undeformed area of cut. A further complication 1s induced by
individual directions of elemental chip flow. However, in practicality, a chip is a
single entity and the elements have to be in continuum. This results in varying
frictional interactions at the tool-chip interface which dictate the chip curling
pattern. Figures 6(a) and (b) show the variable tool-chip contact in turning with a
nose radius tool. It is seen that, at a low feed, the tool-chip contact pattern is an
approximate mirror image of the undeformed area of cut. At larger feeds, the tool-
chip contact pattern shows a different pattern due to the strong interactions from
different elemental chip-flow directions.

K=K, K2=0 _Kpp=k;;
b3

d Kr3

7‘ K, 1 Minor
\\ : 31 cutting edge
\ i
N |
s \\\ dx;, i r,
N %
2 |
|
ﬂi Kr3
S
Major
cutting edge

Figure 5. The undeformed cut area and associated geometric
parameters [RED 99].



Variable Tool-Chip Friction in Machining 105

(a) f= 0.1 mm/rev. (b) f= 0.4 mm'rev.

Figure 6. SEM photograph
showing varying tool-chip contact
on the rakeface (Nominal tool
geometry: inclination angle = -5 deg., rake
angle = -5 deg., side-cutting edge angle =
90 deg.,a =2.5 mm, .= 0.8 mm, ¥ =200
m/min., Work material: AISI 1045 Steel)
[BAL 99b].

Chips produced in 2-D machining have an approximate rectangular transverse
cross-section. In bar turning operations with a nose radius tool with dominant side-
curled chip formation, the chip transverse cross-section (i.e., across the chip width)
is not rectangular in shape [BAL 99b]. Depending on the depth of cut-nose radius
ratio, the chip sections range from trapezoidal to triangular shape. Figures 6 (a) and
(b) show the transverse chip cross-section for depths of cut of 2.5 mm and 1.2 mm
respectively. This variation in chip thickness reflects the existence of variable
friction at the tool-chip interface. The predictive model for chip side-flow in nose
radiused flat-faced tools by Redetzky et al {[RED 99] uses an elemental approach.
Figure 5 has shown the basic geometry of the undeformed area of cut and the
division into small elements along the developed length of the cutting edge. This
model can be used to predict the elemental friction force components on the rakeface
(dF,’ and dF,’ ) in the mutually perpendicular X and Y directions as well as the
resultant elemental friction force on the rakeface (dR’) as follows:
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Figure 7. Variation of chip thickness across the chip width (Nominal tool
geometry: inclination angle = -5 deg., rake angle = -5 deg,, side -cutting edge angle = 90 deg.;

f=0.3 mmvrev., r,=0.8 mm, ¥ =200 m/min., Work material: AISI 1045 Steel) [BAL 99h].
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dF,’ = (—dF 4 cos K, + dF 4, sin k,;) cos Ay + dF 4-sin Ay, [1]
dF,’ = (dF ;, sin &, + dF 4,08 K.} €08 ¥,y + (dF 1. cos Ay — (—dF 4 cos K, +
dF 4, sin k1) sin Agy) sin 2]

where dF,,, dF,, and dF,. are the elemental partitioned force components (i.e., after
accounting for the edge force components due to a rounded cutting edge) in the X, Y
and Z directions respectively. Thus, the resultant frictional force on the rakeface is:

dR'= dF,'"+dF,’' [3]

It can be seen (Figure 8) that in the non-linear nose radius region, the friction
force components vary widely.
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Figure 8. Variation of elemental rakeface
Jforce components and resultant force along
the developed length of cutting edge.

The tool-chip interfacial behaviour was studied using the metallographic analysis
of chip cross-sections in the transverse direction (i.e. across the chip width). The
region close to the tool-chip interface was photographed continuously at different
locations across the chip width at a magnification of 500 X to measure the plastic
zone thickness values (64’ and Otf,°') and grain elongation angle (7).
Corresponding to the chip cross-section in Figure 6(a), Figure 9(a) shows the
variation of the plastic zone thickness values across the chip width and Figure 9(b)
shows the variation of the grain elongation angle across the chip width.
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angle across the chip width (Nominal tool geometry: inclination angle = -5 deg., rake angle =
-5 deg., side-cutting edge angle = 90 deg.; a = 2.5 mm, f = 0.3 mm/rev., r,= 0.8 mm, V' = 200
m/min., Work material: AISI 1045 Steel).

The chip transverse cross-section can be demarcated into three zones: (i) Zone 1
is close to the unrestrained end of the depth of cut (A) and exists due to the chip
side-spread in this direction; (ii) Zone 2 represents the bulk region of the chip which
is influenced by the straight portion of the cutting edge (AB); and (iii) Zone 3
represents the region formed due to the non-linear variations in the nose region
(BC). It can be seen that in Zones | and 3 the plastic zone thickness values and the
grain elongation follow a similar trend as the chip thickness. However, in Zone 2,
the chip material is in a state of flux due to the interfering interactions from the chip
material flowing from the straight portion of the cutting edge (AB) and the nose
region (BC). This increases the frictional conditions in this region causing an
increase in the plastic zone thickness and a corresponding decrease in the grain
elongation angle. It was seen that the grains are always swept back in the bulk of the
cross-section towards the end A (i.e. the free- end of the undeformed area of cut
which promotes side- spread of the chip). This is due to two reasons: (i) the end C is
a constrained end due to the restriction from the machined surface of the bar which
results in material being swept away from C towards A; and (ii) the highly varying
elemental chip side-flow in the nose region results in severe interference within the
chip material causing a natural flow of the chip material towards the unconstrained
end of the depth of cut (i.e. A). However, it was seen that at the end C, the grains
tended to flow in a negative direction towards the point C rather than A as in the rest
of the chip. This can be understood from the fact that at the end-cutting edge region
of the depth of cut, the lead angle is negative thus leading to an opposing flow of
chip material. However, this is a highly marginal effect. This analysis was repeated
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for a = 1.2 mm and a similar trend was seen. It was interesting to note that the depth
of cut (a) has a role to play on the retarded layer thickness; the smaller depth of cut
results in smaller retarded zone thickness. However, the grain orientation angle did
not show any significant correlation with the depth of cut.

5.2, Grooved tools

The experiments were repeated for grooved tools at depths of cut of 1.2 and 2.5
mm. Due to the effect of the groove geometry there was reduced chip side-flow and
a greater amount of chip back-flow, resulting in up-curl dominated chips which
broke after contacting the tool flank. A simple parameter to estimate the contribution
of chip up-curl and side-curl in a chip is the twist angle & (see Figure 10) [NAK 78],
[GHO 96]. A purely side-curled chip will have &= 90° and a purely up-curled chip
will have @ = 0°. The up-curl dominated chip which was produced in the
experimental work had an average twist angle of 21°. Currently ongoing attention
focuses on the frictional conditions for these grooved tools. Figure 11 shows the
complex tool-chip contact patterns for grooved tools. Metallographic analysis of the
transverse chip cross-sections does not show any distinct sweeping back of the
grains (i.e. 7"~ 0). The longitudinal cross-section on the other hand shows a distinct
sweeping back of the grains. Figure 12 shows the cyclic cutting force patterns due to
the 3-D cyclic chip formation of these up-curl dominated chips.

Figure 11. Tool-chip contact patte

in 3-D machining with grooved toc
(Nominal tool geometry: inclination angle =
deg., rake angle = -5 deg., side-cutting e

angle = 90 deg.; =03 mm/rev.,a=12m

Figure 10. Definition of twist angle in a re= 0.8 mm, V"= 200 m/min., Work maten
AISI 1045 Steel, Standard grooved tc

3-D curled mixed mode chip TNMG 332).

6. Summary

This paper highlights new findings on the role of variable tool-chip interfacial
friction in machining. The major points can be summarised as follows:



Variable Tool-Chip Friction in Machining 109

— The assumption of average tool-chip interfacial friction needs to be critically
reviewed in light of the cyclic chip formation processes in 2-D and 3-D machining
with both flat-faced and grooved tools.

—In turning, the non-linearity due to the nose radius and the tool geometry
imposes variable friction on the tool rakeface along the developed length of the
cutting edge giving rise to side-curl. The traditional 2-D orthogonal and oblique
theories can predict forces and chip side-flow, but do not account for side-curl.

—Variable friction in 3-D turning operations with flat-faced tools producing
predominantly side-curled chips gives a distinct flow of chip material in one
direction across the chip width with variability in the plastic zone thickness close to
the tool-chip interface and the grain elongation in the chip.

- The degree of up-curl or side-curl domination dictates whether chip material is
swept back and retarded across the transverse chip cross-section or not. For more
equitable distributions of side-curl and up-curl, a tri-axial plastic flow analysis is
necessary in the future work.
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Figure 12. Cyclic  cutting forces
corresponding to 3-D cyclic chip
formation (Nominal tool geometry: inclination
angle = -5 deg., rake angle = -5 deg., side-cutting
edge angle = 90 deg.; f'= 0.25 mm/rev., 2 = 1.2 mm
re= 0.8 mm, ¥ = 200 m/min., Work material: AISI
1045 Steel, Standard grooved tool: TNMG 332).
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1. Introduction

Stress at the work-piece/die boundary, in both bulk forming and sheet forming, is
arguably the single most important physical parameter influencing the processing of
metals, yet it remains the least understood parameter; hence the need for basic research
into metal-die interface mechanisms. To gain a good understanding of the mechanisms
at the interface and to be able to verify the friction and tribology models that exist,
friction sensors are needed.

2. Friction sensors in general

Designing sensors to measure friction in metal working has been pursued by many
researchers; see Schey [SCH 83]]. Two types of sensor which are used in laboratories
are: (1) the pin-type sensor originally devised by van Rooyen and Backofen [ROO 57]
and improved by Al-Salehi [ALS 73] for use in metal rolling and (2) the cantilever
friction sensor [BRI 86], see Figure 1. The pin-type sensor {1} measures two forces at
the interface, one orthogonal to the rolling direction and the other at an angle to rolling
and is specially designed for measuring friction in rolling.; by converting the angular
measurement, and comparing it to the normal force, the friction is eventually obtained.
The cantilever sensor can be used in other situations, including rolling; it will be
discussed in detail later in this chapter.

Other devices which are not reviewed by Schey [SCH 83] but have been tried, are
those by Jeswiet [JES 81], see design {3} in Figure 2, Stelson [STE 84], see design {4}
in Figure 2, and Li e al [LI 92], see design {5} in Figure 2. The device designed by Li
et al [L1 92] is of particular interest because it uses piezo-electric elements which were
also of interest to our research program but which have proven to be a disappointment
because of temperature sensitivity. The method devised by Stelson [STE 84] never gave
any meaningful results and hence was discarded; in effect calibration was impossible
as was verification of the results. Design {3}, the device considered by Jeswiet [JES
81], could not be calibrated as shown by photo-elastic analysis at that time, and hence
was discarded; however a new sensor configuration similar to that design, called the
diaphragm sensor is now under development; it is discussed in the following section.
The following discussion will centre on the diaphragm friction sensor and cantilever
friction sensor.
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{1} Pin type sensor

Figure 1. The pin sensor and cantilever sensor

3. Development of the diaphragm design

Most applications for measuring friction require that the sensor does not disturb the
die surface; lubrication is a good example. The need for such a sensor led to a design
called the diaphragm sensor and which is being developed. The first embodiment of the
diaphragm sensor to be analysed included a central post, as shown in Figure 3, to ensure
good load transfer between the work piece and the sensor. Based on finite element
modelling, this design was first shown to be potentially feasible and then optimised.
Other variations on this design are now being considered.

Piezo-electric elements

3 ‘strain gauges

Li, Klarmacld, Wainmann

Figure 2. Other sensors which have been tried, unsuccessfully

The diaphragm sensor was the result of a brainstorming session, which led to an FE
analysis. The finite element analysis, shown in Figure 4, showed the strain distribution
on the underside of the diaphragm is asymmetric. A 30, the finite element analysis
shows the average strains on the left and right of the diaphragm centre differ by
approximately 50 microstrain. Conventional strain gauges can resolve 1 microstrain,
hence this was an encouraging result, which has led to further proof of concept work.
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Figure 3. Schematic of diaphragm sensor

A first prototype of the diaphragm friction sensor with the supporting post was
developed and tested. The diaphragm and post were machined as a single tee-shaped
component. Strain gages were applied to the underside of the disc-shaped top of the tee,
which was then press fit into a cylindrical recess in the sensor body. The minimum
permissible size of the tee was dictated by the size of the smallest commercially
available strain gages (2.4 mm x 3.3 mm). This sensor showed good sensitivity to both
normal and shear loading, as shown in Figure 4. The data shown is for a single strain
gage. By processing the data from two opposed gauges, the magnitude of any normal
or shear loading can be resolved.

4. Development of the cantilever sensor

Another sensor under development at Queen’s is called a cantilever sensor.
Development of this sensor has been going on for some time and its genesis is
aluminium; up to 25% reduction. However the drawback of this sensor was that it could
only measure surface forces for very low reductions and it could only measure two
forces, the normal force averaged over the width of the sensor and the friction force in
the rolling direction, averaged over the width of the sensor. Design {8} was the first
sensor, which could measure forces in all three orthogonal directions [BRI 86]. The gap
around the sensor was 0.05 mm, hence there was very little extrusion of aluminium into
the gap, and the sensor could be used at higher reductions; however extrusion into the
gap did still occur and because of this the sensor could not be used for lubrication
studies. Design {9} was an effort to make fabrication of the sensor easier, which it did,
and to reduce the gap even further to 0.025 mm,; extrusion into the gap still occurred at
reductions higher than 20%. In design {10} the idea was to insert indium into the 0.025
mm gap thereby stopping extrusion into the gap. The indium would also be “fluid”
enough to allow the sensing element to move back and forth. Tests showed that indium
did indeed stop extrusion into the gap, up to reductions of 30%. However at higher
reductions extrusion still occurred. The final iteration, design {11} includes using a
steel “cap” on the top of the cantilever sensor [ALI ]. With this configuration the
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effective sensor area is larger than the tip of the sensing element but with proper
calibration an “effective’ area can be found. This design has the distinct advantage of
eliminating extrusion into the gap and allowing the sensor to be used for lubrication
studies, which we are now doing. Figure 6 shows the sensor disassembled.
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Figure 4. Preliminary results of diaphragm sensor
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Figure 5. Genesis of cantilever sensor
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Figure 6. Photograph of disassembled sensor

5. Some results

Figures 7 and 8 show some results which were obtained both with the latest
“capped-sensor” and without the cap. Results of two sets of experiments are shown for
the ring compression test.
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Figure 7. Ring test measurement for 6061 Figure 8. Ring test result with capped
aluminium; 10% reduction for capped and
sensor for 6061 uncapped sensors

Ring compression tests were conducted with uncapped and capped sensors. In both
cases the neutral zone was observed at the same position, as expected for no lubrication;
see Figure 7. Hence, with the cap in place we are now in a position to be able to
measure the effect of lubricants for different forming processes.

Once confidence had been gained that the capped sensor gave dependable results
it was tested with 6061 aluminium ring test samples without any lubricant at reductions
of 10%, 20% and 30%. The results of those tests can be observed in Figure 8.
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In another set of experiments compression tests were conducted on solid aluminium
billets. Coulomb’s model for friction was used and Figure 9 shows how friction varies
with compression. Results for both the capped and uncapped sensor are shown. These
results can be compared with earlier results for an uncapped sensor in cold rolling of
aluminium shown in Figure 10. Using Coulomb’s model, the results were compared to
friction results calculated with the method to calculate friction developed by Ford
[FOR 63].

Run 53, a=7.8 mm

0.1 r=0.20

Run 45, #=4.67 mm
B Fun 44, a=543 mm
ool —ry Hiorg™ 0.036
0

0

Mg coefficient of friction
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Run 33, a=7.6 mm

Coefficent of fr

Time, sec, from mitial contact to final reduction

Time [21077] seconds

Figure 9. Variation of coulomb friction Figure 10. Variation of Coulomb Friction

in compression of solid 6061 billets; Jor cold rolling of 6061 aluminium billets
both sensors with values calculated by Ford'’s method
6. Calibration

An important part of sensor development is the calibration of the device. A special
calibration rig has been designed for this purpose. It can apply known combinations of
friction and normal loads. Figure 11 is a picture of the calibration rig which has been
used for all the sensors developed at Queen’s and described in this paper.

Another calibration strategy is to measure friction while the sensor is mounted in a
“capstan” rig which is used to test lubricants; this test was developed by Wilson and
Malkani [MAL 91]. At present, a variation of the uncapped sensor, design {9}, is being
used to measure friction in a capstan testing device at ALCAN Research. Future work
will include using a capped cantilever sensor. Using the capped cantilever sensor can
be an important feedback tool in experimental rolling mills, which is used to determine
lubrication factors for processing mills.
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7. Conclusions

A survey of methods used to sense friction in metal forming has been conducted. Of
the sensors surveyed, details of the sensors developed at Queen’s have been discussed.

The latest cantilever sensor design, the capped cantilever sensor, type {12} shown
in Figure 5, gives accurate results and will provide industry and research laboratories
with a valuable tool, which can be used to determine lubrication characteristics at
contact surfaces and in process monitoring, control. Details of the sensor are given in
Figure 12,

The diaphragm sensor, shown in Figure 4, shows promise as a friction measurement
device for metal forming. However, it is still at the proof of concept stage and special,
micron sized strain gauges are being developed for this design.
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1. Introduction

One way to increase productivity is to improve the cutting conditions in machining
processes. In order to achieve this, one solution is to use new cutting tools such as
coated tools or ceramics. The optimisation of tool geometry and cutting conditions is a
possible second way. However, such optimisation requires great knowledge of the
mechanics of chip formation in metal cutting operations.

Metal cutting modelling provides understanding and prediction of machining pro-
cess variables such as stress, strain, cutting force. Early cutting models of chip for-
mation were based on the shear plane model [MER 44] or slip-line theory [LEE 51].
These models usually have unknown constants, which must be obtained for each cut-
ting tool/workpiece couple by experimental means. Moreover, these types of models
could not provide any means to study the non-linear behaviour of the workpiece
material. These kinds of approach produce descriptive models rather than predictive
models.

More recent work has used finite element methods in order to include effects of the
cutting process such as friction at the tool-chip interface, work-hardening, strain rate
and temperature dependencies of the workpiece material response. The finite element
method provides a possibility to solve large non-linear problems.

Three kinds of mechanical formulations can be used. The Lagrangian formulation is
a "solid" approach. In this case, the grid of the mesh is attached to the workpiece
material. So the chip formulation needs to modify the mesh just in front of the cutting
edge. A chip separation criterion [SHI 93, STR 85] can be used in order to perform the
chip formation. However, we need to make some assumptions about the localisation of
the chip formation and we lose all mechanical information in front of the cutting tool.
More recent Lagrangian methods in the modelling of chip formation use a remeshing
algorithm in order to separate the chip of the workpiece [CER 96, FOU 99]. This
interesting method leads to CPU time consumption, especially to reach the stationary
solution.

Eulerian method [LEO 99, STR 90] (a "fluid" approach), in which the grid of the
mesh is not attached to the material, is computationally efficient and avoid problems
of mesh distortion. However, such a procedure requires iterative modification of the
free chip geometry [MAE 96]in order to satisfy the velocity boundary conditions.

An alternative method is to use Arbitrary Lagrangian Eulerian (ALE) formula-
tion [PAN 96, DAN 99]. In this case, the nodal points of the mesh are not attached to
the material point. However, the nodal points of the mesh are not fixed in the space,
but have the possibility to move in order to avoid catastrophic distortions of the mesh
during the chip formation. In fact, two sets of coordinate systems are used in the
ALE procedure to describe the motion of the material point and the motion of the grid
points. The ALE formulation appears as a mix of Lagrangian and Eulerian formula-
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tions. Thus, we take benefit from the efficiency of the Eulerian procedure and avoid
the problem of the free chip geometry.

However, whatever the formulation used, numerical simulation of chip formation
requires (i) material flow characteristics at high temperature, strain-rate and strain
as encountered during cutting process, (i1) a tool-chip contact friction. The material
flow characteristics are usually obtained from a Split Hopkinson pressure bar bench
equipped with a high energy heating device or impact tests [MAE 83]. Unfortunately,
these devices cannot provide, at the same time, more than 510° s strain rate and 0.5
plastic deformation. It means that for the constitutive equation to be evaluated
an extrapolation will be necessary.

The friction parameters at the tool-chip contact are hardly identified. Only a few
methods are available and, in all cases, experiments are not conducted in similar con-
ditions to those encountered in cutting process [JOY 94, OLS 89, HAM 98].

The main objective of this paper is to present results about the classical identifica-
tion of the Johnson-Cook constitutive relation. In the first part, through examples, we
highlight the respective influence of thermal softening, strain hardening and strain rate
sensitivity. Then, in the second part, we discuss the possibility to discriminate two
steels grades that have the same overall mechanical characteristics but not the same
machinability. We discuss also the difficulties to identify constitutive equations for
material such as Titanium alloy, which exhibits specific thermal properties. A
last, we propose some ways of investigation in order to improve the identification of
constitutive relation dedicated to the modelling of chip formation in metal cutting.

2. Johnson-Cook formulation and rheological parameters
2.1. Constitutive equation

Numerical simulation of chip formation requires a thermo-visco-plastic law. In
the case of large plastic deformations and large strain rates, the well known Johnson-
Cook [JOH 83] formulation is often used. So, the flow stress o, is given by:

é T — Tams \™
Teq = (A+ BEn) |:1 + ClIn (;;)] [1 - (7}_—71(2"::)) ] []]

The above expression gives the flow stress (7.4) as a function of the effective
plastic strain (¢), the effective plastic strain rate (¢) and the temperature (7). &g, Toms
and T are respectively the reference strain rate, the room temperature and the melting
temperature of the material. A, B, C, n and m are rheological parameters to be
identified.

The three parts of the Johnson-Cook formulation define respectively the strain
hardening, the strain rate sensitivity and the thermal softening of the material.
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2.2. Evaluation of the constitutive equation

The evaluation of a Johnson-Cook law requires specific means, i.e. a split Hop-
kinson pressure bar bench (SHPB) equipped with a high energy heating device. This
technique is certainly the most often used because of versatility. Basically two types
of loading are used: torsional tests or compressive tests.

A first set of tests is carried out in the case of quasi-static conditions (strain rate
lower than 1072 s~1). In these conditions of loading, the temperature of the material
sample is the same as the room temperature (isothermal conditions). A second set of
tests is conducted for large strain rate (strain rate greater than 10 s~!). This time,
high strain rates lead to adiabatic conditions.

2.3. Relative effects of the rheological parameters

In order to appreciate the relative influence of the strain hardening, thermal soft-
ening and strain rate sensitivity that appear in the Johnson-Cook law, we propose to
analyse the constitutive equation obtained for a 42CrMo4 (AISI 4142) steel grade.
Rheological parameters identified by classical means (split Hopkinson pressure bar
bench associated to classical compressive tests) for this steel grade are given in Table 1.
More details about the identification could be found in [GRO 96].

Material | A (MPa) | B (MPa) n C m én
42CrMo4 598 768 0.2092 | 0.0137 | 0.807 | 0.001

Table 1. Constitutive equation coefficients of 42CrMo4 steel grade identified by clas-
sical means [GRO 96].

Figure 1 shows the combined influence of strain hardening, temperature softening
and strain rate sensitivity in the case of a 42CrMo4 steel grade. Even if the strain rate
sensitivity is obvious, the variation range covers 6 decades, i.e. from 107310103571,
while the strain hardening is concerned with a 1 decades range (from 0.1 to 1) and
the temperature by half a decade variation (from 293 K to 1293 K). It follows that
the thermal softening is the most important phenomenon in terms of potential stress
variation, followed by the strain hardening and finally by the strain rate sensitivity.

However, the strain rate influences to a large extent the thermal conditions of the
test. In quasi static conditions, i.e. for a 10°® s strain rate, the test is carried out under
isothermal conditions and the specimen is kept at room temperature during the test. For
a 10° s rate, the test is performed under adiabatic conditions and the sample tempera-
ture increases, thus “softening” the material.
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Figure 1. Flow stress evolution of a 42 CrMo4 steel grade according to the strain
rate, temperature and plastic deformation.

3. Difficulties in the identification

3.1. Case of a Titanium alloy

Titanium alloys are known for their great sensitivity to shear localization [MAC 90,
KOE 79]. Depending on the experimental device used to identify the constitutive re-
lation, one can obtain a large variation in rheological parameters. For example, a Ti-
tanium alloy has been identified by two devices: (i) a classical bench, (ii) a bench
equipped with a high energy heating device [LES 96]. In the case of the identifica-
tion made by a classical device, the Johnson-cooling law is used. Identified rheological
parameters are given in Table 2.

Material AMPa) { B(MPa} | n C m éo
Titanium alloy 0.9 1 0.03 | 0.275 | 4 | 0.0935

Table 2. Johnson-Cook coefficients for Titanium alloy identified by classical means.

In the case of the bench equipped with a high energy heating device, a modified
Johnson-Cook law gives the best results to approximate the behaviour of a Titanium

alloy. The flow stress (a,,) is written as follows:

& 1/p e~T/Ta
—_ =N = P
Teq = Uﬂ(l te ) 1+ ((—fo) [B_Tamh/Tn] [2]
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In the above expression, ¢ is the effective plastic strain, ¢ the effective plastic strain
rate, T the temperature and T, mb the room temperature. The other parameters (T,
€a, 00, 1, 1/p) must be identified by experimental tests. Table 3 gives the rheological
coefficients identified with a bench equipped with a high energy heating device.

Material oo(MPa) | &ns T n 1/p | To (K)
Titanium alloy 1025 57,5.103 [ 0.37 | 0424 | 1170

Table 3. Rheological coefficients for Titanium alloy identified with a bench equipped
with a high energy heating device [LES 96].
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Figure 2. Comparison of the constitutive equation of a Titanium alloy evaluated on a
split Hopkinson bar bench equipped or not with a heating device. The strain rate has
been fixed at 10000 s™.

Figure 2 shows the evolution of flow stress according to the temperature and the strain,
for the two types of identification. We can notice that the behaviour obtained by the
classical bench is very similar to that of the 42CrMo4 steel grade. However, we obtain
a specific evolution of flow stress in the case of a material identified with a bench
equipped with a high energy heating device.

Actually the problem with Titanium alloys is that their sensitivity to shear locali-
sation is so high that the phenomenon occurs during the compressive test. As a con-
sequence, the plastic strain reached during the test is very low and the strain energy
dissipated too low to heat up the specimen enough and to reveal the temperature soft-
ening of the alloy.
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Machinability improvement treatment allows an increase in cutting conditions such
as cutting speed or the tool life. For low loading, treated steel grade exhibits generally
similar mechanical properties to the “classical” steel grade.
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Figure 3. Comparison of the behaviour of a standard and a calcium treated 42CrMo4
steel.

In order to know if a classical identification of constitutive relation allows one to dis-
criminate two similar steels (treated and untreated), we propose to analyse the case of
two grades of 42CrMo4 steels named: 42CrMo4 and 42CrMo4Ca. These two steel
grades have the same metallurgic base but the 42CrMo4Ca has been treated by cal-
cium in order to improve its machinability. Thus, we obtain two steels that exhibit
similar mechanical properties but not the same machinability. For these two steels,
the rheological parameters of the Johnson-Cook law are given in Table 4. More details
about the identification can be found in [GRO 96].

Figure 3 shows respectively the three factors of the Johnson-Cook law (strain hard-
ening, thermal softening and strain rate sensitivity) for the two steels. We notice
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Materials | A (MPa) | B (MPa) n C m éo
42CrMo4 598 768 0.2092 | 0.0137 | 0.807 | 0.001
42CrMo4Ca 560 762 0.2555 | 0.0192 | 0.660 | 0.001

Table 4. Constitutive equation coefficients of 42CrMo4 and 42CrMo4Ca steels iden-
tified by classical means {GRO 96, HAM 98].

that the behaviours of the 42CrMo4 and the 42CrMo4Ca are very similar. The effect
of the calcium treatment is hardly identified by the classical split Hopkinson bar bench

The greater difference in terms of stress level is observed in the medium tempera-
ture range, i.e. between 500 and 700 K, for high strain rate and for strain. However,
even if this loading is similar to that observed in chip formation, could this difference
be considered as significant?

3.3. Case of austenitic stainless steels

Stainless steels of the 304 family undergo a strain induced martensitic phase tran-
sition when subjected to high strain rates. The transition plasticity is mixed with clas-
sical plastic deformation, but the response of each deformation mechanism changes
with the strain rate. The effect of this transition plasticity is the appearance of stress-
strain curves with two strain hardening portions, whose relative importance depends
on the strain rate but also on the rolling ratio of the workpiece from which the samples
are extracted. As explained in Figure 4, the Johnson-Cook formulation cannot represent
a two strain hardening portions curve and a compromise has to be found.

1500 - . T — -
© Johson-Cook law
a
£
o
£
S Typical
° expertmental
& 1000 - curve
£
J
]

500 .

-0.5 0 0.5 1 1.5 2 25
Plastic deformation

Figure 4. Typical strain hardening portions obtained by experimental way. The
Johnson-Cook law can not represent this specific experimental curve

Usually, since the machining process involves large plastic strains, the second part
corresponding to the predominance of plasticity will be given much attention. How-
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ever, since the tests conducted on a Hopkinson bar bench allows a maximum deforma-
tion of about 0.5 (at high strain rates) the part of the first portion cannot be neglected,
because of the heat generation associated with this portion, which is lower compared to
a standard plastic deformation process.

Thus, according to the part of the curve considered to establish the identification,
we can obtain two sets of potentially equivalent coefficient candidates, in terms of

goodness of fit (Table 5).

Materials { A (MPa) | B (MPa) C n m éo
Set 1 0.285 2.69 0.047 | 0.8 | 0.21 | 0.001
Set 2 0.285 2.69 0.039 | 0.591 | 0.34 | 0.00!

Table 5. Two sets of potentially equivalent coefficient candidates in terms of goodness

of fit

However, the two Johnson-Cook laws give different results when an extrapolation
is made in the high strain rate area. Consequently, we are confronted with the problem
of extrapolation and its real impact on flow stress (see section 3.4).
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Figure 5. Evolution of the flow stress for the 2 sets of Johnson-Cook coefficients. The
strain rate has been fixed to 10000 s~ !

Figure 5 compares the two constitutive equations according to the thermal soften-
ing and strain hardening contributions; as it can be seen these differences are very low in
the tested range. In addition, these differences have a similar effect on flow stress that
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effect the inclusion contents. Thus, if we are able to discriminate between two steels that
have the same mechanical properties but not the same machinability, then we make
an error in the identification of stainless steels. In other case, if the error is not sig-
nificant during the identification of stainless steel flow stress, then we are not able to
discriminate the effect of the inclusion contents (improvement of machinability).

3.4. The effect of extrapolation

Generally, the bench cannot provide more than 510° s as a strain rate and 0.3 to
0.5 as plastic deformation on "massive" specimens. However, in the case of machin-
ing, the strain rate in the primary shearing area reaches values of up to 10* - 10° 57,
with a plastic deformation higher than 1 [OXL 89].

So, when we use a Johnson-Cook law identified by classical means for the mod-
elling of chip formation, a part of the law is implicitly extrapolated. At this stage, the
problem is to know what is the real impact of the extrapolation.

To illustrate this comment, the classical mathematical function y = sin x has been
plotted. According to Figure 6, we can describe the sine function either by the x
function (¥ = x) or by a more complex equation such as y = ~0.043 + 13x — 0.412%
Result of extrapolation is obvious. The x function appears to be a good approximation
of the sine function only for low value of x(x<1). In the case of the more complex
equation ¥ = —0.043 + 13x — 0.412?, the approximation of the sine function is also"
good for large value of x. So if we use the x function as a modelling of the sine
function (identified for low values of x), we can appreciate the error generated for
large values of 2. This case is unusual, and we have the similar ambiguity in the case of
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Figure 6. Example of extrapolation of the sine function
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the use of Johnson-Cook formulation identified by classical means, for the modelling
of chip formation.

4. Discussion

From the preceding sections it appears that a constitutive equation evaluated by
means of classical compressive tests on a split Hopkinson pressure bar device can
be suitable for the modelling of machining but only as a starting point. The major
drawbacks are the following:

— The strain rate and the reachable plastic strain are too low

— The thermal softening is not correctly taken into account

In order to overcome these difficulties several ways are possible, but the range of
solutions is limited by the principle of the SHPB testing and by the physics of the
phenomena. Basically it is a scaling problem but the scaling notion extents over space
and time.

4.1. Increasing the strain rate

It is possible to reach high strain rates with the use of loading systems other than
compression. Generally speaking it appears that all of these solutions (double shear-
ing, impact plates ...) lead either to low plastic strains or to a very small affected
volume. Paradoxically, the fact that only a small volume (a few material grains) is
affected by the strain is not an advantage in the scope of chip formation modelling.
Actually, the dimension of the area concerned by the primary shearing is very small
and can be compared with the grain size of the material. But the tool travels through
a long distance in the workpiece and the cutting edge crosses a large volume of work-
material. The effects that we want to model are, in a great majority of cases, mean
effects, on the mesoscopic scale, and this is one of the major problems with constitutive
equation evaluation. The work-material volume that is affected by the instantaneous
primary shearing is very low, i.c., a few material grains. The fuzzy layer shared by
the chip and the tool that is subjected to secondary shearing, wear and chemical in-
teraction is even smaller in thickness. The average instantaneous volume that will be
transformed into a chip can be compared to an elemental chip segment and corre-
sponds to ten up to hundred of grains depending on the material. The size scale of
these phenomena is more or less homogeneous. However, they correspond to very
different kinetics. The instantaneous mechanical loading is in the us range of dura-
tion, the elemental segment formation is a periodic phenomenon in the range of 10 to
100 kHz while heat flux are a combination of periodic and continuous phenomena in
the 1073 to 10! seconds range and finally chemical interactions are in the 102 up
to several seconds range. Thus, depending on the phenomenon we are interested in,
the significant volume that has to be considered in order to ensure a kind of statistical
validity is very different.
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4.2. Increasing the specimen temperature

The case of austenitic stainless steels is a good illustration. The problem of kinet-
ics is once again the major problem. Phenomena such as transition induced plasticity
involve short range atomic displacements and can be triggered or inhibited by the
temperature whatever the heating rate. On a SHPB bench, and for a 1000 mm length
projectile made of steel, the loading pulse duration is 197.107° seconds. The tem-
perature of the stainless steel specimen reaches 140°C. The average heating rate is
therefore very high, about 700.10°°C.s~. With so high a heating rate, only a marten-
sitic type of transition can be triggered. Using a high energy heating device it is
difficult to control heating rates over 1000°C.s~!. During machining very high heat-
ing rates are caused by instantaneous plastic deformation while lower rates at lower
temperatures result from thermal conduction from high to low temperature areas of
the work piece. These last heating rates can trigger metallurgical transition involving
long range atomic displacements. As a consequence, reproducing the thermal loading
is very difficult.

5. Towards inverse methods
5.1. Framework

Considering the previous observations it appears that machining is perhaps the
only way to recreate the loading conditions found during the chip formation. How-
ever, the loading system during chip formation is complex and the response of the
work-material is mixed with phenomena such as friction that do not lead to material
deformation but that affect, to a large extent, macroscopic variables that can be reliably
measured such as cutting force, and also state variables such as temperature.

A solution to obtain a "good" identification of the constitutive relation is to use
inverse methods. The aim of these methods is to identify the rheological parameters
of the constitutive equation with the help of orthogonal cutting experiments associated
with finite element methods simulations. However, this technique requires a lot of
experiments and cutting tests. Furthermore, it is difficult to make a distinction between
the effects of workpiece material flow, the effects of tool-chip contact interface and the
numerical approximations [OZE 98].

On the other hand, the friction parameters at the tool-chip contact are hardly identi-
fied. Only a few methods are available and, in all cases, experiment conditions are not
conducted in similar conditions as encountered in the cutting process. Pin-on disc fric-
tion tests allow only light pressure (< 1Mpa) and temperature. Moreover, the working
surface is not refreshed as in the cutting process. So, the value obtained by this means
is usually overestimated. The modified pin-on disc device proposed by Olsson [OLS
89] allows one to refresh the working material such as the cutting process. However,
the pressures applied on the pin-on disc device are still small regarding the mechanical
conditions during machining. The test proposed by Joyot [JOY 94] is made of a
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Hi1

Figure 7. Definition of the contact area in orthogonal cutting

frictional tool, a cutting tool and a spring loading system. The spring loading system
allows one to impose pressure to the frictional tool, while the cutting tool refreshes the
working material in front of the fictional tool. However, even if the loading is high
enough, the temperature at the interface between the frictional tool and the working
material are not similar with regards to that supposed during the cutting process. So the
chemical diffusion at tool-chip interface is not taken into account.

Thus, the major challenge is to discriminate between these phenomena from the
material response in order to improve existing inverse methods [OZE 98] and to eval-
uate the material flow stress response. The next sections propose two approaches to
attempt to discriminate the part of friction phenomena during cutting tests. A first
approach is based on a restricted cutting tool while the second approach is derived from
the experimental observation of the cutting forces.

5.2. Basic experimental principle

The tool-workpiece contact can roughly be separated in two types of phenomena,
(i) those that create plastic deformation of the machined material, (ii) those that dis-
perse energy without increasing the plastic deformation of the material, e.g. friction.
In order to separate the effects of friction and the effect of plastic deformation, the
idea is to change their relative importance. At this point, there are, at least, two possi-
bilities. The first one consists in changing the relative importance of these phenomena
on the dimensional scale. For the same cutting conditions, the energy dissipated by the
plastic deformation is kept constant while the friction energy in changed. According
to Figure 7 this can be obtained by the use of restricted contact length tools. Two types
of tool grinding can be used for this purpose as shown in Figure 8. The first case can
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Figure 8. Example of tools with restricted contact length for orthogonal cutting or
with variable restricted contact for oblique cutting
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Figure 9. Typical evolution of F,, — F curve according to the chip formation mech-
anism

be analysed by an orthogonal cutting model, the second case is more complex because
it requires a third dimension (variable restricted contact length).

Another solution is derived from the experimental observation of the cutting forces
measured during a cutting test. Basically, the two components of cutting forces (F,,
F¢) during orthogonal turning experiments were measured. For each feed rate, we
can plot a point in the (F}, Fy) plane. As explain in a previous paper [HAM 98], the
"F, — F" curves change according to the change in the chip formation mechanism.
For an equivalent uncut chip thickness the characteristics of the tool-work-material
contact are changed when the chip becomes of the "shear localised" type. Comparing
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results obtained for continuous or segmented chips corresponds to a change in the
relative importance of phenomena in the time scale. The two approaches can be mixed.

5.3. Study of the (F:, Fy) curves

When the chip is of the continuous type the relative velocity between the tool and
the workpiece close to the edge is O (the sticky contact area). The flow velocity gra-
dient spreads across the chip thickness and along the tool chip contact over the rake
face. The existence of this gradient gives rise to a dead zone and explains the dissoci-
ation and the transfer to the rake face of inclusions that exhibit a strain incompatibility
with the workpiece material matrix [HEL 95]. When the chip becomes segmented
the phenomenon is periodic. The material removed behaves like rigid blocks, and the
chip side of the tool-workpiece contact consists in a thin shear band with a thickness
of the same order of magnitude than the primary shear band. For the shear instability
to occur, the segment to be formed must be stuck on the rake face during the compres-
sion phase until the instability appears thus releasing the segment. The fact that no
distortion of the initial micro-structure of the workpiece material is observed in each
segment when the chip is fully segmented confirms the lack of flow velocity gradient.
In the case of a continuous chip formation, the flow velocity gradient is created be-
cause of the simultaneous existence of a sticking contact area and a gliding contact
area. In the case of a fully segmented chip, the location of these areas is more or less
the same but they alternate with time. With the disappearance of the flow velocity
gradient, the behaviour of the resultant cutting force changes according to the uncut
chip thickness evolution.

Figure 9 shows the evolution of the Fv-Ff curve with the chip formation mechanism,
generally as the cutting speed increases. The linear portion of the curve corresponding
to the segmented chip formation crosses the origin when dragged to Fv = 0. As a
matter of fact when the Fv-Ff curve crosses the origin, the behaviour complies to
Merchant’s model with a perfectly sharp tool. In case of a change in the chip formation
mechanism under specific conditions it is desirable to identify the following variables:

— The critical uncut chip thickness for the transition to occur depending on the
cutting speed
— The tool chip friction when segmented chips are formed

— The modification of the contact geometry (or equivalent geometry)

5.4. Restricted contact length solution

The deformation zones in orthogonal cutting can be described such as in Fig-
ure 10. Three specific zones are usually highlighted: the primary shear zone or the
chip formation zone (zone 1), the tool-chip contact or secondary shear zone (zone 2)
part of intense friction and lastly, the tertiary deformation zone (zone 3).
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Figure 10. Deformation zones in orthogonal cutting

In a first basic approach, one can consider that the dissipated energy during the chip
formation in the cutting process is due to a plastic dissipated energy in the primary
shear zone (zone 1) and a contact dissipated energy in the secondary shear zone (zone
2). Dissipated energy by zone 3 is not taken into account. So if we are able to modify
the contact dissipated energy without any change in the primary shear zone then we are
able to highlight the tool-chip contact friction. To obtain this effect, we propose to use
a specific d'esi gned tool based on restricted contact length (see Figure 8).

The idea is to use a variable contact length of the tool-chip interface along the
cutting edge. So, in this case, a part of the chip "glides" without any restriction along
the tool rake face, while another part of the chip has a restricted contact at the tool-
chip interface. Thus, the first part of the chip (part of chip formed without restriction)
"supports” the second part of the chip. In this case, the size of the primary shear zone
remains constant along the cutting edge.

The dimension of the rake face changes along the cutting edge. So, with this
technique, we can obtain a variable tool-chip contact and keep a large and constant

primary shear zone. In other words, we try “to work” the friction part.

Using the variable restricted contact solution implies the use of oblique cutting
conditions and simple analytical models can no more be used for the inverse method. A
possible overall procedure for this solution is given in Figure 11.

6. Conclusion

The problems of the determination of constitutive relation dedicated to chip
formation modelling have been shown. We have highlighted two major key points.
First, classical experimental means of identification do not provide similar loading
as encountered in the machining process. Secondly, Johnson-Cook’s law, which is
usually used for the modelling, cannot reflect the specific properties of some materials
such as stainless steels.
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Figure 11. Overall procedure for the identification of constitutive equation and friction

For these reasons and according to several authors, we think that only machining
gives a reliable approach to the multiscale nature of the load during chip formation. At
this stage, a possibility to obtain a realistic identification of the constitutive equations
is to use cutting tests associated to numerical simulation: inverse methods.

However, we cannot dissociate two majors effects during a cutting test. A first
effect is related to the plastic deformation. Thus, this effect depends on the flow stress
response of the workpiece material. The second effect is related to the friction at tool-
chip interface. So, when we measure the mascrocopic variables such as chip thickness,
force, during a cutting test, we obtained a mix of the two effects described before. Thus,
inverse identification of the constitutive relation is not performed under optimal
conditions.

In order to improve the determination of the constitutive equation, we propose
to discriminate between the part of the flow stress and part of the friction. For this, two
methods dedicated to highlight the part of friction at tool-chip interface have been
introduced. The first deals with the study of the measured cutting force. The sec-
ond method proposes to use a restricted contact length tool in order to "do work" the
friction.
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1. Introduction

Material data and constitutive equations together with software processors and
validation procedures are the three elements that equally contribute to a successful
application of process simulation technology. The accuracy of numerical simulations
of hot forming operations strongly depends on the quality in describing the
rheological behaviour of the material under deformation.

The material response to hot deformation conditions is affected not only by the
current values of the process parameters — strain, strain rate and temperature — but
also by the previous thermal and mechanical cycles before the current deformation
step, as well as by the variations of temperature and strain rate inside the
deformation step.

The constitutive equations currently implemented in commercial FE codes e.g.
Norton-Hoff or Arrehnius laws correlate the material flow strength only to the
instantaneous values of the process parameters. These equations usually give proper
description of the material rheological behaviour only when strain hardening
phenomena are dominant. Instead, they do not give reliable results when the
thermally activated softening phenomena prevail over the hardening and when the
history of deformation cannot be neglected, such as in multi-step hot forging
operations.

The influence on flow strength of prior thermo-mechanical histories has been
investigated in several hot deformation studies [ALT 97], [BAR 98], [MAR 80],
[OH 95], [RAO 96] [YOS 95], [YOS 94]. Most of them refer to stationary processes
such as rolling and extrusion and are primarily aimed at developing simulative
experiments and formulating constitutive models that are specific for the operation
under investigation.

The work reported in this paper has the twofold objective of (i) analysing the
material response in single- and multi-step hot deformation conditions through
physical simulation experiments, and (ii) assessing the suitability of the multi-step
experiments to provide accurate information on material rheology in muiti-hit hot
deformation studies.

The experiments presented in the paper refer to three different metals typically
used in hot forging, a high carbon steel (C70S), an austenitic stainless steel (AISI
304) and a Nickel-based superalloy (Nimonic 80A).

2. Approach

To analyse the material response to both single and multi-step deformation
conditions, physical simulation experiments have been carried out on cylindrical
samples of the three materials. The approach in testing and analysing the material
response to deformation consists of the five following steps (Figure 1) [BAR 99]:
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—physical simulation experiments consisting of a single-step upsetting of
cylindrical specimens at constant values of temperature and strain rate. These
experiments correspond to the tests currently used to obtain flow curves and are
aimed at evaluating the sensitivity of the material flow stress to temperature and
strain rate; '

—physical simulation experiments consisting of a two-step upsetting of
cylindrical specimens with an intermediate soaking time. The former step of
deformation and the soaking time represent the thermo-mechanical history of the
material when the second step of deformation starts. These experiments are aimed at
evaluating and quantifying the influence of the thermo-mechanical history on the
flow strength;

— comparison of the flow strength exhibited by the three materials in the second
step of deformation of the two-step upsetting experiments with the flow strength
measured in the single-step upsetting experiments carried out with the same process
parameters;

— comparison of the material microstructures observed just before the starting of
the deformation in the experiments with a single-step upsetting with those observed
Jjust before the second step of deformation in the experiments with two-steps;

— identification of a microstructural parameter capable of summarising the
effects of the previous history on the current value of the flow stress.

MULTI-STEP TEST SINGLE-STEP TEST

temperature
i
[
temperature

time \ time

siress

gp strain

@ Influence of the previous history @

Figure 1. The approach
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3. Experiments

3.1. Materials

The rheological behaviour of the three following materials has been investigated:
—a high carbon steel, C70S, frequently utilised in forging fracture cap end
conrod;

—a stainless steel, AISI 304; applications include chemical equipment, food
processing equipment and valves;

— a nickel-based superalloy Nimonic 80A, mostly used in gas turbine engines,
steam turbines, and for hot-working tools.

The chemical composition of the three materials is given in Tables 1, 2 and 3,
respectively.

Table 1. Chemical composition of C70S

Component C Mn Si Ni Cr Mo P S Al
% 07 049 021 009 0.15 002 001 0.06 0.01

Table 2. Chemical composition of AIST 304

Component C  Mn P Si Cr Ni S
% 008 2 0.045 1 20 105 0.03

Table 3. Chemical composition of Nimonic 804

Component Ni  Cr Ti Al Fe Co Mn Si C Cu
% 69 18-21 1.8-2.7 1-1.8 max3 max 2 max | max | max 0.1 max 0.2

All the materials have been supplied as 12 mm drawn bars.

3.2. Equipment

All the experiments have been carried out on 12 mm diameter and 14 mm long
cylindrical specimens cut off from the bars.

The tests have been run on the thermo-mechanical simulator Gleeble 2000%,
which can be programmed to reproduce thermal and mechanical cycles under
control of temperature, force, strain and strain rate. The sample is resistance-heated
by a thermocouple feedback controlled a.c. current that produces uniform
temperature distribution in the diametrical planes (Figure 2 left). The temperature is
uniform also along the axis of the specimen thanks to multi-layered interfaces that
consist of a sandwich of two alternate foils of graphite and tantalum working,
respectively, as lubricant and thermal barrier (Figure 2 right).
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Figure 2. The working area of Gleeble 2000® system (left) and the multi-layered
interface (right)

3.3. Testing procedures

In the single-step compression experiments (Figure 3a), the specimen is heated at
a rate of 15°C/s up to the testing temperature, held at this temperature for 30 s and
then compressed at constant strain rate and in isothermal condition to the required
amount of strain. During the test, specimen temperature and ram stroke are under
computer control, whereas force and strain are continuously monitored. The ranges
of variation of temperature (1000°C - 1200°C) and strain rate (1 s - 30s”) are
typical of hot forging operations of the three materials.

In the two-step compression experiments (Figure 3b), the specimen undergoes
two deformation stages at the same temperature, but with different amounts of strain
and strain rate in the two steps. Between the first and the second step of deformation
the specimen is held at the testing temperature for 30 s. In all tests the total amount
of strain equals 1 and the strain rate of the first step is assumed always equal to
10 s'. The first part of the test represents the effects of a previous thermal and
mechanical history.

The plan of all the experiments is summarised in Table 4.

For each of the testing conditions of Table 4, the microstructure of the material
just before the deformation step has been analysed. To this aim, the specimen has
been quenched in water from the testing temperature at the end of the soaking time
(Figures 3a and 3b): The quenching has provided for the analysis of the material
microstructure, allowing the determination of the average austenite grain size
according to ASTM E112-88.
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Figure 3. Temperature-vs.-time diagram for a) single and b) two-steps experiments

Table 4. The experimental plan

Materials: C70S; AISI 304;

. Single-step experiments Two- ‘
e |&'[s"] Temperature [°C]| € | ' [s']]| € | € [s'] | Temperawre [°C]
1 1 ]1000]1100)1200] 03] 10 | 0.7 1 1000 | 1100 | 1200
1 10 ]1000{1100(12001 03} 10 | 0.7 10 1000 | 1100 | 1200
1 30 }1000]1100]1200]03]) 10 [0.7 30 1000 | 1100 ] 1200

4, Results

Figures 4 and 6 show two flow curves: the upper one is relevant to a single-step
experiment, while the lower curve to the second step of a two-step experiment. Both
the curves are obtained for the values of temperature and strain rate. From the
comparison of the two curves it can be appreciated the influence of a previous
thermal and mechanical history on the flow strength: the material reacts differently
when tested under the same current deformation conditions, but with different
thermo-mechanical cycles; this difference is close to 25% for the stainless steel and
20% for the Nickel-based super alloy.

The previous cycles influence not only the mean value of the flow stress, but also
evident is a shift in the value of the peak strain that implies a delay in the start of the
phenomenon of the dynamic recrystallisation; this shift is close to 0.1 compared to
the single-step peak strain for the superalloy. The differences in the values of flow
stress and peak strain are essentially due to the different thermal and mechanical
history.
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Figure 4. Flow strengths in single- and two-steps experiments for C70S
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Figure 6. Flow strengths in single- and two-steps experiments for Nimonic 804

In Figures 7 to 9 the microstructures of the three materials, observed in the
samples quenched just before the single-step experiment and just before the second
step of the two-steps experiment performed with the same process parameters, are
compared. The difference between the average grain sizes is evident; that means the
material microstructure is greatly influenced by the previous thermal and mechanical
cycles.
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Figure 7. Microstructures in single- and two-step experiments for C70S
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Figure 9. Microstructures in single- and two-step experiments for Nimonic 804

These results are in agreement with the empirical equation:
p— n m
g, = A-D, -Z

that relates the peak strain with process parameters (Z) and initial microstructure
(average grain size D); 4, n and m are constants of the material.

Accordingly the microstructural parameter average grain size can suitably
represent the first part of the cycle in the two-step experiment and therefore can
summarise the effects of the previous history.

5. Concluding remarks

The two-step experiments demonstrated that the previous thermal and
mechanical history affects value and location of the peak in the flow stress curve.



152  Friction and Flow Stress in Forming and Cutting

The testing procedures currently used to obtain flow curves prove to be more
suitable to evaluating the sensitivity of the material flow strength to temperature and
strain rate rather than to provide accurate description of rheological behaviour.
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Figure 10. Comparison between the flow stress evaluated through the Norton-Hoff
equation, model [1] and the experimental results for C70S

The equations that are currently used in FE codes are not suitable for describing
accurately the rheological behaviour of hot forged materials. They do not take into
account the effects of the softening and the previous history in hot forging
conditions.

To overcome the above limitations the authors proposed recently [BAR 2000]
the following material constitutive model:

c=G-F-N, (1]

where Ny is the Norton-Hoff law that relates the material flow stress to the
instantaneous values of strain, strain rate and temperature; F is the function that
permits to correctly locate the flow curve peak accommodating the effects of the
softening phenomena; G is the function that takes into account the effects of the
previous thermal and mechanical history through the microstructural parameter
average grain size.

In Figure 10 the flow curve measured during the second step of a two-step
experiment is compared with the one calculated using the Norton-Hoff model and
model [1]. The proposed model is capable of accommodating the effects of the flow
softening on the flow curve as well as the effects of a previous thermal and
mechanical on the material flow stress.
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1. Introduction

Flow stress is generally measured using a compression test instead of a tensile test
because higher strains can be reached. Unfortunately, there is no standard flow stress
testing protocol and due to differences in training of technicians different laboratories
may report different results for the same materials. Additionally, the flow stress of the
material is affected by any previous heat and/or mechanical treatments (like hot rolling,
cold drawing, annealing, etc), so that it is not recommended to use the flow stress data of
a material purely based on chemical composition. Accurate flow stress allows the
designer to predict flow induced defects like folds or suck in defects.

Due to strain hardening, in cold forging the formability of the material is more
limited than in hot and warm forging (see Figure 1). A measure of the formability of a
material is known as the critical damage value (CDV), which can be considered as a
material constant, similar to yield stress or the tensile strength [CER 97].

There are several criteria to determine the CDV. Kim [KIM 94] developed a
methodology to determine the CDV for several ductile fracture criteria (see Figure 2). It
was found that Cockroft and Latham’s criterion predicts with good agreement the
amount of deformation and the location at which the fracture occurs by obtaining the
maximum damage value (MDV) from FEM Simulations. If the MDV for the selected
criterion coincides with the location of the cracks this is known as the CDV of the
material.

In Cockroft and Latham’s criterion fracture occurs when the cumulative energy due
to the maximum tensile stress, ¢ , exceeds a certain value (equation 1). [OH 79] modified
the criterion into a non-dimensional form (equation 2).

er

s

ja*d5=ca 1]

&

.[Z_—dg=c,, 2]
o

2. Measurement of flow stress

In a simple form, the flow stress (o) is concluded to be a function of strain (£ ),
strain rate (£ ), temperature (T), and the history or structure of the material (S), i.e.,

G =RZ,81,5) 13]
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In the range of practical strain rates, the flow stress is determined by conducting
compression tests in a cam plastomer (constant 7 ), a high speed hydraulic testing
machine (constant £ ), or a mechanical press (varying z ).

Machining
( vl I D v l of Samples
(a) Upsetting (b) Heading (c)Heading  (d) Heading, both Experi 3 Flow Stress
ends restricted -
*Non-homogencous Testing
| sy
#Notch Tensile Test

l{'f‘

(e) Forward extrusion  (f} Simultaneous (g) Forward extrusion

rod extrusion

{h) Single cu; {i) Double cup
Mwards P (j) Pierce upsetting

Figure 1. Typical cracks in cold forging Figure 2. Methodology to predict and
operations (internal cracks are identified  prevent the formation of cracks [KiM 94]
by shaded sections)

Two different types of cylindrical specimens were used to determine the flow stress
in the compression test: a) specimen with spiral grooves of about 0.010 inches deep
(Figure 3a), and b) Rastegaev's specimen (Figure 3b).

To reduce the barreling effect during compression various lubricants are used, such
as: a) paraffin, b) PTFE (sprayed), c) PTFE foils between dies and specimen.
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3. Technique for measurement of Critical Damage Value (CDV)

The critical damage value is obtained using two tests; the non-uniform compression
test with grooved dies and the tensile test with a notched specimen, see Figure 4. The
non-uniform compression test with grooved dies consists of upsetting a cylinder until a
crack initiates near the equatorial surface of the workpiece. The specimen height at
which the crack occurs is known as the fracture height, H; Then FE simulations are
conducted for the compression test up to the fracture height, Hy, to obtain the distribution
of the damage value in the workpiece at the time of fracture. In the tensile test with
notched specimens, the neck diameter is measured continuously until the occurrence of
fracture (dyg). Then simulations are conducted to calculate the damage distribution at the
instant the neck reaches the fracture diameter d;.

4. Experimental study

Two different materials were selected in this study: SAE 1524 (spheroidised) which
is a high-manganese carbon steel and SAE 1137 (hot rolled), which is a resulfurised
carbon steel. The SAE 1137 material was produced as a coarse grain product, making it
more likely to crack. The chemical compositions of these steels are given in Table 1.

A B
a) b)
Figure 3. a) spiral and b} Rastegaev's Figure 4. Processes in order to
compression test specimens determine critical damage value:

A. Non-homogeneous compression test,
B. Notch tensile test
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4.1 Experimental measurement of the flow stress by means of compression tests

The tests were conducted at room temperature using a 160-ton hydraulic press. At
this temperature and pressing speed the effect of strain rate is negligible. Two types of
specimens (Rastagaev’s and spiral grooved) were used for the measurement of flow
stress. Rastegaev’s specimens performed better than spiral grooved specimens (see
Figure 5, minor barreling and no skewing were observed)

The spiral grooved specimens were compressed to lower strains (~0.6 to 0.7) while
the Rastegaev’s specimens were compressed to larger higher strains.

Table 1. Chemical composition SAE 1524 (spheroidised) and SAE 1137 (hot rolled)

SAE |{C {Mn |P S Si [Cu |Sn |[Ni [Mo |Cr [As [Cb |V |N Al

1524 1.22 |1.35[.040 |.050 [.15 |--- |- |- [oe foeo foee |02 |--- ]--- |.015

1137 1.39 |1.48 [.013 .10 (.16 |.17 |.01 {.06 [.02 |.08 [.005 |.001 |.01 |.004 |.004

The flow stress data for SAE 1137 and SAE 1524 are shown in Figure 6. SAE 1137
shows a higher flow stress than SAE 1524 and also a greater strain hardening effect. The
flow stress data shows good repeatability up to strains of 0.7. However, more variability
is observed at larger strains; this is mainly due to deflection of the press and heating
effects. Also the flow stress measured with the Rastegaev’s specimens is slightly higher
than that measured with the spiral specimens, approximately 4.5% for the SAE 1137 and
5.7% for SAE 1524, This error could be due to compensation of elastic deflection and
measurement error (see Figure 6).
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Figure 5. a) Rastegaev’s and b) spiral grooved specimens of material SAE 1137, hot
rolled before and afier deformation [SAN 99]

4.2, Experimental measurement of critical damage value

4.2.1. Non homogeneous compression of cylinders

During non-homogeneous compression tests, the samples were inspected for cracks
at 1-mm intervals of deformation. The results from these show that (see Figure 7): a)
vertical cracks develop at the equatorial surface of the specimens, b) SAE 1524 can be
reduced in height an average of 25% more than SAE 1137, ¢) at the moment of crack
bursting, SAE 1524 showed a more sudden failure than SAE 1137.

4.2.2 Notch tensile test

The fracture found in the tension specimens is cup-and-cone type. This means that
the fracture begins at the center of the notched specimen. The elongation of the
specimen and the reduction of the neck diameter are higher for SAE 1524, indicating
higher ductility.
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Figure 6. Flow stress measurements SAE 1524 (annealed) and SAE 1137 (hot rolled):
a) Rastegaev’s specimens; b) Spiral grooved specimens [SAN 99]

4.3. Calibration of critical damage value through process simulations

The calibration of the CDV is achieved through FEM simulations of the compression
and tensile test. The distribution of the damage value can be seen in Figure 8. In the
compression with grooved dies the MDYV is at the equatorial surface, while in the notch
tensile test it is at the center of the notched specimen.

The critical damage values for notched tensile test in the simulation are higher than
the ones obtained from the compression with grooved dies. An explanation for this is
that since the fracture in the tensile test originates from the center it is not possible to
detect it at the time of initiation. In order to overcome this problem the cracking feature
of DEFORM™ 2D and a CDV equal to that of the compression test were used to
simulate the tensile test. This damage value is modified until the neck diameter in the
simulation just before cracking matches that measured in the experiment. The CDV’s
obtained for both tests through this procedure are given in Table 2. Figure 9 shows an
example of crack initiation and propagation at the neck of specimen during testing..

5. Conclusions

— Two different types of specimens were used to determine the flow stress of two
different materials: SAE 1137 (hot rolled) and SAE 1524 (spheroidised annealed).

— Critical damage values (CDV) were determined by conducting non-uniform
compression tests with grooved dies and notched tensile tests, and these results were
calibrated by means of FEM simulations.
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— Additional refinement of the physical testing procedure for CDV will improve the
accuracy of predicting defects. These refinements could be better, by developing a more
accurate detection of crack initiation.

IT)

Figure 7. ) Specimens for non-uniform compression test, a) SAE 1137 hot rolled,
b) SAE 1524 spheroidised annealed, II) Notched tensile test specimens [SAN 99]
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Figure 8. Distribution of the critical damage value for material SAE 1137 (hot rolled)
a) non-homogeneous compression and b) notched tensile test [SaAN 99]
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Table 2. Critical damage values obtained during the FEM calibration [SAN 99]

Material Method CDhV Location
SAE 1137 compression with grooved dies 37 equatorial surface
hot rolled notch tensile test 35 center of specimen
SAE 1524 compression with grooved dies .65 equatorial surface
Spheroidised notched tensile test .675 center of specimen

R
LY T
Fladius (in}

Figure 9. Fracture behaviour for tensile test for SAE 1524, CDV=0.675 [S4N 99]
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