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Foreword

Almost all welding technology depends upon the use of concentrated energy
sources to fuse or soften the material locally at the joint, before such energy can
be diffused or dispersed elsewhere. Although comprehensive treatments of
transient heat flow as a controlling influence have been developed progressively
and published over the past forty years, the task of uniting the results compactly
within a textbook has become increasingly formidable. With the comparative
scarcity of such works, welding engineers have been denied the full use of
powerful design analysis tools.

During the past decade Dr Radaj has prepared to fulfil this need, working
from a rich experience as pioneer researcher and teacher, co-operator with
Professor Argyris at Stuttgart University in developing the finite element
method for stress analysis of aircraft and power plant structures, and more
recently as expert consultant on these and automotive structures at Daimler-
Benz. His book appeared in 1988 in the German language, and this updated
English language edition will significantly increase the availability of the work.

Transient heat flow studies are facilitated by existence of an array of closed
solutions, the mastery of which confers a compact and thorough understanding
of such as fusion welding power input requirements, welding speeds and fused
widths, and post-fusion cooling rates. When this core of knowledge is as-
similated, the welding engineer can rapidly choose or optimize a suitable process
for any new application, geometrical shape or material, without wastefully
protracted experimentation. Section 2 of the textbook introduces these aspects
exhaustively, but with enviable lucidity.

Despite a profoundly beneficial influence in stabilizing the performance of
welding processes, the transient distributions of temperature, together with
thermal expansion, are also the causes of dual problems, endemic with all
welded joints, namely residual stresses and distortion. It is in this domain that
the finite element and comparable numerical methods of analysis have come
into their own, since the calculations acquire three sequential phases, namely
distributions of temperature with time, elastic thermal stresses, and plastic
deformations. The finally resulting residual stresses have important influences
on buckling of thin sections, and propensity towards cracking in thick sections.
Dr Radaj has presented a timely and comprehensive treatment of these effects in
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Section 3, to provide not only methods of prediction, with numerous results, but
of experimental measurement for purposes of validation. Section 4 of the book
brings together the more important aspects of stabilizing and reducing residual
stresses by heat or mechanical treatments, and of distortions by appropriate
joint design. In these respects the author has selected for summary purposes
from the worldwide contributions made over many years to Commission X of
the International Institute of Welding, with terms of reference Residual Stresses;
Stress Relief; Brittle Fracture.

It can be said without hesitation that the author has contributed a masterly
work of timeless value, with the virtue and integrity of a seamless garment,
superior to the reference book that a committee of authors would alternatively
produce, Those welding engineers who master its contents will find that they
have acquired an invaluable means to increase professional competence, and
will join in offering thanks to Dr Radaj for completing the self-imposed task of
creating the means.

A A Wells
Chairman 1978-90, Commission X
International Institute of Welding



Preface

Welding is the most important method of joining components made of metallic
materials. The technological core of most welding processes is the melting of the
surfaces to be joined, either with or without filler metal (surfacing welds in-
cluded), followed by subsequent cooling. Melting is achieved by local heat input,
keeping heat diffusion into the component and heat dissipation into the sur-
roundings as low as possible.

The effects of local heating comprise the formation of weld pool and bead or
nugget shape, the generation of weld imperfections and defects, the initiation of
hot and cold cracks mainly in the partly molten zone (intensified by hydrogen
diffusion), the microstructural changes in the heat-affected zone of the base
metal connected with hardening or softening, and the generation of residual
stresses and distortion in the whole structure connected with mainly negative
effects on strength.

The above phenomena constitute what is termed “weldability”, a property of
the structure to be welded influenced by design, material and manufacturing
measures. Weldability has been mainly treated on an empirical basis supported
by welding tests. However, theoretical developments in thermodynamics, con-
tinuum mechanics and microstructural kinetics have made a more systematic
approach possible in recent years. This includes the weldability-related optim-
ization of design, material and the welding process. The systematic approach
based on theory and mathematics is termed “weldability analysis”.

Based on the systematic approach, the contents of this book proceed from
the temperature field, treat residual stresses and distortion on that basis and end
with the practitioners’ measures to reduce the former. A preliminary chapter
introduces the field and a final chapter reviews the strength effects of welding.

The book is based on my regular lectures at the Braunschweig Technical
University. Additional research work was performed as part of my responsibili-
ties at the Daimler-Benz Corporation. The English manuscript was carefully
typed by Hedwig Schiebel. The diagrams were meticulously ink-drawn by Helga
Schmidt. Shicheng Zhang has assisted me in reading the page proofs. All this
support is gratefully acknowledged. I am particularly indebted to Alan Wells for
his appreciative foreword.

Stuttgart, April 1992 Dieter Radaj
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List of symbols

The list of symbols used in equations, figures and text is arranged first according to the Latin and
then according to the Greek alphabet. The upper case letter is always quoted first, the lower case
second. Within each letter group, parameters with the same dimensions are arranged consecutively.

A uniform and unique notation, which is additionally comprehensible to the English reader,
could not always be introduced because of different habits in the various fields of engineering science
compiled here in one book. Some symbols are multiply assigned if mistaken usage can be excluded.
The symbols with multiple assignments are listed separately if the meaning is different and in the
same line if the meaning is similar.

The former notations ay, 6, ,, oy are retained instead of using the newer standard notations R.,

R o.1» Rm because they are consistent with the stress symbols and are therefore more descriptive.

A [mm?] Cross-section area of girder, rod or plate

A, Awm [mm?] Cross-section area of weld or pass, the same in model

Ag [mm?] Cross-section area of flange

A, [mm?] Cross-section area of electrode

Ag, Apy [mm?2] Cross-section area of deposited and fused (i.e. melted) metal
[mm?/N] Parameter in residual stress solution (Fig. 110)

A [mm?/N] Parameter for strain evaluation (eq. (198))

A* [mm?/N] Above parameter modified for strain gauges

A [1/s] Material characteristic value for creep (eq. 238)

a, a* [mm?/s] Thermal diffusivity, the same of reference material

a, ay [mm] Weld or throat thickness, the same for root pass

a [mm] Leg length of fillet weld

a, a* [mm] Semi-axis of ovaloid in positive and negative x-direction

ag [mm] Spacing between specimen and film

a [mm?/N] Material characteristic value for creep (eq. (238))

B [mm?/N] Parameter for strain evaluation (eq. (199))

B* [mm?/N] Above parameter modified for strain gauges

B [(mm?/N)"] Material characteristic value for creep (eq. (232))

b, b* [1/s] Heat transfer coefficient for plate and rod

b [mm] Semi-axis of ovaloid in y-direction

Co [J/mm2sK*] Radiation coefficient

[Cr] /K] Heat capacity matrix

dCc* - Differential coefficient (eq. (133))

C [N/mm?] Material characteristic value for hardening (eq. (125))

C -] Material characteristic value for creep (eq. (235))

C [cm3/100g] Hydrogen concentration

¢ [J/gK] Specific heat capacity

c [mm] Semi-axis of ovaloid in z-direction

c -] Carbon content
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List of symbols

Plate flexural rigidity

Material characteristic value for creep (eq. (234))
Hydrogen diffusion coefficient

Diameter

Diameter of constant density heat source or drilled hole
Diameter of normal distribution heat source
Diameter of electrode rod

Diameter of electrode covering

Diameter of area heated to 150°C

Diameter of roller

Interplanar spacing of atoms in crystal lattice

Elastic modulus, the same for reference material
Elastic modulus at 0 or 20°C

Elastic modulus at temperature T

Eccentricity, distance from centre of gravity

Interspace between weld spots or tack welds, the pitch
Euler constant (e = 2.7183), base of natural logarithms

Tensile force

Longitudinal shrinkage force, active shrinkage force
Transverse shrinkage force

Transverse shrinkage force per unit length of weld
Roller compressive force

Range of force or twice the amplitude of force
Material characteristic value for creep (eq. (233))
Creep function dependent on stress

Shear modulus

Material characteristic value for creep (eq. (234))
Creep function dependent on time

Gravitational acceleration

Hardening modulus, the same at 0°C

Creep activation energy

Holloman-Jaffe index (eq. (228))

Hydrogen source (or sink) density

Thickness of plate, shell, weld, weld pass, height of bar or flange
Above thickness in model

Height of rib

Total plate thickness

Web thickness

Flange thickness

Initial height of bar, depth of blind hole

Height of relieved layer

Height of deposited bead

Depth of fused metal or weld pool

Above depth for deep penetration weld (Figs. 54 and 55)
Distance of flange from bending centre line

Height of tension zone (Fig. 165)

Height of weld reinforcement

Transition thickness of plate (egs. (93), (97) and 173))
Total thickness of weld passes (Fig. 196)

Total thickness of weld passes (Fig. 196)

Creep function dependent on temperature

Moment of inertia

Moment of inertia relative to y- and x-axis
Current, effective current

Specific heat content of melted mass, i.c. enthalpy
Change of specific heat content, i.e. of enthalpy
Sequence of numbers, i = 1, 2, 3, for tensor indexing
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s -
RAAR

P> Po

<
*

P

RO OIO

-]

-]
[A/mm?]
[N/mm?]
[mm?/N]
[-]

[J/sK]
[N/mm?*?]
[1/mm?]
[J/mm3]
-]

xvii

Number of weld passes (Fig. 196)

Sequence of numbers, j = 1, 2, 3, for tensor indexing
Number of weld passes (Fig. 196)
Current density in cross section of electrode

Compression modulus

Factor of transformation plasticity (eq. (128))

Material characteristic value for creep (eq. (236))

Heat conduction matrix

Fracture toughness, the same of reference material
Concentration factor of normal distribution heat source
Proportionality factor (eq. (143))

Geometry correction factor on Atgs

Factor for arc operating time (eq. (104))

Correction factor from measurement (eq. (104})
Geometry factor for buckling (eq. (187))

Factor for backtilting (eq. 181)

Correction factor for multipass and intermittent welding

Length of weld, plate, shell, strip, straining length
Elongation of plate, length of rod element, longitudinal shrinkage
Length of plastic zone

Length or interspace length of string weld

Length of weld, length of weld pool

Length of flame core

Exposed length of electrode

Length of heat strip

Distance of transition zone from heat source

Length of end and centre section of slot weld (Chapter 3.3.2)
Length of electric arc

Length of molten pool

Length of ripple lag

Bending moments per unit length of perimeter (Fig. 141)
Coefficient in eq. (133)

Increment of resultant moment relative to z-axis
Transverse shrinkage moment

Above moment per unit length of weld
Longitudinal shrinkage moment

Hardening exponent (eq. (125))

Material characteristic value for creep (eq. (233))
Number of buckling waves

Correction factor on angular shrinkage (eq. (180))
Melting rate at electrode

Deposition rate at workpiece

Material characteristic value for creep (eq. (232))
Number of plates or weld passes, order of interference line
Geometry factor in Atg s

Perimeter of rod

Correction factor on efficiency (eq. (70))

Radial pressure related to o, (eq. (158))

Pressure of electric arc

Partial pressure of hydrogen, ambient air pressure
Pressure intensity in circumferential line of cylindrical shell
Power density

Net heat amount, heat content
Gross heat amount

Limit heat content
Volume-specific heat



xviii List of symbols

0. [J/mm3s] Volume-specific heat flow or source density
{Q} [3/s] Column-vector of nodal point heat sources
q [J/s] Net heat flow, net heat input (or output)
q [3/s] Gross heat flow, gross heat input (or output)
90, i [3/s] Initial heat flow, limit heat flow
dm [J3/s] Heat flow or heat input in model
qe [J3/s] Net heat output at electrode
qc [J/s] Lower calorific value of gas supply
q [J/mms]) Heat input per unit length of weld and unit time
q* [3/mm2s] Heat flow density, heat source density (per area)
Qrax> Qin [J/mm?3s] Maximum and minimum value of the above density
q* [J/mm?s] Heat flow density of convection
qr [J/mm2s]  Heat flow density of radiation
qt; [J/mm3s]  Tensor of heat flow derivatives
q, g% [J/mm?3s] Heat source density (per volume), maximum value of this
Qs Gw [J/mm] Net and gross heat input per unit length of weld
G [J/g] Heat quantity per unit of melted-off mass
q [1/s] Material characteristic value for creep (eq. (234))
R, R, [mm] Distance in space from centre, the same in model space
[mm] Radius of shell, ring, rod or weld spot
R, R, [mm] Inner Radius, outer radius
AR, [N] Increment of resultant force in x-direction
R [N/mm] Transverse stiffness, restraint intensity
R [€] Electrical resistance
R [J/kmolK] Gas constant
s ¥m [mm] Distance in plane from centre, the same in model plane
Ar [mm] Distance from centric weld in annular plate
ro [mm] Radius of constant density heat source
Fm [mm] Radius of cylindrical melted pool
r [mm] Radius of interference ring
Ar, [mm] Increment of displacement in x-direction
S [mm?] Area moment of cross section part
S [cm3/100g] Hydrogen solubility
[K] Temperature, temperature rise

To [K] Initial, ambient or working temperature
T max [K] Maximum temperature, peak temperature
Tomax [K] Maximum temperature at bottom of plate
T, [K] Upper temperature (Fig. 168)
IR [K] Annealing temperature
T, [K] Austenitizing temperature
T amax [K] Austenitizing peak temperature
T, TX [K] Melting temperature, the same for reference material
Tx* [K] Temperature of melted-off droplet
T, [K] Cooling-down temperature of first layer
T, [K] Preheating temperature
Ty Trmax [K] Temperature of resistance heating, maximum value of the same
Ty [K] Limit temperature
Tu, T [K] Lower and upper transformation temperature
T [K] Temperature of weld at start of transverse shrinkage
Tnot [K] Transition temperature of Drop Weight Test
{T} [K] Column vector of nodal point temperatures
{T} [K/s] Column vector of nodal point temperature derivatives
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t [s] Time, time coordinate

fe [s] Time after end of welding



List, of symbols

tw

t*

[

tems LeF
At
At,
Atgs
At,
At,,, At,,, Aty
Aty

ta

tt

At

ts

ta

tx

U

U, Uy
2

u
V,AV
VAc

[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[s]
[h]
[h]

[v]
[mm]
[(mm]
-]
[mm*]
[1/h]
[mm/s]
[mm/s]
[mm/s]
[mm/s]
[mm/s]

[mm]
[mm]
(mm]
[(mm]
(mm]
(mm]
[mm]
[mm]
[(mm]
(mm]
[mm]
[mm]
[(mm]
[mm]
[mm]
[mm]
[-]

[(mm]
[mm]
[mm]

[mm]
[mm]
[mm]
[mm]
[mm]

[mm]
[mm]
[mm]
[mm]

Xix

Time after start of welding

Time after start of shrinkage

Current flow time

Cooling time: end of 100% martensite, start of ferrite formation
Time difference, dwell time

Time interval between line and normal source (Fig. 24)

Cooling time from 800 to 500°C

Austenitizing time

Austenitizing time, one-, two- and three-dimensional heat diffusion
Dwell time above T, (Fig. 104)

Austenitizing time (Fig. 104)

Cooling time from A 3 to M, (Fig. 104)

Dwell time in model

Saturation time at switch-off of heat source

Annealing time

Heating and annealing time

Voltage

Displacement, the same in model

Radial displacement

Variable in E;( — u) and ¢(u) (egs. (42) and (43))

Volume, volume change

Acetylene consumption

Welding speed, the same in model
Flow velocity

Melting-off or feed velocity of electrode
Above velocity in model

Melting-off velocity in friction welding

Deflection

Initial deflection, constriction in centre section of cylindrical shell
Buckling height, buckling depth

Width of plate or strip

Width of molten pool or fused zone

Above width with deep penetration weld (Figs. 54 and 55)
Transverse deformation of weld

Width or half-width of plastic zone

Width of tension zone (0 < 6, < 6y)

Width of tension yield zone (¢, = oy)

Width of tension zone in infinitely wide plate

Width of stress-free high-temperature zone

Width of welding groove, width of bead

Width of annealing zone or heated zone

Width of roller, width of gap

Width of transformation zone

Volumetric content of microstructural phase

Cartesian coordinate, weld longitudinal direction

Above parameter in model

Distance or displacement in x-direction, groove longitudinal off-set

Cartesian coordinate, weld transverse direction, distance from weld
Above parameter in model

Meridional coordinate (Fig. 145)

Distance of heat strip from axis z of cross-section

Distance or displacement in y-direction; groove transverse off-set

Cartesian coordinate, thickness direction of plate, axis of electrode
Above parameter in model

Distance of heat strip from y-axis of cross section

Groove transverse off-set in z-direction perpendicular to plate



XX

Ei(—u)
&, &5

€

{de}
€15 €eq
&, €15
{der}

et

&, &1
8max

ET max
Ay,

Eels &c ij
&

€ps Epij
&y & ij
Eqij»> Evij
Eirs Er ij
€lp’ €tp ij
&y

€05 €0 max
Eot

&o

&, ER
£xr Eys &7
Exzs Eyz
€005 €45
€905 €135
ée ij

évp ij
T
’16
nm
Ul
n*

[1/K]
[1/K]
[1/K]
(']

-]
[J/mm2sK]
[J/mm?3sK]
[J/mm?2sK]
[g/Ah]
[g/Ah]

(-1

[-]

[-]

-1

-]

[mm]
[mm]
[mm]
[mm]
[mm]
[mm]

T
—

[ N N L L e e

It

i

1/s]
1/s]

!

[T |

List of symbols

Thermal expansion coefficient, the same for reference material
Mean value of a in temperature range

Maximum value of a at ya-transformation

Measuring direction at drill hole

Groove included angle

Coefficient of convective heat transfer

Coefficient of radiation heat transfer
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Principal stress direction
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Scale factor of model
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Transverse shrinkage of intermittent welds
Transverse shrinkage in phase 1 and 2

Transverse expansion (Fig. 189)
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Volume change by transformation

Integral exponential function (eq. (42))

Strain, strain tensor

Degree of blackness
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Total strain, equivalent strain
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Shrinkage strain (eq. (149))
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Maximum strain in blind hole drilling method

Maximum value of thermal strain
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Effective plastic strain (eq. (124))
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Yield limit strain, strain at initial yielding
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Weld-transverse initial strain, transverse dislocation
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Radial strain, residual strain
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Strain directed 45° relative to x- and z- or y- and z-axis
Strain directed 0° or 45° at drill hole

Strain directed 90° or 135° at drill hole

Tensor of elastic volumetric strain rates

Tensor of viscoplastic strain rates

Heat efficiency at weld pool (eq. (1))

Heat efficiency at electrode (eq. (58))

Fusion efficiency of welding process (eq. (70))

Thermal efficiency of base metal melting (eqs. (71) and (72))
Shape factor of transverse weld (eq. 153)
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Fullness ratio of fusion zone in cross section
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Heat flow parameter, two- and three-dimensional heat diffusion
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Constraint stress, reaction stress (Fig. 7)

Circumferential initial stress, i.e. residual stress source (eq. (158))
Initial stress (eq. (226), Fig. 235), the same at temperature T
Weld-longitudinal initial stress, i.e. residual stress source
Stress in model

Critical radial stress, buckling stress

Shrinkage stress

Equivalent stress, mostly after von Mises

Yield limit or yield stress, the same of reference material
Maximum yield stress

Ultimate strength, rupture stress

0.1% and 0.2% offset yield stress

Yield limit or 0.1% offset yield stress

0.1% offset yield stress at 0°C

Yield limit at 450°C

Yield limit of base metal and of weld or filler metal
Thermal stress from elastic suppression of thermal strain
Yield stress of weaker phase

Surface tension

Shear stress in x- and y-direction

Maximum shear stress

Octahedral shear stress

Residual shear stress

Shear stress yield limit, yield shear stress

0.4% offset yield shear stress

Surface shear stress

Time parameter, one-, two- and three-dimensional heat diffusion
Austenitizing time parameter, dimensionality of heat diffusion

Bessel function of second kind and zero or first order

Gaussian probability integral

Angle of inclination of force-displacement curve of weld (Fig. 172)
Angle of bending shrinkage by longitudinal weld (Fig. 192)

Angle of bending shrinkage by transverse weld (Fig. 193)
Azimuth angle

Increment of twisting angle relative to z-axis

Angle of inclination of X-ray beam versus surface normal line
Heat saturation function

Heat saturation for one-, two- and three-dimensional heat diffusion
Loss factor of deposited weld

Cooling rate parameter



1 Introduction

1.1 Scope and structuring of contents

This monograph on heat effects of welding refers to temperature fields, residual
stresses and distortion occurring during and after welding and thermal cutting.
Welding is the non-detachable joining or coating of components or base
materials under the (mostly local) application of heat or pressure, with or
without the use of filler material (definition according to German Standard DIN
1910 [341]). Joining is preferably performed with the welding zone being in the
plastically deformed or liquid state. Thermal cutting is the separation of com-
ponents or base material through the local application of heat. This monograph
refers primarily to (gas and arc) fusion welded joints (seam welds) and to
(resistance) pressure welded joints (spot welds). Account is also taken of friction
and stud welded joints, claddings and flame cuts. The applications under
discussion comprise metals with emphasis on steels and light alloys.

Due to the highly localized transient heat input, considerable residual
stresses (welding residual stresses) and deformations (welding distortion,
welding shrinkage, welding warpage) occur during and after welding. In contrast
to load stresses, i.e. internal forces being in equilibrium with external forces,
residual stresses are internal forces occurring without external forces. The
sections and chapters which follow deal mainly with “macroscopic” residual
stresses, which are of relevance for the engineer and which can be described in
terms of continuum mechanics, whereas the “microscopic” residual stresses
between or in the crystallites are ignored. Warpage is a phenomenon of struc-
tural instability as a result of shrinkage or distortion.

Welding residual stresses and welding distortion may greatly impair manu-
facturing and strength. Measures are, therefore, taken to minimize welding
residual stresses and welding distortion, or to eliminate them after welding. In
manufacturing, welding deformations jeopardize the shape and dimensional
tolerances required. Joint misalignment and increased groove gaps render
manufacturing more difficult. Welds, especially tack welds, may rupture par-
tially or completely as a result of residual stresses produced during welding.
Residual stresses relieved during machining result in unacceptable distortions of
the workpiece. Welding residual stresses may cause brittle fractures in the
finished structure. Tensile residual stresses reduce fatigue strength and corrosion
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resistance. Compressive residual stresses diminish the stability limit. In contrast,
the positive effects of welding residual stresses (compression is favourable in
respect of fatigue and corrosion; tension is favourable in respect of stability) are
of secondary practical significance.

This state of affairs results in structuring of the material into the following
principal sections:

welding temperature field analysis,

— welding residual stress and distortion analysis,
reduction of welding residual stress and distortion,
— effects of welding on strength.

|

The analysis of welding residual stress and of welding distortion, viewed in
a historical perspective, developed to a large extent independently of each other
although, viewed from the physical aspect, they are closely related. This is based
first of all on the fact that welding residual stresses are primarily of interest as
a basis for assessing strength, whereas welding deformations, by contrast, are
primarily considered as phenomena impairing manufacture. However,
a methodical difference also exists in respect of physics in that it is generally
necessary to develop a finite element model of the structure or continuum for
assessing welding residual stresses, whereas simpler approaches within the
framework of common engineering theories of structures very often suffice for
assessing welding deformations. The assumptions which have to be introduced
in the latter case relate, in particular, to the magnitude of the weld shrinkage
force and the extension of the plastic zone. Welding residual stress analyses,
though, can provide reference values of these parameters. If, on the other hand,
an approach based on measurement is adopted, this then necessitates sophisti-
cated measuring techniques for welding residual stresses which are practicable
only under laboratory conditions, whereas welding deformations can be mea-
sured under workshop conditions using simple equipment.

1.2 Weldability analysis

The multitude of influencing parameters and their non-linear, transient and
temperature-dependent effect prevent valid statements on welding residual
stresses and welding deformation in individual cases to be made, and render
generalizations controversial. The practician uses a standardized definition of
terms relating to weldability as a classification system which is of some value
considering the effect of welding residual stress and welding deformation (albeit
in a more linguistic than scientific manner). The scientific analyst, on the other
hand, has been able to reduce the complexity of the phenomena by decoupling
into thermodynamic, mechanical and microstructural processes.

The term “weldability of the component” as defined by German Standard
DIN 8528 [342] is subdivided into the elements of “welding suitability of the

"

material”, “welding reliability of the design” and “welding feasibility in manufac-
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Material
Welding suitability

Component

Weldability

Fig. 1. Definition of the term
“weldability” according to German
standard DIN 8528

ture” (Fig. 1). Welding residual stresses and welding deformations constitute an
important partial aspect of weldability. They may give rise to hot cracks, cold
cracks, brittle fracture and early instability, affect serviceability as a result of
distortion or warpage and impair manufacture; for example, as a consequence of
transverse movement of the groove edges. Novel welding suitability indices,
composed of common thermal and mechanical material characteristic values,
are given in this book for the relative assessment of welding suitability of the
material from the aspect of welding residual stresses and welding deformations.
The welding reliability of the design is assessed primarily on the basis of welding
residual stress analysis, whereas welding feasibility in manufacture is assessed
primarily on the basis of welding deformation analysis. The results of such
analyses have to be compared with corresponding limit values (strength values
and dimensional tolerances). Suggestions for improvements and possibilities for
optimization of design, materials and manufacturing are derived from compara-
tive analyses.

In line with the classification presented above, the parameters which have an
influence on weldability can be grouped in the following manner, closely
reflecting current practice:

— material-related, including type (chemical), composition and microstructure
of base and filler metal;

— design-related, including shape, dimensions, support conditions, loading of
the structure and type, thickness and arrangement of the welds;

— manufacture-related, including welding method, welding velocity, welding
performance, groove shape, welding sequence, multiple layer, tacking, clamp-
ing, preheating and post-weld heat-treatment.

Weldability in a narrower sense is understood in respect of the strength proper-
ties required [138] (Fig. 2). The strength of the welded joint is subjected to
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[Primary influencing parameters ] Primary characteristic values
— Chemical composition Alloy element content
Transformation, microstructure Phases, microstructure, grain size
. Cooling time, austenitizing time
[( ’fWeldnng temperature cycle Annealing time and temperature
Post-weld heat treatment Plate thickness, type of weld
Component shape Equivalent stress, tri?xiality
. - Electrode cover, moisture
Loading condition etc.
Hydrogen content N4
( Target parameters Secondary characteristic values
olololojo Hardness Carbon equivalent
o|lo|o|ojo Strength Weldability indices
ojololojo|o Ductility Embrittlement indices
olo|o olo|o Cold cracking susceptibility Cracking susceptibility indices
o o oo D Hot cracking susceptibility <] Transition temperature
o ofo Lamellar tearing susceptibility etc.
e} e} Temper embrittiement
o|o|o|olo]|o Relaxation embrittlement
o|o e} ofo Corrosion resistance
etc.
AN S - -
econdary influencing parameters
e} Type of electrode
o) olo Welding process
oo Welding parameters
o o) Type of weld
oo oo <] Preheating temperature
ojofo}o Number of layers
o Dilution
o Burnoff, admixture
etc.

Fig. 2. Parameters with major influence on strength of welded joints (primarily heat affected zone)
constituting part of their weldability; after Buchmayr [124]

primary influence parameters such as chemical composition or temperature
cycle, which are determined to some extent by secondary influence parameters
such as electrode type or preheating temperature. The strength behaviour is
described by primary or physical characteristic values which may enter into
secondary or technological characteristic values. The complexity of the term
“weldability” even when restricted to strength properties is made clear by the
graph which contains only an incomplete listing of variables.

On the other hand, the decoupling according to Fig. 3 of the processes
underlying weldability into temperature field, stress and deformation field and
microstructural state field [194] has proven its worth for numerical-analytical
treatment, especially of welding residual stresses and welding deformations.
Arrows indicate mutual influences: the arrows with a solid line signify a strong
influence; arrows with a broken line represent a weak influence (often of
negligible relevance in engineering terms). A point worth stressing is the need to
incorporate microstructural transformations in the analyses, which depend not
only on the chemical composition of the material, but also on its thermal history
(particularly the welding-related history). The influence of microstructure makes
itself noticeable especially in the heat-affected and fusion zone of the weld.
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Thermodynamics
Temperature

Transformation
caused by stress

Metallography

Microstructural
state field

Mechanics

Stress and
deformation field

Transformation
stress

Fig. 3. Decoupling and mutual influencing of temperature field, stress and deformation field and
microstructural state field; after Karlsson [194]

The graph of Fig. 3 has been extended [138] in Fig. 4 to emphasize the
influence of transformation behaviour and to indicate the essential input and
output parameters referring to finite element analysis. Of course, hardness is
neither the sole nor the most important output parameter characterizing welda-
bility, but it is the parameter which can directly be determined based on
transformation behaviour.

1.3 Residual stresses

Residual stresses are internal forces without external forces acting. As constraint
stresses, they are in equilibrium only with themselves. Reaction stresses origi-
nating from self-equilibrating support forces may superimpose on the constraint
stresses. The total residual stresses superimpose on the stresses from external
load, i.e. the load stresses. Residual stresses are acting temporarily or perma-
nently.

A distinction is made between first, second and third order residual stresses
(Fig. 5). First order residual stresses, o', extend over macroscopic areas and are
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Thermal boundary cond. Chemical composition
Heat source data Austenitizing conditions
Thermodynamical prop. Austenite grain size

i t

Trans-
formation
behaviour

Transient
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T=1(x,y,21) Phase diagram

B

Thermal stress
Creep strain
Transformation
kinetics

Component geometry
Finite element mesh
Deformation heat
—— —

Micro-
structural
development

Transt. by stress

Mechanical
response

W,Q, €=
f(x,y,2t)

Phases =
f(x,y,z, T, t)

Transform. strain

Transform. plasticity

A i

Mechanical bound.cond. Hardness distribution
Loading data
Mechanical properties

Fig. 4. Extended graph of Fig. 3 emphasizing the influence of microstructural transformation; after
Buchmayr and Kirkaldy [138]

averaged stresses over several crystallites. Second order residual stresses, ¢, act
between crystallites or crystallite subregions (size approx. 1-0.01 mm) and are
averaged within these areas (for instance residual stresses around piled-up
dislocations or secondary phases). Third order residual stresses, 6™, act between
atomic areas (size approx. 10°2-10~° mm; for instance, the residual stresses
around a single dislocation). The presentations which follow refer exclusively to
first order residual stresses, i.e. to the macroscopic residual stresses, which are of
particular relevance for engineering purposes.

Residual stresses are the result of inhomogeneous permanent (i.e. plastic)
deformation which, at the material element, can be subdivided as follows:

— volumetric (or “dilatoric”) strain as a result of thermal expansion, chemical
conversion, microstructural transformation or change in state;

— distortional (or “deviatoric”) strain (i.e. shear strain) as a result of (time-
independent) plastic, and also (time-dependent) viscoplastic deformation.
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Fig. 5. First, second and third order residual stresses (¢", 6", o™) in crystallite structure, acting in
direction y, plotted over coordinate x, " recorded as crystallite mean value; after Macherauch and
Hauk [15] (ibid., Vol. 1, p. 11)

Such permanent deformations at the material element relative to a compatible
initial state are also termed “initial deformations”, “residual deformations” or
“extra deformations” and introduced as such into analysis. They can be handled
alternatively as “initial stresses” or “residual stress sources”.

Residual stresses may also arise as a consequence of a change in connectivity
of the component by welding, ie. as a result of (macro-)dislocations. Such
stresses occur for example in a ring which is cut open, shortened and then closed
again.

The residual stresses caused by inhomogeneous thermal expansion (or con-
traction) are termed “thermal stresses”. Elastic thermal stresses disappear after
removing the inhomogeneous temperatures by which they have been caused.
For this reason, many authors do not classify them as residual stresses. Where
major differences in temperature exist, the thermal stresses give rise to plastic
deformations. After removal of the temperature differences, residual stresses
remain. The residual stresses caused by microstructural transformation are
termed “transformation stresses”.
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1.4 Welding residual stresses

Welding residual stresses and residual stresses at flame cut edges are thermal
stresses (primarily cooling stresses), on which transformation stresses may be
superimposed. In the case of cold welding, diffusion welding, roll-cladding and
explosion cladding, the cold working forces are, exclusively or additionally to
the above heat effects, the origin of the residual stresses.

During the welding process, the weld area is heated up sharply relative to the
surrounding area (Fig. 6), and fused locally. The material expands as a result of
being heated. The heat expansion is restrained by the surrounding colder area,
which gives rise to (elastic) thermal stresses. The thermal stresses partly exceed
the yield limit, which is lowered at elevated temperatures. Consequently, the
weld area is plastically hot-compressed and, after cooling down, too short, too
narrow or too small relative to the surrounding area. It thus displays tensile
residual stresses; the surrounding area compressive residual stresses. Micro-
structural transformation during cooling (for instance the ya-transformation
described below) involves an increase in volume. If this occurs at a (lower)
temperature at which the yield limit is sufficiently high, this results in compres-
sive residual stresses in the weld area and tensile residual stresses in the
surrounding area.

The rule of thumb which applies is that, in the areas of the component which
have cooled down last, tensile stresses occur where thermal stress dominates,
and compressive stresses where transformation stress dominates.

Welding residual stresses are generated in components which, as a rule, are
already subjected to residual stresses and they are changed when the part
undergoes further processing or is operated in service. Manufacturing processes
which cause residual stresses are casting, hot and cold working, machining,
coating, surface treatment as well as heat treatment and age hardening. Residual

Fig. 6. Temperature field isotherms around welding heat source moving uniformly and linearly in
an infinite plate, modelled as line source perpendicular to plane of plate, quasi-stationary field in
moving coordinate system xy, the area of negligible yield stress shaded, the position of local
maximum temperature indicated as broken line; after Rykalin [1]
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stresses are also generated by improper assembly. Residual stresses undergo
changes as a result of local or global yield under non-recurring (static or
dynamic) or recurring (for instance cyclic) loading.

Thermal and transformation stresses do not occur in the homogeneous
material provided all the areas of the component heat up and cool down
simultaneously, ie. provided no temperature differences occur at any time.
Existing residual stresses can be strongly diminished under temperatures close
to and above the recrystallization temperature (approximately half the melting
temperature measured in degrees [ K]) by the reduction of yield limit and elastic
modulus as well as by stress relaxation and creep (stress relieving under high
temperature, stress relief annealing). Following this, the component must be
cooled down slowly and uniformly. Recrystallization involves a partially favour-
able, partially unfavourable change of the mechanical material characteristic
values. Residual stresses occur in the inhomogeneous material (for instance
when joining materials of different type) even then if the material is heated up
and cooled down slowly and uniformly.

Existing residual stresses are also reduced if load stresses are superimposed
on the residual stresses in such a way that the yield limit is exceeded locally,
which results in a favourable stress redistribution (mechanical or thermal
stress-relieving at low temperature: cold stretching, flame stress relieving, vibra-
tion stress relieving).

1.5 Welding residual stress fields

Residual stresses in the longitudinal direction of the weld, in the transverse
direction and in the direction of plate thickness occur as a result of similar
mechanisms.

Weld-longitudinal stresses are generated in accordance with the mechanism
of a weld seam which contracts longitudinally. The tensile stresses are limited to
a narrow area close to the weld, their maximum value being at or above the yield
limit. Lower compressive stresses exist in the surrounding region, dropping off
rapidly the further away they are from the weld.

Weld-transverse stresses in the plane of the plate are generated in accordance
with the mechanism of a weld seam which contracts transversely, especially
when the plate is restrained. They are not restricted to a narrow area close to the
weld, but also comprise the surrounding region. They are supported in a similar
way as external forces and, provided the support has sufficient elasticity, remain
below the yield limit.

Weld-transverse stresses in the direction of plate thickness may at least then
be generated if the plate thickness is sufficiently large. They result in the unsafe
triaxial tensile stress state.

The residual stresses in the interior layers of multi-pass welds are changed
(generally reduced) by thermomechanical processes.
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The residual stress state around weld spots in sufficiently extended plates is
generated axisymmetrically in accordance with the mechanism of a spot which
contracts radially. Nearby edges may restrict the axisymmetry.

The welding residual stresses just described are changed in the case of ferritic
steels by the microstructural ya-transformation (face centred y-phase mixed
crystal, austenite; body centred o-phase mixed crystal, ferrite), i.e. by the trans-
formation of austenite into pearlite, bainite or martensite. In certain critical
temperature ranges which depend on the reached maximum temperature and
mean cooling rate, these steels undergo microstructural transformations which
involve a volumetric expansion. This influence is of lesser significance in the case
of mild steel because the transformation occurs for the greater part at high
temperatures where the yield limit is low. This influence is significant in the case
of higher alloy steels because, in the case of such steels, the temperature range of
transformation, at the cooling rates which generally occur in practice, can be
shifted to relatively low temperatures with correspondingly high yield limit. An
especially marked form of the ya-transformation at low temperature is the
formation of martensite, i.e. the hardening in the fusion and heat-affected zone of
mild and low-alloy steels. The maximum values of the thermal stresses in the
centre plane of the weld are reduced by the superimposition of the transforma-
tion stresses and possibly reversed into compressive stresses. Austenitic steels do
not undergo any transformation in the considered temperature range.

The residual stresses in flame cut edges are determined by the transformation
of ferrite into martensite. Provided carburization and cooling rate are suffi-
ciently high, high compressive residual stresses occur.

Residual stresses in explosion or roll-bonded claddings are generated under
local plastic deformation resulting from compressive cold work.

Fig. 7. Reaction stresses og, (as a consequence of the plate transverse edges being restrained) and
constraint stresses o¢ at transverse weld (a) and at longitudinal weld (b)
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Residual stresses without external support forces are termed “constraint
stresses”. Residual stresses as a result of external support forces are termed
“reaction stresses” (in special cases also “misalignment stresses”). The constraint
stresses are in equilibrium with themselves. The reaction stresses are in equilib-
rium with the reaction forces at the supports. Provided a component is sup-
ported in such a way that it can deform freely, only constraint stresses occur.
Where component supports restrain the deformation, reaction stresses superim-
pose. This superimposition is presented schematically in Fig. 7 for the centric
transverse and longitudinal weld.

A distinction is made between the temporary welding residual stresses
during welding and the permanent welding residual stresses following complete
temperature equalization. The former determine the weldability; the latter are of
interest with respect to the strength of the structure.

1.6 Type examples

To illustrate what has been said so far, a number of type examples of (primarily)
measured welding residual stress fields are presented below.

A frequently investigated specimen is the rectangular plate with centric
jointing weld, which can be manufactured quickly and at low cost. The pub-
lished experimental results (and comparative analytical results) are mostly based
on a plane stress field assumed as uniform over the thickness of the plate. With
single-side welding, this does not adequately correspond to reality in view of the
superimposed bending effect. Such a result is presented in Fig. 8 (cutting method
for residual stress measurement and finite difference method for numerical

Fig. 8. Longitudinal and
transverse residual stresses in
centre cross-sections of
rectangular plate with centric
weld, analytical and experi-
mental results; after Koch [274]
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analysis). The longitudinal stresses show the tension maximum typical for mild
steel, close to the yield limit in the centre of the weld and to the side of that the
drop to compression values. The transverse stresses reveal high compression
values at the weld ends and low tension values in the middle of the weld
length. The symmetry of the distribution in the weld-longitudinal direction
applies only to momentarily applied weld seams or to rapid welding relative to
cooling down, i.e. to short welds. The equilibrium conditions can be examined
by comparing the areas under the curves in suitable sections.They are obviously
only inadequately met in this case. If the plate is extended in the weld longitu-
dinal direction, the stress state at the plate ends is displaced accordingly. The
dominant element in the case of this relatively short rectangular plate are the
plate end effects. With a lower welding rate or longer weld, an asymmetrical
distribution develops in the longitudinal direction of the weld. Transverse
tension then occurs at the end of the weld.

The circular plate with plug weld on one side (Fig. 9) is typical in respect of
residual stresses and also in spot and stud welded joints. The axisymmetrical
residual stresses have been approximately calculated and compared with the
results of measurements using the boring-out and turning-off method. High
biaxial tension occurs in the weld zone, dropping to zero outside of this area; the
radial stress directly, the tangential stress through a compression maximum. The
radial tension in the inner zone is supported against tangential compression in
the outer zone (“arch effect”). The plate bending effect, which in reality is
superimposed, is not covered here. The type of residual stress field described also
occurs in a semicircular form ahead of weld ends.

In view of the ya-transformation shifted to lower temperatures with the
related transformation expansion, considerable deviations exist in the residual
stress field of alloyed steels. The most striking is the compression zone at the
former tension maximum of the thermal residual stresses. This is presented in

Fig. 9. Radial and tangential residual stresses in circular plate with plug weld, analytical and
experimental results; after Watanabe and Satoh [213]



1.6 Type examples 13

Fig. 10 for the longitudinal residual stresses in the top and bottom surface of
a longitudinally welded plate of high-strength steel. The longitudinal residual
stresses were determined applying the cutting method combined with strain
gauges.

Particularly marked transformation stresses occur at flame cut edges
(Fig. 11). Here, a tension maximum would be expected in view of the thermal
contraction, just as in weld seams, but this is converted as a result of the
transformation expansion into a compression maximum. The “compression
skin” explains the high fatigue strength of flame cut surfaces and the decrease in
strength as a result of subsequent machining. The residual stresses presented

Fig. 10. Longitudinal residual stresses
resulting from thermal and transformation
strains, high-tensile fine-grained structural
steel with electrode of matching material,
experimental results; after Rappe [276]

Fig. 11. Longitudinal residual stresses at flame cut edge of mild steel plate, experimental results;
after Ruge and Schimmoller [285]
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Fig. 12. Residual stresses in ferritic steel
plate with austenitic roll-bonded cladding,
stresses normal and parallel to direction of
rolling, experimental results; after
Schimmoller [281]

have been determined from the resilience deflections of the specimen with the
flame cut edge being removed in layers.

The biaxial residual stresses caused by the local effect of (rolling) pressure in
(cold) roll-bonded cladding on plate are presented in Fig. 12. They have been
determined from the resilience deflections of the plate relieved with the removal
of surface layers. High compression exists in the surface of the austenitic
cladding while tension prevails in the bonding face. The stress state is (plane-
hydrostatically) biaxial. The difference of the stresses in the rolling direction, o,
and transverse to it, o, is negligibly small.

1.7 Welding deformations

With the welding residual stresses there also occur (temporarily or permanently)
welding deformations (displacements and rotations), termed “shrinkage”, “dis-
tortion” or “warpage”. Stress and deformation are largely opposed. High stres-
ses occur where the deformation is restrained (i.e. low), low stresses where the
deformation is unrestrained (i.e. high). The task which exists in practice, though,
is to achieve high shape and dimensional precision combined with low welding
residual stresses.

The longitudinal shrinkage of the weld seams after welding caused by the
longitudinal upsetting during welding results in a longitudinal shortening of the
component, notably in the weld zone. Where the weld is arranged eccentrically,
this produces the unwanted bending deformation of girders and plates (bending
shrinkage). The transverse shrinkage of the weld seams, caused by transverse
upsetting during welding, increased by the closing of originally open weld
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grooves, results in a transverse shortening of the component. Where the com-
ponent is welded from one side, this results in additional angular shrinkage, or,
where angular shrinkage is restrained, in bending deformations. Angular shrink-
age is particularly marked in the case of single-side multi-pass welding.

The compressive residual stresses caused by shrinkage forces may produce
an unstable transverse deformation of thin plates. Such “buckling” or “warpage”
results in major deflections normal to the plate plane with a permanent reduc-
tion of the shrinkage forces.

Fig. 13. Longitudinal and
transverse shrinkage, angular
and bending shrinkage of
rectangular plate with single-
side welded centric jointing
seam

Fig. 14. Bending deformation of girders with eccentric longitudinal weld (a) and eccentric transverse
weld (b)
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Distortion is also observed during welding or flame cutting in the form of
opening or closing of the weld groove or cutting faces.

The four basic types of welding deformations can be demonstrated for the
rectangular plate with centric jointing weld, already used for presenting the
welding residual stresses (Fig. 13). In contrast to the presentation of welding
residual stresses, the two bending modes are also covered here, resulting from
the unsymmetrical groove. The welding deformation can be subdivided into
longitudinal and transverse shrinkage and angular and bending shrinkage.
A further example for unwanted welding deformation in practice is the bending
deformation of girders with an eccentric longitudinal or transverse weld (a
similar effect occurs with stud welding) (Fig. 14).

1.8 References to related books

There are a number of German and English monographs and conference
volumes (some translated from the Russian) dealing with the subject of temper-
ature fields, residual stresses and residual deformations during and after
welding, which are useful for design, analysis, test and production engineers. In
addition to references to individual publications in the field, they provide
a multitude of detail data. The contents of the monographs are outlined and
assessed below, approximately in the order of their publication date.

The book by Rykalin [1], which first appeared in Moscow in 1951, is the
basic work on the analysis of thermal processes during welding, which, even
today, can claim to be the basic reference work. Since then, no significant
advances have been noted in thermodynamic modelling although there have
been improvements to numerical methods and computing aids.

The books by Okerblom [2, 3], first published in Moscow in 1947, contain
reflections on the origin and classification of welding residual stresses and
welding deformations, simple analyses and results of older measurements. Also
presented are the effects and the possible reduction of welding residual stresses
and welding deformations. These books are in many respects out of date.

The book by Gunnert [4] (his dissertation) focuses on a specific residual
stress measurement method, the releasing of residual stresses by drilling a ring
groove around the measuring marks arranged in a star pattern, the change in
distance between the marks being detected by a detachable strain gauge. Results
of measurements are reported, the verified reduction in residual stresses pres-
ented and the effects of residual stresses on strength discussed.

Malisius [5] deals preferably with welding deformations as well as their
physical and technical origin and effect, including influences on design and
manufacture. Welding residual stresses are discussed in respect of the risk of
crack initiation. The book is more closely related to practice than theory.
Qualitative statements dominate over quantitative statements. Individual cases
are dealt with in greater depth, including a number of complete structures.
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Héinsch and Krebs [6, 7] offer physical and illustrative basic facts in respect
of the origin of welding residual stresses and welding deformations, methods of
analysis in research and practice, longitudinal and transverse stress system
effects on structural load bearing capacity, design and manufacture measures,
the box girder of a railway bridge as an analysis example for welding deflections
and an overview of related analysis programs. The book [7] offers an adequate-
ly systematic, thorough and condensed presentation in respect of rod-like parts,
with detailed numerical data and an analysis example for practical applications.

Vinokurov [8] offers a comprehensive and theoretically substantiated pre-
sentation of the subject matter, while including numerous results of measure-
ments, based in particular on the work of the Baumann Technical Institute in
Moscow. The book includes fundamentals and applications, analysis and
measurement methods, specimens and components as well as methods of reduc-
tion of stresses and deformations.

Neumann and Rébenack [9] compile results from literature together with
the results of their own research in the form of a catalogue, organized systemati-
cally. The particular value of this book is its great variety of results and the
quotation of the original results from measurement including approximative
formulae.

Masubuchi [10] covers in a very extensive, manual-like book (624 pages,
1511 references) not only transient temperature fields, thermal stresses, welding
residual stresses and welding deformations, but also the strength of welded
structures (static strength, fatigue, corrosion, instability, weld cracking) on the
basis of the above phenomena. Welding defects and fatigue fracture mechanics
are also addressed. In view of its Japanese-American knowledge base, the book
is a valuable supplement to the Russian and Western European oriented books
[2 to 9]. It is not possible to deal here with several monographs in Russian and
Japanese language relating to residual stresses and distortion during and after
welding (references in [10]).

The above overview is rounded off finally by reference to the conference
volumes [11 to 21]. Several existing books and conference volumes on residual
stresses in general, including welding residual stresses, are not dealt with here.

1.9 Presentation aspects

Following these commentaries on older technical books available on the sub-
ject, what is now of interest are the presentation aspects of the present book,
which, under the general subject of design, analysis and manufacture of welded
structures, supplements the publication [436, 437] on their structural fatigue
strength.

Welding residual stresses and welding distortion are kept within sustainable
limits, proceeding from tediously acquired and frequently insufficiently verified
empirical knowledge. Accordingly, the older publications on the subject at least
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are more a workshop manual than an instruction for action based on scientific-
technical knowledge. On the other hand, considerable efforts have been made,
initially in Russia, to shed light on the field also from the theoretical standpoint.
In the West, the finite element method later opened up a wide-ranging, theoret-
ical path, yet one closely related to practical applications. Proceeding from the
finite element method, the subject of temperature fields, stresses, deformations
and microstructural transformations arising by welding might be presented in
concise mathematical form. This would be a specialized publication on non-
linear and transient thermo-elastic-plastic field problems (supplemented by elec-
tromagnetic and fluid field problems), its possible application in no way being
limited to welding engineering. On the other hand, relation to welding engineer-
ing practice could then only be presented in abbreviated form by way of
examples. The numerous material and process parameters required for finite
element simulation would not generally be sufficiently well known. It would not
be possible to draw general conclusions from the numerical results relating to
individual cases. The empirical knowledge from practice could not be included.

The theoretical basis which has been acquired so far is used in this book for
convincingly structuring the subject matter, for integrating analysis and test
results and for checking the logic of existing empirical knowledge. The physical
and technical bases are presented, as are the results of analyses and measure-
ments, but not the mathematical details of the analysis methods.

The uniqueness of welding phenomena necessitates the dominance of
methodical aspects in structuring the subject matter. The phenomena are
strongly non-linear, inhomogeneous and transient. They are determined by
a multitude of geometry, material and process data. General statements and
theorems, as exist, for instance, in the field of elastic structural behaviour, are not
possible in this case for the reasons already stated. Each result applies only to
the respective individual case of defined conditions. Each further case necessi-
tates a detailed reanalysis. For this reason, the design, analysis, test and produc-
tion engineer is best served with the presentation of the available methodical
approaches. Account has also been taken, however, of application aspects in
structuring the subject matter. The book is, therefore, only partially arranged
according to methods. All in all, a compromise had to be adopted, as is
inevitable with practical tasks. An elaborate subject index is available for
readers requiring information on special issues.

The structuring employed here is of significance, beyond the didactic intent
of the book, for the planning of expert systems for welding engineering, which
are currently so topical.



2 Welding temperature fields

2.1 Fundamentals

2.1.1 Welding heat sources

2.1.1.1 Significance of welding temperature fields

The origin of welding residual stresses and welding distortion is the concen-
trated heat input, both locally and in terms of time, by which a fusion zone is
produced at the welding spot (fusion welding). With the combined action of
pressure producing local plastic deformations, heating to just below the melting
temperature is also sufficient (pressure welding). Only in exceptional cases is
welding performed solely under local pressure (cold welding). The high heat
concentration is necessary because metallic materials rapidly diffuse the heat.
The temperature fields during welding are consequently extremely in-
homogeneous and transient. The basic temperature of the component in the
most unfavourable case is — 40 °C (severe frost); the local maximum temper-
ature in the weld pool is at the evaporation temperature of the metal (approx.
3000°C in the case of steel). In this temperature range, base metal and filler
metal fuse, metallurgical processes proceed in the weld pool, regions of the
metal solidify and recrystallize, and microstructural transformations take place
during heating and cooling. The temperature field, therefore, determines the
welding residual stresses not only directly through the thermal strains, but also
indirectly through the transformation strains which accompany the changes in
state and microstructure (Fig. 3). The temperature field should be assessed in
both respects. In addition, it is of interest in connection with questions of
material and process engineering.

What is presented below in respect of welding temperature fields can basi-
cally be transferred to thermally comparable processes; for example, to thermal
cutting and surface heating with the flame for the purpose of hardening,
soldering, flame cleaning, stress relieving or flame straightening.

2.1.1.2 Types of welding heat sources

Local and time-related heat concentration is achieved by different types of
welding heat sources.

In the case of arc welding, the heat is generated by means of the electric
discharge at the anode and cathode spot as well as in the gas column (the
thermal plasma). In welding processes using a direct arc, anode and cathode
spot directly heat the base metal and the melting or non-melting electrode
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material, supported by indirect heating as a result of radiation and convection
(the blow effect) proceeding from the arc column, as well .as by radiation
proceeding from the electrode spot. In welding processes using an indirect arc
(plasma welding), only indirect heating is effective with a plasma jet velocity
which can be increased up to flame cutting. In all cases, this involves surface
heating. Arc welding is performed with a solid-coated melting electrode, with
a melting or non-melting electrode shielded by active or inert gas or with
a melting electrode shielded by slag-forming powder. Weld seams and weld
spots are possible. An arc pressure welding method is stud welding.

In the case of welding (and spraying) with a gas flame, acetylene C,H, is
partially combusted with pure oxygen O, in the reduction zone surrounding the
flame core (see Fig. 73) to form carbon monoxide CO and hydrogen H, and
then completely combusted in the flame column with atmospheric oxygen to
form carbon dioxide CO, and water vapour H,O. The gas flow of the flame
impacts the surface of the welding spot at high velocity. Heating is the result of
convection and radiation. The method can be performed without and with filler
metal. Seam and spot fusion welding are possible, as is gas pressure welding.
Heating with a gas flame can, in addition to welding (and spraying), also serve
other purposes (e.g. flame cleaning, soldering, heat treatment, preheating).

Electrical resistance heating is used in resistance spot welding (including also
projection welding and roller seam welding), in resistance butt welding (pressure
butt welding, flash butt welding, high frequency resistance welding of longitu-
dinal and spiral-type seams) and in electric slag welding.

In resistance spot welding and resistance butt welding, the initially dominant
contact resistance in the contact area of the parts being welded (and in the
electrode face) results in heating of the surface. After local fusion, the contact
resistance collapses (accelerated in flash butt welding by repeated separation).
Therefore, it is the volume heating dependent on current density which predomi-
nates. In high-frequency resistance welding with conductive or inductive energy
transfer, a thin surface layer is primarily heated as a result of skin effect and
transmission resistance. In electric slag welding (of thick plates with vertical
weld), the molten, electrically conducting slag layer is resistance-heated which,
in turn, melts the base metal and then melts off the continuously fed electrodes.

In friction welding (of axisymmetrical parts), the contra-rotating surfaces are
heated by friction, freed of foreign material layers and finally joined by axial
compression at a temperature just below the melting point. In vibration welding
(with ultrasound), high frequency friction effects are used; without, however,
approaching the melting temperature.

In electron beam welding (performed in the vacuum), electrons (generated by
hot cathode, focussed by electron optics) are absorbed in a surface layer of
approximately 10 um thickness, as a result of which heat is produced. If the
power density is adequate, the surface may be fused and a deeply penetrating
vapour capillary finally produced. The vapour capillary surrounded by the fused
metal forms the welding heat source. It assumes the form of a “keyhole”, if the
workpiece is moved relative to the beam in order to produce a weld seam.
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In laser beam welding, coherently focussed light is directed at the welding
spot and (partially) absorbed here in a surface layer of approximately 0.5 um
thickness. If the power density is adequate, the surface is fused. Finally, in the
same way as for electron beam welding, a vapour capillary occurs as the actual
welding heat source. In addition, there is a (heat-inefficient) process variant in
which the heat is generated only on the surface under a defocussed beam of low
power density and penetrates into the interior of the welding spot solely as
a result of heat conduction.

In alumino-thermal fusion welding (used for welding rails), the molten pool
is formed by chemical conversion of aluminium powder with metal oxides. This
results in aluminium oxide (slag), filler metal and heat. The heat is generated in
the volume.

In flame cutting with oxygen beam, the (metallic) material combusts at the
beam surface as soon as the ignition temperature is exceeded. Ignition occurs
once the reaction heat released exceeds the heat which can be diffused.

From this description of the different welding heat sources, it is clear that
heat is generated partially on the surface (and must then be propagated into the
interior by conduction), and partially in the interior of the material. Combined
with the different component and groove geometries as well as the variable
behaviour of the welding heat sources, this results in a large number of possible
variants in practice.

2.1.1.3 Output of welding heat sources

The principal parameter of the welding heat source for the temperature field is
the heat input into the welding spot, in momentarily acting sources the heat
quantity (or the heat energy) Q [J], and in continuously acting sources the heat
flow (or heat output) g [J/s]. In both cases, what is considered are the net or
effective values Q and g, respectively, which are related to the gross values Q and
g by the heat efficiency #;, of the welding process. The gross values Q and g,
respectively, designate the total energy or total output generated at the heat
source.

In arc welding, the total output is the product from amperage I [A] and
voltage U [ V] at the arc in the case of direct current. In the case of alternating
current, effective values resulting from the momentary products have to be used
(generally in the form RI %; with ohmic resistance R and effective amperage I,
[78]). In gas welding, acetylene consumption V. [1/h] is taken as the basis [1].
The heat losses in welding which are taken into account by #, include the heat
dissipation to the surroundings as a result of convection and radiation, the spray
losses and the losses caused by heating the electrode in the case of a non-melting
electrode. Consequently, in continuous arc or gas welding, it holds:

q=mUl= "hRIgfﬁ (1
g = 332V 4. 2

The area-specific heat flow density ¢* [J/mm?2s] and volume-specific heat
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source density ¢g** [J/mm?s] transferred to the weld pool by the welding arc or
welding flame, approximately follows a Gaussian distribution curve (“normal
distribution source”, see Section 2.1.3.3). With the same effective output of the
source, the Gaussian distribution curve for the arc is narrow and high, for the
flame wide and low (Fig. 16). The curve for plasma, electron and laser beam
welding is once more substantially higher and narrower. A survey on power
density of various welding processes is given in Fig. 15.

Fig. 15. Power densities of various arc and beam welding processes; after Quigley in Ref. [72]

Fig. 16. Heat source density g* at surface of plate
during arc and flame welding with equal net heat
output g, experimental results; after Rykalin [1]
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Table 1. Output data of fusion welding methods used with steel and aluminium based on
Ref. [1, 47, 72, 77, 156-158, 160, 169, 237]

Welding Qutput per

Heat output speed unit length Efficiency
Welding method q [kJ/s] v [mm/s] g, [kJ/mm] m[—1
Covered electrode 1-20 <5 <35 0.65-0.90
Gas metal arc 5-100 <15 <2 0.65-0.90
Gas tungsten arc 1-15 <15 <1 0.20-0.50
Submerged arc 5-250 <25 <10 0.85-0.95
Electron beam 0.5-10 < 150 < 0.1 0.95-097
Laser beam 1-5 < 150 < 0.05 0.80-0.95
Acetylene flame 1-10 <10 <1 0.25-0.85

Instead of the heat input g per unit of time, the heat input per unit length of
weld, g, [J/mm], is used to advantage in seam welding (with speed v [mm/s]):

qw = 1, 3)
v

The temperature field in seam welding is dominantly determined by the heat
input per unit length of weld (and by the plate thickness in the case of
through-welded seams).

Instead of q and g, respectively, the heat quantity g, per unit mass of
deposited metal is also specified, dependent on the process [6, 77].

In resistance spot and resistance pressure welding, respectively, the total
energy is the product of ohmic resistance R, effective amperage I ¢ and duration
of current flow t:

Q = nuRI%t.. 4)

The heat output data of the welding process require detailed experimental and
theoretical analyses in each individual case (see Ref. [78] and Section 2.3). The
uncertainty of welding temperature field calculations is attributable to a high
degree to uncertainties in respect of Q and g, respectively. A rough survey on the
heat output of different welding processes is presented in Table 1. Further heat
output or input data may be drawn from Ref. [79, 80, 77, 169].

2.1.2 Heat propagation laws
2.1.2.1 Law of heat conduction

The heat input in welding concentrated locally and in terms of time (the heat is
required for fusing the welding spot) is, in metallic materials, propagated
undesirably rapidly into more remote areas of the component. On the other
hand, radiation and convection play an important role in most cases for heat
input. Radiation and convection are also responsible for heat losses at the
surface of the component. Firstly, the relation in terms of a law is stated between
momentary local heat flow and momentary temperature field.
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Fourier’s law of heat conduction states that the heat flow density g*
[J/mm3s] in isothermal faces of the body is proportional to the negative
temperature gradient 07/dn [K/mm] perpendicular to this area through the
coefficient of thermal conductivity A [J/mmsK] [22, 1]

s 0T
g*= —1 " %)
The geometric location of all points of a solid which have the same temperature
is designated the isothermal face (by analogy to the isotherms in the area).

The coefficient of thermal conductivity of metals depends on the chemical
composition, the microstructural state and the temperature (see Section 2.1.2.6).
As heat conduction in metals, just as current conduction, is based on the
movement of free electrons, a simple relation exists between thermal and
electrical conductivity.

2.1.2.2 Law of heat transfer by convection

Heat is primarily propagated in gases and liquids by means of the movement of
particles. Natural convection occurs if this movement is produced solely by the
differences in density caused by the temperature differences. Forced convection
occurs if external (flow) forces maintain the movement (as, for example, the blow
effect of the arc or flame).

For a surface element of a solid body contacted by flowing gas or liquid, the
heat flow density g¥ is, according to Newton’s law, proportional to the differ-
ence between surface temperature T and gas or liquid temperature 7;, through
the coefficient of convective heat transfer o, [J/mm?2sK] [1]:

q¢ = a(T — Tp). (6)

The coefficient of convection heat transfer o, depends on the flow conditions on
the surface (specifically, the structure of the boundary layer), on the surface
properties, on the properties of the flowing medium and (unintentionally) on the
temperature difference T — T;,. The dependence is presented by means of em-
pirical formulae using dimensionless parameters.

2.1.2.3 Law of heat transfer by radiation

Heat radiation of heated bodies propagates as an electromagnetic wave in space,
penetrates transparent bodies and is absorbed by bodies which are impermeable
to light and converted back into heat. The bodies are thus in a state of mutual
heat exchange.

The heat radiated per unit of area and time by a heated body, the heat flow
density g, is, according to Stefan-Boltzmann’s law, proportional to the fourth
power of the surface temperature 7' [K] through the radiation coefficient ¢C,,
[J/mm?2sK*] [1]:

qF =eCoT*. (7)
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The radiation coefficient Co = 5.67 x 10~ '# [J/mm?2sK*] applies to the “abso-
lutely black body”. The “grey body” is characterized by the blackness degree
& < 1.0. For polished metallic surfaces, ¢ = 0.2-0.4. For rough, oxidized surfaces
of steel, ¢ = 0.6-0.9. The blackness degree increases with the temperature,
& = 0.90-0.95, in the range of the melting temperature.

Heat dissipation for the important case, in welding technology, of the
cooling of a relatively small body (body temperature T) in relatively extensive
surroundings (body temperature Ty) occurs by means of radiation (the latter
predominating compared to convection at high temperatures) in accordance
with

qF = eCo(T* — T). (8)

The corresponding boundary value problem of heat conduction is linearized by
also using the (only apparently) linearized form of equation (8) in which the
coefficient of heat radiation o, [J/mmZ2sK] heavily depends on T and Ty:

g = a(T — Tp) ©)

2.1.2.4 Field equation of heat conduction

The dependence of the local temperature change on the temperature field in its
surroundings is now considered. Locally supplied heat increases the local
temperature according to the local volume-specific heat capacity co [J/mm>*K].
The parameter ¢ [J/gK] is the mass-specific heat capacity and the parameter
o [g/mm?3] is the density. The more unevenly the temperature is distributed at
a particular time, the more rapidly the temperature changes. For the homogene-
ous and isotropic continuum with temperature-independent material character-
istic values, the following field equation of heat conduction applies (e.g. Ref. [22,
1]), which is based on the principle of conservation of energy:

(10)

or 4 82T+82_T+52__T 199,
t  co\oxr = ay* = oz* co ot
The parameter Q, [J/mm?] is the heat energy released or consumed per unit of

volume. The material- and temperature-dependent term A/cg is abbreviated to
the coefficient of thermal diffusivity a [mm?/s]:

4
=

The differential term in parentheses is abbreviated introducing the Laplacian
operator V2 to give V2T,
In tensor notation, equation (10) reads:

ATy + 0, = coT. (12)

(11)

a

Whereas ¢ is only weakly temperature-dependent, A, ¢ and a are markedly
temperature-dependent (Figs. 17 to 19). The specific heat capacity, a measure for
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the temperature increase caused by the input of heat, is moreover infinitely large
at the transformation temperatures of the material (and correspondingly the
thermal diffusivity infinitely small) because, at these temperature points, heat is
consumed or released without changing the temperature. Transformation tem-
peratures in the case of steel are the melting point (1528 °C for pure iron), the
dy-transformation temperature (1401 °C for pure iron) and the yx-transforma-
tion temperature (906 °C for pure iron). The temperature field analysis for
welding is often simplified by the fact that the thermal diffusivity is introduced,
location- and temperature-independent, as an averaged constant value in the
area and range under study.

The field equation of heat conduction is reduced for the plate to two, for the
rod to one coordinate. The temperature in the stationary (i.c. steady-state)
temperature field is time-constant in all points, i.e. 07/0t = 0. Equation (10) is
then simplified to the material-independent Laplacian differential equation:

V3T =0. (13)

The instationary (i.e. transient) temperature field, by contrast, is determined on
the material side by the thermal diffusivity. Welding temperature fields are
highly instationary. The term “heat diffusion” is used in the following text
instead of “heat conduction” if the instationary character of heat flow is to be
stressed.

The quasi-stationary temperature field of the continuously acting heat
source moving with constant speed v along the x-axis (see Section 2.2.2) is given
related to the moving £yz-coordinate system [29, 307]:

_va_T_i ?_2—7_1+_62_T+€_21 ian
0 co\ & ' oy*  0z2) co 0¢

(14)

2.1.2.5 Initial and boundary conditions

The question which is generally posed relates to the temperature field which
results from the effect of the welding heat source in a dimensionally limited
structure, proceeding from a defined initial temperature state. The task which is
thus set is to solve the field equation of heat conduction for given initial and
boundary conditions. The initial condition is the location-constant temperature
of the surrounding medium or of preheating; in exceptional cases also a certain
temperature distribution, e.g. the temperature field of the preceding pass in the
case of multi-pass welding. The boundary conditions are the conditions of heat
dissipation at the boundary surfaces of the structure.

Three types of boundary conditions occur in the case of application analyses
[1]. Firstly, the temperature may be prescribed, in the simplest case, as a con-
stant temperature (isothermal boundary condition). Secondly, the heat flow
density on the surface may be prescribed, in the simplest case, as vanishing heat
flow (adiabatic boundary condition). According to equation (5), the temperature
profiles perpendicular to the boundary have the gradient zero in this case.
Thirdly, heat transfer to the surrounding medium in accordance with equations
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(6) and (9) may occur. In the simplest case of a constant ambient temperature,
the temperature gradient perpendicular to the boundary is then all the greater,
the greater the local temperature difference to the surrounding medium. Equat-
ing g* from equation (5) with g¥ and g from equations (6) and (9) results in
(o + 0 (T — Tp) = — /6_T (15)
on
The isothermal boundary condition follows with (a. + o,)/4 = oo, ie. strong
heat transfer with low heat conduction, the adiabatic boundary condition with
(a. + a,)/4A =0, i.e. low heat transfer with strong heat conduction. The temper-
ature field during welding can be calculated with the adiabatic boundary
condition as far as short-time processes in quiet air outside of the welding spot
are considered.

2.1.2.6 Thermal material characteristic values

Considering temperature field calculations based on the basic equation of heat
conduction, the following thermal material characteristic values are required:

|

thermal conductivity A [J/mmsK],
specific heat capacity ¢ [J/gK],

— density ¢ [g/mm?] and

thermal diffusivity a [mm?/s].

|

For function-analytical solutions, the basic equation is linearized, i.e. the mater-
ial characteristic values 4, c, ¢ or their combination in the thermal diffusivity
a are introduced as constants. As the characteristic values are in reality temper-
ature-dependent, the constants selected are the mean values in the temperature
range under study. In the case of residual stress analyses, this is the range of
relatively low temperatures in which the yield limit displays relatively high
values (e.g. 20-500 °C in the case of mild steel). For finite element solutions, by
contrast, the temperature dependence of the material characteristic values can
be taken into account.

Knowledge relating to the thermal material characteristic values [198, 199]
and their temperature dependence is not always adequate, with the result that
the numerical possibilities are limited solely as a result of this. Pertinent
information in the textbooks relating to welding residual stresses [1-10] is
rather scanty. By contrast, reference can be made to an excellent general
compilation by Richter [23] of values for ferrous materials.

A distinction requires to be made in connection with the material character-
istic values between temperature dependent momentary values and temperature
range dependent mean values. The former are more suitable for finite element
analyses, the latter for (linearized) function-analytical solutions.

A first survey on the values of 4, co and a (and the thermal expansion
coefficient «) for steel, aluminium and titanium is provided in Table 2 on the
basis of a Russian source [8]. For 4, co and a, obviously mean values between
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Table 2. Thermal material characteristic values of base metals, the values of 4, cg, a averaged
between 0°C and T,,,,; after Vinokurov [8]

Base metal a[K™1] A0/mmsK] co{J/mm3*K] a[mm?/s] T, [°C]

Mild and low-alloy steels 12-16 x 1076 0.038-0.042 49-52x10"3 7.5-9.0 500600
Austenitic CrNi-steels 16-20 x 1076 0.025-0.033  44-48x10"3 53-70 600
Aluminium alloys 23-27x1076 0.27 27x1073 100 300
Titanium alloys 8.5x107% 0017 28x1073 6 700

ambient temperature and expected maximum temperature Ty, are stated (T nax
is not clearly defined in Ref. [8]). The particularly high coefficients of thermal
conductivity and diffusivity of the aluminium alloys are remarkable.

The characteristic values 4, ¢, ¢ for a fine-grained structural steel with
transformation at 700 °C (according to Ref. [234]), for an aluminium alloy
(according to Ref. [10]) and for a titanium alloy (according to Ref. [215]) are
presented in Figs. 114 to 116 together with the mechanical material character-
istic values. The temperature dependence of the characteristic values of the
nickel-chrome-iron alloy, Inconel 600, is presented in Ref. [249].

In Figs. 17 to 19, derived on the basis of Ref. [23] the characteristic values 4,
¢ and p are presented as ranges of curve profiles over temperature, on the one
hand for mild (ferritic or eutectoid) and low-alloy steels, on the other hand for
high-alloy (austenitic) steels, which cover the individual curves of Ref. [23]. The
discontinuity of the curves for mild and low-alloy steel at 700 °C is caused by the
transformation starting here (4., temperature).

Thermal conductivity 4 is presented in Fig. 17 together with thermal diffus-
ivity a. The conductivity is calculated from the specific electrical resistance,
which is determined by measuring amperage and voltage. In accordance with
Lorenz’s law, a definite quantitative correlation exists between thermal and
electrical conductivity. Both are based on the mobility of free electrons in the
metallic lattice. Thermal conductivity and diffusivity decrease at a given temper-
ature as the alloying content increases. With mild and low-alloy steels, the
values drop over temperature; with high-alloy steels, they rise to a maximum
and then drop.

The momentary specific heat capacity ¢ according to Fig. 18, measured as
a function of temperature in the mixing calorimeter, displays an infinitely large
value, with mild and low-alloy steels in the transformation point, caused by the
transformation heat released or consumed with constant temperature. With
high-alloy steels, the heat capacity rises steadily with temperature. The alloying
elements have only a slight influence on the curve position.

The density o, measured at ambient temperature in accordance with
Archimedes’ principle and converted through the mean, linear thermal expan-
sion coefficient to increased temperature (Fig. 19), drops with the temperature.
The discontinuity in the transformation point of mild and low-alloy steels is due
to the denser atom packing of the face-centred austenite compared to the body-
centred ferrite.
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Fig. 17. Thermal conductivity 4 (a) and thermal diffusivity a (b) dependent on temperature; areas of
individual curves according to Richter [23]

Fig. 18. Mass-specific heat capacity c of steels
dependent on temperature, transformation
heat at 700 °C covered by c; areas of individual
curves according to Richter [23]
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Fig. 19. Density p of steels dependent on
temperature; areas of individual curves
according to Richter [23]

The coefficients of heat transfer «, and o, for convection and radiation on
steel plates are presented in Ref. [248] as a function of temperature.

2.1.3 Model simplifications relating to geometry and heat input

2.1.3.1 Necessity for simplifications

Simplifications relating to geometry and heat input as part of the analysis model
are absolutely necessary for functional analysis solutions resulting in compact
final formulae (additionally to linearizing the analysis model in the form of
location- and temperature-independent diffusivity and of adiabatic boundary
conditions). Finite element solutions, on the other hand, in principle permit
nearly any complexity to be taken into account although, in practical terms,
economic requirements set a limit here as well. The following simplifications are
tailored to functional analysis solutions.

Common to all models is the fact that the complex processes in the weld pool
are ignored, in particular the melting and solidification processes with melting
movement and heat transfer by means of convection and radiation. Only the
melting or solidification heat which appears in these processes is occasionally
taken into account as an apparent lowering or increasing of the specific heat.
The complex thermal process in the weld pool is approximated by heat sources
in the heat-conducting continuum.

2.1.3.2 Simplifications of the geometry

Three basic geometrical bodies are introduced in respect to the geometry, the
semi-infinitely extended solid, the infinitely extended plate and the infinitely
extended rod (Fig. 20). In the semi-infinite solid, the heat is propagated three-
dimensionally. The heat source acts in the centre of the surface of the solid. The
plane layer of this solid is of interest in application as a model for thick plates. In
the infinite (plane) plate, heat is propagated two-dimensionally. The heat flow
density is constant over the plate thickness. The heat source, likewise with
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Fig. 20. Basic geometrical bodies introduced for temperature field analysis on the basis of functional
analysis: semi-infinite solid with point heat source in the surface (a), infinite plate with line source
perpendicular to the surface (b) and infinite rod with area source perpendicular to the axis (c); these
bodies infinitely extended perpendicular to the hatched surfaces of cut

constant output over the thickness, acts in the centre of the plate. In the infinite
(straight) rod, the heat is propagated one-dimensionally. The heat flow density is
constant over the rod cross-section. The heat source, likewise with constant
output over the cross-section, acts in the centre section of the rod. One-
dimensional heat flow is also possible as a special case in the semi-infinite solid
and in the infinite plate with a planar heat source.

The simplification of an infinite extension instead of finite dimensions is all
the more justified, the larger the dimension of the component in the appropriate
direction, the shorter the period of heat propagation under study (heating and
cooling), the lower the thermal diffusivity, the less distant from the heat source
the area under study, and the greater the coefficient of heat transfer.

The simplification of two- and one-dimensional heat flow, on the other hand,
is all the more justified, the smaller the plate thickness or the rod cross-section,
the more centric to it the effect of the heat source, the longer the period of heat
propagation under study, the greater the thermal diffusivity, the more distant
from the heat source the area under study, and the smaller is the coefficient of
heat transfer. As these requirements relating to plate and rod are largely the
opposite of those stated in respect of infinite extension, there then exists an
unresolvable modelling contradiction for infinite plate and infinite rod. Only the
first-mentioned two criteria speak in favour of plate and rod including their
infinite extension.

2.1.3.3 Spatial simplifications of the heat source

The local concentration of the welding heat input suggests corresponding
simplifications of the heat source for the purpose of analysing the temperature
field. A significant dependence of the temperature field on the distribution of the
heat flow density in the heat source exists only at distances of equal magnitude
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as the dimensions of the heat source. At a greater distance, no change in the
temperature field occurs if the distributed source is replaced by a concentrated
source in the centre of its area or of its volume. In the immediate vicinity of the
source, the heat flow density distribution determines the temperature field; at
a greater distance the geometric conditions of the component are decisive.

The following concentrated sources are used in simplified models. The
point-like source (point source) on the semi-infinite solid or on the plane solid
layer can, for example, simulate surfacing welding on solid bodies or thick
plates. The line-like source (line source) perpendicular to the plate plane can, for
example, simulate butt welding. The area-like source (area source) in the rod
cross-section can, for example, simulate heating of an electrode face or friction
welding.

By restricting the analysis to concentrated sources, the temperature distribu-
tion in close vicinity of the welding heat source is not adequately simulated. This
applies especially to the centre of the source where temperature rises to infinity.
For more realistic investigations in this area in respect of welding with arc, beam
or flame, surface sources with a normal distribution of heat source density g*
(normal distribution sources) have proven satisfactory in practice (what is meant
is the Gaussian normal distribution of probability analysis, the Gaussian distri-
bution curve).

g* = gt.e ", (16)
k

* =—q. 7

Gmax = 4 (17

In this connection, g [J/s] is the effective output of the heat source and the factor
k [1/mm?] is a factor disignating the heat source concentration (width of the
Gaussian distribution curve) (Fig. 21). In general, the parameter » [mm] desig-
nates the distance from the centre within a circular source. The parameter r can
also be used, however, to designate the distance from the centre line in the
transverse direction within a strip-shaped source. The circular and strip source
described is illustrated in Fig. 22.

As the Gaussian distribution curve described by equation (16) runs toward
zero only at infinity, an agreement is required regarding which small g* values of
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Fig. 22. Circular source (a) and strip source (b) with normal distribution of heat source density g*

Fig. 23. Circular source with normal distribution of heat
source density g* and equivalent circular source of equal
output with constant heat source density g,

the Gaussian distribution curve can be regarded as negligible. In accordance
with Ref. [1] (ibid., p. 70), g¥;, = 0.05 g¥., is introduced. From this follows the
outer diameter d, of the normal distribution source (“heating spot”):

PRNENE (18)
K

On the other hand, the output of the normal distribution source can be
numerically converted to an equivalent source with a constant heat source
density equal to the maximum value of the normal distribution source (Fig. 23).
The diameter d, = 2r, of this equivalent heat spot results from:

N
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According to figures in Ref. [1] (ibid., pp. 71 and 145), d,, = 14-35 mm was
measured for arcs with an electrode spot diameter of about 5 mm. Weld torches
with gas flame, on the other hand, resulted in d,, = 55-84 mm depending on the
size of torch nozzle.

As the structure of the temperature field equation relating to the circular
normal distribution source in the plate (assuming a uniform source distribution
over the plate thickness) agrees with the structure of the temperature field
equation relating to the line source in the plate, the temperature field of a normal
distribution source can be set equal to the temperature field of the line source
which starts operation earlier by the time interval At,, [1] (ibid., pp. 164-166):

1
Atg = —.
fo 4ak (20)

The time interval At, indicates how much earlier the line source must start
operation in order to produce the temperature field of a normal distribution
source (Fig. 24). It is dependent on the heat source concentration of the normal
distribution source and (through a) on the material. According to the figures for
steel in Ref. [1] (ibid., pp. 71 and 145), Aty = 0.6-3.1 s was determined for arc
welding and Aty = 8-19s for gas welding. With an increasing heat source
concentration factor k, At, tends toward zero.

Fig. 24. Temperature field around momentary circular heat source in plate (full curves) considered
as part of the temperature field of a momentary line source starting operation earlier by the time
interval At, (broken curves); temperature T over radial distance from centre r (a) and over time ¢ (b);
after Rykalin [1]
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The heat quantity gdt to be introduced through the normal distribution
source is advanced by At, as heat quantity dQ of the line source:

dQ = qdt 1)

The principle explained above of the time-advanced, concentrated source in the
plate applies in a restricted form in the case of the semi-infinite solid (see Section
2.2.3.1).

An alternative to the time-advanced concentrated source avoiding the
infinitely high temperature in the source point or source line in the case of the
semi-infinite solid (or the related thick plate model) is an apparent concentrated
source located at a small definite distance above the surface [150].

A semi-ovaloid arrangement of volumetric heat sources, approximately in
the shape and size of the weld pool, is used for the moving welding heat source of
deep-penetrating surfacing or butt welds [32, 38, 28] (Fig. 25). In the ovaloid,
the volume-specific heat source density g** is assumed to be (Gaussian-)norm-
ally distributed (a corresponding area-specific heat source density distribution in
the surface is also possible [248]). The heat source density drops from a max-
imum value in the centre of the ovaloid exponentially toward the edges. The
dimensions of the ovaloid should be selected approximately 10% smaller than
the dimensions of the weld pool. The total heat output should be equal to the
effective output of the welding process. A concluding parameter correction is
made on the basis of a comparison of calculated and measured weld pool and
temperature field, respectively.

The longitudinal dimensions of rapidly moving high power sources may be
reduced to zero without major loss of accuracy of results. A plane surface source
distribution may be substituted by a line source of finite width in the surface
perpendicular to the moving direction. A volumetric source distribution may be
replaced by a corresponding plane source perpendicular to this direction.

It is not always possible to find realistic source distributions for actual
welding situations. On the other hand, temperature measurement in the weld

Fig. 25. Moving semi-ovaloid source with normal distribution of volumetric heat source density g**
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pool region is highly developed. So it may be advantageous to prescribe the
temperatures in that region instead of the heat sources as the basis of analysis.

2.1.3.4 Time simplifications of heat source

A further model simplification relates to the duration of the heat source
operation. The momentarily acting source is characterized by the heat quantity
Q [J], which is introduced at that moment. This assumption all the better
reflects reality, the shorter the time for which the heat source acts there. The
continuously acting source is characterized by the heat flow (or by the heat
output) g[J/s], which is introduced with constant intensity during the period the
heat source is acting. This assumption corresponds in general to the reality of
seam welding.

In the case of plate models with line source, Q or g is related to the plate
thickness A, as it is in rod models with area source to the cross-section area 4.

Finally, model simplifications are introduced in respect of the movement of
the heat source. A distinction is made between stationary, moving and rapidly
moving sources, the movement being assumed as linear and uniform (constant
speed). The rapidity is related to the heat propagation rate in the direction of the
source movement. If movement is rapid, it is assumed that heat propagates only
perpendicular to the weld. Consequently, the temperature field equations are
greatly simplified. This simplification is acceptable if the welding heat source is
in fact moved rapidly (mechanized welding) or if only areas close to the weld are
considered.

In finite element solutions, these simplifications are less necessary. In par-
ticular, complex geometry and temperature-dependent material characteristic
values may be taken into account without restrictions. The result, however, also
does not contain any general statement.

2.1.3.5 User questions addressing welding temperature fields

The appraisal of the various model simplifications is also oriented to the
question the respective user will ask, and to which an answer is expected from
temperature field analysis.

A relatively rough modelling of the thermal process, which is matched to the
degree of resolution of the subsequent continuum-mechanical model, is suffi-
cient for welding residual stresses and welding deformations (including plastic
strains and cold cracks which may be initiated) caused directly by the temper-
ature field through thermal expansion. No detailed information at all is required
in areas of high temperature with relatively low or even vanishing yield limit
because the internal forces vanish here. Finer modelling is required, however, as
soon as cooling and transformation stresses at lower temperature play a signific-
ant role.

A finer modelling is needed for thermodynamic and thermokinetic processes
in the area of the welding pool; for example:

— melting-off of the electrode and surface fusing of the base metal with forma-
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tion of the fusion zone (metal deposition rate, shape and size of the fusion
zone, bead surfacing height and fusion zone depth);

— crystallization of the fusion zone and subsequent microstructural transforma-
tions;

— microstructural changes in the transition zone of the base metal during
heating and cooling in the high temperature range (e.g. formation of rough-
grained structure and hardening), and layer formation in the heat-affected
zone;

— formation of hot cracks in the weld metal and transition zone as a result of
large deformation strains in the high temperature range of reduced ductility.

The necessary coupling of the energy relation, equation (10), with weld pool
physics has not yet been accomplished but progress has been made in respect of
the heat-affected zone.

2.1.3.6 Numerical solution and comparison with experiments

The functional analysis solution (and also the formerly frequent solution based
on the finite difference method) of the field equation of heat conduction assumes
simplifications of the model described above. Introducing a constant thermal
diffusivity (constant as averaged quantity in the temperature range under study)
results in a linearized field problem. With moving sources, only the build-up,
quasi-stationary state of uniform and linear source movement is considered.
Differential equation solutions for such simplified problems are offered, in
particular by Rykalin [1]. Significant further contributions are available from
Greenwood [48], Rosenthal [29, 30], Christensen, Davies and Gjermundsen
[31], Myers, Uyehara and Borman [160] and Carslaw and Jaeger [22].

Functional analysis solutions to heat conduction processes in welding are
presented in Sections 2.2.1 to 2.2.5 (see also Ref. [52]).

The finite element solution of the heat conduction problem proceeds from an
integral equation which corresponds to differential equations (10) and (12). The
field is discretized into simply shaped elements. This leads to a system of
non-linear, ordinary differential equations of the first order for the unknown
nodal temperatures T (see Ref. [26, 27, 193, 194]), the matrix equation of heat
conduction:

[C:I{T} + [K<1{T} = {0}. 22

where [Cy] is the heat capacity matrix, [K] the heat conduction matrix, {7}
and {T} the column vector of the nodal temperatures and their time derivatives,
respectively, and [Q] the column vector of nodal heat sources. [C1] and [K1]
are (non-linearly) temperature-dependent. The transient temperature field is
solved by means of special (usually implicit) time step methods. Such finite
element solutions are presented in Section 2.2.7. A more sophisticated analysis
of transient temperature fields taking into account coupling effects in respect of
microstructural transformation may be performed according to the flow chart in
Fig. 90, originally developed in respect of quenching and tempering processes.
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A boundary element solution for transient heat-conduction problems of
welding comprising temperature-dependent thermal coefficients is found in
Ref. [197].

Temperature fields calculated for welding processes require to be checked by
means of temperature measurements [42]. The uncertainties of the analysis
result from the approximation assumptions in respect of the extent and distribu-
tion of the effective welding heat, the heat losses by convection and radiation, the
magnitude and temperature dependence of the material characteristic values as
well as the geometrical circumstances. Temperature measurements are usually
conducted with thermocouples which are attached to the surface of the part and
also in the interior through blind holes. Measurements are also conducted in the
area of the fusion zone, the thermocouples being adjusted in the weld pool by
means of special methods. Infrared thermography is used for obtaining the field
information on temperatures before attaching the thermocouples. In addition to
temperature measurements, the total heat absorbed by the component as
a result of welding can also be measured. This is done by using calorimeters
which ensure contact over a large area between the component and a heat-
dissipating liquid.

2.2 Global temperature fields

2.2.1 Momentary stationary sources

2.2.1.1 Momentary point source on the semi-infinite solid

The momentary stationary source is a possible model simplification for welding
processes with short-time heating and subsequent cooling (e.g. spot-welding).
The corresponding mathematical solutions are additionally significant as
a starting basis for welding processes with a continuous and moving heat source.

The heat quantity Q is considered as acting at the time ¢t = 0 momentarily in
the centre of the surface of the semi-infinitely extended solid (Fig. 20a); the heat
propagates in three dimensions. The temperature increase, T — T;, in the
(arbitrarily directed) distance R from the point source at the time ¢ (from
operation of source) is (equation (60) in Ref. [1]):

20 -R?
T-T, = RY/dat 23
%" co(dnat)’? ¢ (23)
In the source point itself (R = 0) the temperature increase is
2
¢ (24)

—Ty=—"=.
° 7 co(dnat)®?

At the start of the process (¢t = 0) the temperature in R = 0 is infinitely high
and then drops hyperbolically with 1/t3/%. The altitude of the hyperbolic curve is
proportional to Q. The infinitely high temperature does not in fact occur during
welding (arc welding: T,,., & 2500 °C). It is a consequence of the simplification
as point source (see Section 2.1.3.3). In the distance R from the centre, the
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Fig. 26. Temperature field around momentary point source on semi-infinite solid, temperature
T over radial distance from centre R (a) and over time ¢ (b); after Rykalin [1]

temperature follows an inverse exponential function over time, the maximum
value of which in R =0 is identical to the values of the hyperbolical curve
mentioned above (Fig. 26a). In points outside the centre the temperature rises
initially over time, reaches a maximum and drops to zero with R — o0
(Fig. 26b). The rise is steeper and the maximum higher, the closer to the source is
the considered point. The sequence of temperature maxima, the height of which
is rapidly decreasing with R, characterizes the tapering-off of the heat source
effect.

2.2.1.2 Momentary line source in the infinite plate

The heat quantity Q is considered as acting at time ¢t = 0 in the central line
element of the infinitely extended plate of thickness h (Fig. 20b). Q is uniformly
distributed over h forming the thickness related heat intensity Q/h. The heat
propagates in two dimensions. If the top and bottom surface of the plate are
assumed to be heat-impermeable, the temperature in all points of the plate is
constant over the plate thickness during the heat propagation process. Where
heat exchange exists through the ambient air, the temperature in the middle of
the plate thickness is slightly increased. The difference to the surface temper-
ature, however, is normally negligibly slight. The temperature increase in the
(arbitrarily directed) distance r from the line source at time ¢ (from operation of
source) is (equation (62) in Ref. [1]):

0) 2 aat—
T _ T — (—r?/dat bt).
© = heo(@dmar) (25)
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The parameter b = 2(x, + «,)/coh designates the coefficient of heat transfer
which can be explained according to equations (6) and (9) with convection and
radiation of heat. The heat transfer in the case of thin plates and longer cooling
time is not negligible (relative to heat conduction). In the case of the semi-infinite
solid it is negligible (see equation (23)).

In the source line itself (r = 0) the temperature increase is:

Q —bt.

=_ % 2
To hcg(47cat)e (26)

The temperature profiles in the plate are similar to those in the surface of the
semi-infinite solid according to Fig. 26. The hyperbolical drop with 1/tinr = 0
is weaker than in the semi-infinite solid because the heat flow is restricted to the
two dimensions of the plate plane.

2.2.1.3 Momentary area source in the infinite rod

The heat quantity Q is considered as acting momentarily at time ¢ = 0 in the
central cross-section x = 0 of the infinitely extended rod with cross-section area
A (Fig. 20c). Q is evenly distributed over A forming the area-related heat
intensity Q/A4. The heat propagates in one dimension. A plate model with
momentary area source, as is occasionally used for very rapidly applied weld
seams, is identical with the rod model. The result for the temperature distribu-
tion in the rod (equation (64) in Ref. [1]) is:

Q (—x2/4at—b*1)

= Acolanan ™ © @

_ TO

The heat transfer coefficient introduced here is b* = (a, + o, )P/coA, with P des-
ignating the perimeter and A the area of the rod cross-section.
In the source area itself (x = 0) the temperature increase is:

Q —b*t
To Aco(dnat)!/? € (28)
[
g
2
g Fig. 27. Temperature profile in the source
g Toc1/t12 point, source line and source plane,
K . respectively, of momentary heat sources;
~Solid body with point source (three-dimensional
R=0 Toc1/t heat diffusion), plate with line source (two-
a2 dimensional heat diffusion, b = 0) and rod
Toc 1/t with area source (one-dimensional heat
0 diffusion, b* = 0); after Rykalin [1]

Time t
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The hyperbolical drop with 1/t}/? in x = 0 is once again weaker than in the case
of the plate because the heat flow is restricted to a single dimension.

The temperature drop of varying gradient in the centre of solid, plate and
rod is compared in Fig. 27. The more the heat flow is spatially restricted, the
more the temperature gradient is reduced. The rapidity of heat propagation thus
diminishes from solid to plate and from plate to rod.

2.2.2 Continuous stationary and moving sources

2.2.2.1 Moving point source on the semi-infinite solid

The mathematical expression for the temperature field around a continuously
acting and moving heat source is obtained proceeding from the superposition
principle. This principle is valid only in the case of a linear differential equation,
which is based on the assumption that the material characteristic values are
independent of temperature. This linearization is in many cases an acceptable
assumption.

A sequence of differential momentary sources is obtained by a differential
subdivision of the operative time of the continuous source. Consequently, with
a moving source, the operative distance is also subdivided; in other words, the
differential momentary sources are arranged in succession in the direction of
movement. The effect of the differential momentary sources in individual points
of the heat-conducting solid now has to be added up, taking into account time
and location of the occurrence of the momentary sources, i.e., in mathematical
terms, it has to be integrated.

The temperature field around a source moving uniformly and linearly in an
infinite solid, in an infinite plate or in an infinite rod is quasi-stationary if the
processes at the start and end of operation are ignored. The field appears as
stationary, i.e. with fixed field parameters in a coordinate system moving with
the source (hereinafter designated by x, y, z and R, r).

The point-type heat source is considered as moving uniformly and linearly
(velocity v and heat output g) on the surface of the semi-infinite solid. The
temperature increase in the (arbitrarily directed) distance r from the moving
source (coordinate x in the direction of movement) is derived as (equation (74) in
Ref. [1], see also Ref. [29, 30]):

T— TO — e—v(x+R)/2a. (29)

q
2niR
In the special case of the stationary (v = 0) continuous point source, what
applies in the limit state of prolonged heating (t » o0) is:

q
T—-T,= . 30
° " 2miR 30)
The isothermal faces which result are of concentric semi-spherical shape. The
temperature drops hyperbolically with 1/R. The highly heated zone is all the
greater the smaller the coefficient of thermal conductivity, 1 = aco.
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What applies for the moving source in the line of motion after the source
(x = — R)is the temperature distribution identical with equation (30) irrespect-
ive of the velocity v. By contrast, what applies for points in the line of movement
ahead of the source (x = R) is:

q -
T—Ty,=-——¢ "R 31

° = 2R ® (1)
The temperature drop ahead of the source is all the steeper the larger the
velocity v. In the case of a very large v, the heat propagates almost exclusively in
transverse direction (high power sources, see Section 2.2.4.1). Figure 28 serves to
illustrate this.

The temperature drop transverse to the moving source (x = 0) is given by

T — q e~ vR/2a

° 7 2uiR G2

i.e. by the drop after the source in accordance with equation (30) multiplied by
the value of the inverse exponential function (factor less than 1.0).

As the distance from the source increases, the temperature ahead of the
source drops most sharply, after the source most weakly and alongside the
source with medium gradient. The complete temperature field is presented in
Fig. 29 (as the model of a surfacing weld). The isotherms on the surface form
ovally closed curves with large density ahead of and lower density after the
source. The elongation of the isotherms is determined by the parameter vR/a.
The more rapidly the source is moving (relative to the thermal diffusivity), the
greater is the elongation. The isotherms in the cross-section form concentric
circles. The isothermal faces are, consequently, axisymmetrical with the line of
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Fig. 29. Temperature field around moving point source on semi-infinite solid, quasi-stationary limit
state in moving coordinate system x, y, z; temperature I over x and y (a, b), isotherms in surface and
cross section (c, d); after Rykalin [1]

motion of the source as the axis of symmetry. The temperature at the location of
the point source is infinitely large.

In points alongside (and below) the line of motion of the source, the local
temperature maximum is achieved with a time lag compared to the passage of
the source through the relevant cross-section plane. The time lag is all the
greater and the maximum all the smaller, the greater the distance is from the line
of motion of the source. The location of the temperature maxima is identified in
Fig. 29 by a broken curve.

Reference is made to Section 2.2.2.2 with respect to the influence of the
working parameters during welding as well as to the influence of the thermal
material characteristics on the extent of the areas heated beyond certain temper-
atures.
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2.2.2.2 Moving line source in the infinite plate

What applies to the line-type heat source moving uniformly and linearly in the
infinitely extended plate (velocity v, thickness-related heat output gq/h) for
temperature T in the (arbitrarily directed) distance r from the moving source
(coordinate x in the direction of movement, equation (80) in Ref. [1]; see also
Ref. [29, 30]). Bessel function of second kind and zero order Y,, heat transfer
coefficient b = 2(a. + o,)/coh) is:

2
T-T, =Ez%e—“/2wo <r %+g). (33)
The related temperature field is presented in Fig. 30 (the model of a butt weld).
The isothermal faces in this case are of non-circular cylindrical shape, because of
the temperature constancy over the plate thickness. The ovally closed isotherms
presented are, in addition, similar to those of the semi-infinite solid. They
enclose larger areas and are longer because the heat in the plate diffuses more
slowly than in the semi-infinite solid.

What applies in the special case of the stationary (v = 0) continuous line
source in the limit state of prolonged heating (¢t — o0 ) is:

q b
Ty =— -
=T h2nA YO(’\KJ) 34)

Fig. 30. Temperature field around moving line source in plate, quasi-stationary limit state in mov-
ing coordinate system x, y; temperature T over x and y (a, b), isotherms in plate plane (c); after
Rykalin [1]
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Concentric circular cylinders result as isothermal faces. The temperature drop
over r is less steep than in the case of the semi-infinite solid. It depends on the
parameter b/a = 2(a, + a,)/h4, i.e. on the ratio of heat transfer to heat diffusion.

With the moving line source in the plate, the temperature drop after the
source is not independent of the velocity v, contrary to the point source on the
semi-infinite solid.

As regards the influence of the working parameters during welding on the
extent of the areas heated above certain temperatures (e.g. 600 °C), the following
statements can be made, proceeding from equation (33) (see Ref. [1]):

~ Influence of rising welding speed v at constant output g: the areas heated
beyond certain temperatures are reduced, the isotherms contract transverse to
the weld and are shortened in weld direction.

— Influence of rising heat output g at constant speed v: the areas heated beyond
certain temperatures enlarge over-proportionally, the isotherms bulge trans-
verse to the weld and elongate in weld direction.

- Influence of rising output g and speed v at constant heat input per unit length
of weld, gq,, = g/v: the areas heated above certain temperatures enlarge ap-
proximately proportional to output and speed, respectively.

- Influence of rising preheating temperature T, at constant output g and
speed v: the areas heated above certain temperatures enlarge.

As regards the influence of the thermal material properties, it can be stated:

— The thermal conductivity A = acgis decisive for the extent of the areas heated
above certain temperatures (Fig. 31). With a small 4, a small g, is sufficient for
welding; with a large 4, a large q,, is required. For this reason, austenitic CrNi

Fig. 31. Temperature field around moving line source in plates of different materials, equal heat
output ¢ and source velocity v; after Rykalin [1]
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steel (small A) can be welded with a small heat input per unit length of weld
whereas aluminium and copper (large 1) require a high heat input per unit
length of weld.

2.2.2.3 Moving area source in the infinite rod

For the area-type heat source moving uniformly in the infinitely extended rod
(velocity v, area-related heat output g/A4), what holds for the temperature
increase at the distance x from the moving source (x > 0 ahead of the source,
x < Oafter the source; according to Ref. [30], with perimeter P and area A of the
cross-section) is:

L B V(e g il
T_ T — 2a A A 2a
0 Acov € (x> 0), (35)
_ 4 (G )k
T—T, = 2a A 2 2a
0 Acov e (x <0). (36)

The term ahead of the exponential function is identical to the maximum
temperature, T, — T, occurring at the location of the source (x = 0):

Tmax - TO = _q_ (x = 0) (37)

Acov

This maximum temperature is retained after the source at a constant level if heat
transfer is negligibly small, o + o, = 0. If heat transfer is not negligible, the
temperature decreases depending on the parameter P(x. + «,)/A. Ahead of the
source, an exponential temperature drop occurs, which, if heat transfer is
negligible, has the following simple form:

T - TO = (Tmax - To)e—vx/a (x > 0) (38)

It is not clarified whether equation (72) stated in Ref. [1] can be transformed to
the above-mentioned equations (35) and (36) (although in the special case
o, + o, = 0, equation (184) in Ref. [1], agrees with equation (38) here).

The relations of this section can be applied to the melting-off of electrodes
(see Section 2.3.1.3).

2.2.3 Gaussian distribution sources

2.2.3.1 Stationary and moving circular source on the semi-infinite solid

In this section is treated the heat propagation from the circular-shaped Gaus-
sian distribution source introduced in Section 2.1.3.3, equations (16) to (21). The
circular source is considered as stationary or moving in the surface of the
semi-infinite solid.

What holds for the stationary circular surface source with momentary heat
output gdt (for correlation with g* see equations (16) and (17)) is (equation (146)
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in Ref. [1]):
2th e_ZZ/4at e—r2/4a(r+Ato)

= . 39
7 co (4nat)'’? 4ma(t + Ato) (39)

The term in the middle of the right-hand side of equation (39) characterizes the
heat diffusion from the surface into the interior of the solid in accordance with
the relation for the momentary area source (equation (27)). The subsequent term
characterizes the heat diffusion in the surface of the solid (distance r from the
source) in accordance with the relation for the momentary line source in the
plate (equation (25)). In the latter case, the principle of the concentrated source
advanced in time by At, is obviously valid.

For the uniformly moving circular source with heat output g, the mathemat-
ical expression for the temperature T in the likewise moving coordinate system
cannot be presented by elementary functions (equation (148) in Ref. [1]).
Equation (47) is approximately valid, particularly in points close to the source.

In the special case of the stationary (v = 0) continuous circular source, an
expression applies in the limit state of prolonged heating (t — o0) (equation (153)
in Ref. [1]), which has been evaluated in Fig. 32 (with T, = 0). What results for
the maximum temperature T,,,, in the centre of the source (equation (150) in
Ref. [1]) is:

q [k
Tmax TO - 21 T . (40)
With a moving circular source, the maximum temperature is reached all the less,
the greater the velocity of the moving source. In addition, the location of the
maximum temperature is displaced to after the centre of the circular area.
A steep temperature drop occurs ahead of the source, and a flatter drop after the
source (Fig. 109 in Ref. [1]). The isotherms are similar to those of the moving
point source. The infinitely high temperature in the centre of the source is
avoided. The temperatures at a greater distance from the source are nearly

identical.

1.0 - -
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= \ Limit state \
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a) Radial coordinate r/r b) Depth coordinate z/r

Fig. 32. Temperature profile over radial coordinate (a) and depth coordinate (b), stationary circular
source on semi-infinite solid, stationary limit state; after Rykalin [1]
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2.2.3.2 Stationary and moving circular source in the infinite plate

Heat propagation from the Gaussian distribution circular source introduced in
Section 2.1.3.3, equations (16) to (21) is now considered. The circular source is
assumed to act evenly distributed over the thickness h of the plate.

What applies for the stationary circular source with momentary heat output
qdt (for correlation with g*, see equations (16) and (17)), according to the
principle of the line source advanced in time by At, (equation (124) in Ref.
[1]), is:
qdt

T=—88 T
d hcodna(t + Aty)

—r2/4a(t+Ato)‘ (41)

No solution in functions which can directly be evaluated is known for the
uniformly moving circular source with heat output ¢q. Equation (50) is approxi-
mately valid, particularly in points close to the source. A solution without the
simplification related to high power sources is stated only for the line source
fictitiously advanced in time Aty (equation (132) in Ref. [1]); except for v =0,
however, this is not the temperature maximum:

ro1y= 4 ool gl (54 A |l @2)
hdnd ' 4a

In this connection, E;( — u) = [ (e™“/u)du for u > 0 is the integral exponential
function and b = 2(a, + a,)/coh the heat transfer coefficient.

2.2.3.3 Stationary strip source in the infinite plate

Heat propagation from the strip-shaped Gaussian distribution source intro-
duced in Section 2.1.3.3, equations (16) through (21) (heat output gq; per unit of
length in direction of the strip) is now considered. The strip source is assumed to
act evenly distributed over the thickness % of the plate. The strip is located on the
x axis (see Fig. 22); heat conduction thus occurs in the direction of the y axis.

A simple solution is available only for the centre line of the strip source
(y = 0) in the limit state of prolonged heating (equation (141) in Ref. [1]):

q1

Tax — To =
0 T2 (e + o) AR ]2

e[ — D(bAL,) 2], 43)

In this connection, ®(u) = (2/ﬁ) fg e “du is the Gaussian probability inte-
gral.

In the special case of the source concentrated on the centre line of the strip
(y =0, k- o0, Aty — 0) it holds that:

q1

Tonax — To = .
N0 T2 (e + o) AR ]2

(44)
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2.2.4 Rapidly moving high-power sources

2.2.4.1 Rapidly moving high-power source on the semi-infinite solid

Rapidly moving high-power sources are characterized by high heat output g at
high source velocity v. The process parameters g and v are increased with
a possibly constant heat input per unit length of weld, q,, = g/v. Rapidly moving
high-power sources reduce the welding time and are, therefore, of considerable
practical significance.

The theoretician is interested in rapidly moving high-power sources because
of the possibility of simplifying the equations. With a constant g, the limit
values ¢ > o0 and v— oo are introduced. The error which occurs as the
consequence of the introduction of the limit values is relatively small directly
next to the source. The simplified formulae are, therefore, particularly suited for
the areas close to the weld.

Heat propagation around rapidly moving high-power sources can also be
discussed. With increasing source velocity v and proportionally enlarged heat
output g, the areas heated beyond certain temperatures are enlarged (see Section
2.2.2.2). Their length grows proportionally to the velocity and their width tends
toward a limit value. With a very high velocity, the heat propagates mainly
perpendicular to the direction of movement of the source. The propagation in
the direction of movement is negligibly small. The semi-infinite solid or plate can
be considered to be subdivided into a large number of thin plane layers
perpendicular to the direction of movement of the source. The heat introduced
as the heat source passes through the respective layer is then diffused solely in
this layer, irrespective of the state of the adjacent layers. This has the effect of
simplifying the equations.

For the rapidly moving high-power point source on the semi-infinite solid,
the following relation holds (with distance r from the point source in the layer
(equation (82) in Ref. [1]):

q 2
T—Ty= ri/aat 45
7 v2mat ¢ (45)

Hence, there follows the local maximum temperature in the layer positioned
perpendicular to the movement of the source (equation (87) in Ref. [1]):

T — To = 0234 —1. (46)
veor

The rapidly moving high-power circular source can be converted to an equival-
ent line source advanced in time by At, (Gaussian distribution source on
semi-infinite solid over line perpendicular to direction of movement), the heat of
which propagates only perpendicular to the direction of movement. What
results for the temperature field (with coordinate z in direction of depth and
coordinate y in direction transverse to movement in the surface, equation (157)
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in Ref. [1]) is:
2q e—z2/4at e—y2/4a(l+A!o)

™ vco (Amar)' [4na(t + Atg) ]

The commentary on equation (39) applies here by analogy.

A solution for the line source of finite width in the surface of a semi-infinite
solid perpendicular to the moving direction of the source is derived in Ref. [150].
In order to avoid infinitely high surface temperatures in the source line, an
apparent source is introduced, located at a small definite distance above the
surface, replacing the original source.

T-T, 47

2.2.4.2 Rapidly moving high-power source in the infinite plate

For the rapidly moving high-power line source in the plate, the following
relation holds (coordinate y in direction transverse to movement, equation (83)
in Ref. [1]):

q —[y2
T—T, = Iy /4at+b!]' 48
° 7 vh(dnicor)? ¢ (48)
Hence, there follows the local maximum temperature in the layer positioned
perpendicular to the movement of the source (equation (89) in Ref. [1]):

q

Tax — To = 0.242 vcohy’ 49)
The rapidly moving high-power circular source can be converted to an equiva-
lent strip source advanced in time by At, (Gaussian distribution source over
strip positioned perpendicular to the direction of movement), the heat of which
propagates only perpendicular to the direction of movement. What results for
the temperature field (with coordinate y in direction transverse to movement,
equation (135) in Ref. [1]) is:

q 2
T—-T,= [y2/4a(t + Ato) +bt]. 50
® " vh[4nico(t + Aty)]'? © (50)

2.2.5 Heat saturation and temperature equalization

What has been considered in the preceding Sections 2.2.2 to 2.2.4 was the limit
state which results after a prolonged period during which the stationary or
moving source is acting. In the case of the stationary source, the relevant
temperature field is likewise stationary, i.e. the local temperatures are indepen-
dent of time. In the case of the moving source, the relevant temperature field is
quasi-stationary, in other words the local temperatures in a likewise moving
coordinate system are independent of time.

The limit state cannot appear instantaneously. Before the heat source starts
operation, the solid under study has in all points the constant ambient or
preheating temperature. As a result of the heat input, a heated zone is formed
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locally, which is increasingly enlarged and tends to a limit state. The limit state is
achieved later if the point under study is more distant from the source.

The period of time between start of heat input and (practical) achievement of
the local temperature limit state T; is designated as the heat saturation time. To
simplify the analyses for moving sources, the local temperature transition is
described in accordance with Ref. [1] by a generally applicable heat saturation
function (g, 1;):

T(t) — To = VY(0i, i) Ty;- (51)

In this connection, t; is a dimensionless parameter which is proportional to time
t and g; a dimensionless parameter which is proportional to the distance r of the
considered point from the heat source (i = 1,2, 3).

For the three-dimensional heat diffusion (in space) from the moving point
source in the surface of the semi-infinite solid, the following relation holds:

v v?

=—R, =—1.
Q3 T3 4a

2a
The relevant heat saturation function V5 is shown in Fig. 33.
For the two-dimensional (plane) heat diffusion from the moving line source
in the plate, the following relation holds:

f[v2 b v?
Qz—( m‘l‘;)?‘, Tz—(z{;ﬁ-b)t. (53)

The relevant heat saturation function VY, is shown in Fig. 34.

(52)

Time parameter t3

Fig. 33. Heat saturation function {3 over time parameter 7, for distance parameters p3, point
source on semi-infinite solid; after Rykalin [1]
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Fig. 34. Heat saturation function s, over time parameter 1, for distance parameters p,, line source
in infinite plate; after Rykalin [1]

Fig. 35. Heat saturation function s, over time parameter 1, for distance parameters p,, area source
in infinite rod; after Rykalin [1]

For the one-dimensional (linear) heat diffusion from the moving area source
in the rod, the following relation holds:

2 2
v b* v
= ~—+—Ix|, Ty={-—+b*}t. 54
Ql < 402 a > ' | 1 <4a ) ( )
The relevant heat saturation function {, is shown in Fig. 35.
Heat saturation proceeds more slowly if the heat flow in space is restricted to

plane or linear conditions. It proceeds more rapidly if the point under study is
closer to the heat source.
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Fig. 36. Modelling of temperature
equalization as superimposition of
positive and negative heat saturation,
temperature T overtime ¢; after Rykalin

(1]

A process opposed to heat saturation commences when a stationary or
moving source of constant output is switched off. The irregularities of the
temperature field maintained by the source then begin to balance out until the
solid has achieved a constant temperature, increased slightly by the former effect
of the source. The related time span is designated as the temperature equaliza-
tion time.

Switching-off the heat source is simulated in the temperature field analysis as
introducing an equivalent heat sink (with negative heat output) compared to the
continuing, ie. not switched-off, heat source (with positive heat output) in
accordance with Ref. [1].

This is presented schematically in Fig. 36 for an arbitrary point of the solid.
The negative heat saturation curve is subtracted from the positive heat satura-
tion curve starting at the moment of switch-off, t,. It should be noted that the
process proceeds in the coordinate system which is stationary or moving with
the source and that the superposed sink is also stationary or moving with the
source. The temperature in the equalization time is thus calculated as follows:

T(t) — To = Tu[V(t) — ¥(t — £,)]. (55)

2.2.6 Effect of finite dimensions

The expressions for the temperature field stated in Section 2.2.1 to 2.2.5 presume
unlimited extension of the body under consideration. What is described by
functional analysis is the momentary and continuous, stationary and moving
source on the semi-infinitely extended solid, in the infinitely extended plate and
in the infinitely extended rod. In reality, the dimensions of the bodies are finite.
The influence of the boundary faces of the bodies on the temperature field is
great if their distance to the source is small. If the boundary faces are assumed to
be heat-impermeable, the temperatures calculated for the infinitely extended
bodies are to be subsequently increased.
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Boundary faces parallel to the source movement can in many cases be
allowed for in functional analysis in accordance with the method of (periodical)
mirror-image source arrangement (see Ref. [1]). In more complex geometry,
only a finite element solution of the heat propagation problem is possible.

In view of its significance for application to surfacing welds, multi-pass welds
and fillet welds, the solution from Ref. [1] for the moving point source on
a (thick) plane layer is illustrated below. Upper and lower surface of the layer are
assumed to be heat-impermeable. The solution is gained through the infinitely
extended solid with periodically reiterated arrangement of the moving source at
distance 2h with the output doubled (29) compared with the single layer
(Fig. 37). As seen graphically, the single layer with surface source is correctly
presented in this arrangement.

Higher temperatures are determined in the upper surface of the layer relative
to the lower surface. The difference is particularly large close to the source. The
difference at distance 4h from the source is already as little as 5%. The
temperature in the lower surface of the layer is a multiple of the temperature in
the semi-infinite solid in the comparable plane. The result of the analysis is
presented in Fig. 38.

A solution for the stationary or moving line source of finite width perpen-
dicular to the surface of a thicker plate is derived in Ref. [39].

Fig. 37. Point sources (heat output 2q) periodically reiterated in infinite solid, model for temperature
field in plane layer (thickness h) with point source (heat output q) single-sided on surface
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Fig. 38. Temperature field around point source moving on one side of a thick plate, quasi-stationary
limit state in moving coordinate system x, y, z; temperature T over coordinate x (a), isotherms in
longitudinal section (b), on topside (c), on bottomside (d) and in cross-section (e); after Rykalin [1]

2.2.7 Finite element solution

2.2.7.1 Fundamentals

Temperature-independent (mean) material characteristic values are assumed in
the functional analysis solutions evaluated above. Heat transfer and heat radi-
ation are often neglected. The boundary faces are generally assumed as being
infinitely distant. Only in special cases are heat transfer or heat radiation and
finitely distant faces considered, the latter by using a periodic solution (method
of mirror-image source arrangement).

In more complex applications, temperature field solutions based on the finite
element method [26, 27] in simpler (plane and linearized) cases also based on
the finite difference method, are suitable. In accordance with the present state of
development of welding residual stress analysis by means of the finite element
method, two-dimensional problem solutions are of primary interest. These
include axisymmetrical and plane models, the latter subdivided according to
temperature fields in the plate plane and those in the plate cross-section
perpendicular to the weld. The in-plane models are primarily used to simulate
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the starting and ending phase of seam or bead welding. The cross-section model
is restricted to cases in which the longitudinal heat flow can be neglected. Shell
element models are generalizations of in-plane models to curved surfaces. For
several years realistic three-dimensional models based on solid elements have
been presented. The temperature field analysis by finite elements has been
reviewed especially by Goldak et al. [28, 38, 41, 44, 45].

Characteristics of the finite element meshes required for modelling such
welding processes are the considerable differences in the mesh coarseness, very
fine in the area of the weld and rather coarse in the remainder of the component.
Different solutions exist for the task thus set of grading the mesh coarseness (see
Figs. 39 and 147). Special meshing strategies for seam welding with moving heat
source consist in moving a fine mesh together with the source within a station-
ary coarse mesh. Such moving mesh refinements are a prerequisite for efficient
solutions of three-dimensional problems in the future.

The field equation of heat conduction in finite element formulation (equation
(22)), limited to two dimensions, but non-linear when heat radiation, micro-
structural transformation and temperature dependence of the material charac-
teristic values are taken into account, has to be solved for the nodal temper-
atures dependent on time and position. Welding heat source, heat transfer and
heat radiation are taken into account by surface sources, and also occasionally
interior sources at the elements, transformed to the nodes. Heat radiation is
introduced in accordance with equation (8). The heat capacity matrix [Cr] and
heat conduction matrix [ K] depend on the temperature field. The non-linear
field equation of heat conduction is solved in time steps by Euler’s (explicit or
implicit) forward or backward integration [26, 27, 248].

Transformation processes in the solid-solid and also in the solid-liquid
phases are, if they take place at a definite temperature (i.e. without a temperature
range), connected with moving transformation fronts in which the heat content
changes abruptly. The abrupt transition in heat content is caused by the latent

Fig. 39. Finite element mesh (symmetry half) for numerical analysis of the temperature field in the
plate plane during seam welding (weld length /,,, weld beginning and ending at a small distance from
the plate edge); after Argyris, Szimmat and Willam [248]
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heat released or consumed during transformation. The specific heat displays
a discontinuity at this (temperature) point. Problems involving moving fronts
therefore require adaptive meshes for finite element modelling. In the case of real
materials, transformation usually takes place prolonged over a temperature
range so that the discontinuity is blurred. Accordingly, the transformation heat
is reflected in an apparent increase in specific heat and can be considered in this
form without adaptive meshes, solely with an appropriately refined mesh coarse-
ness [36, 221, 248].

Finite element solutions (including finite difference method) for the temper-
ature field during welding are contained in the majority of publications relating
to finite element analysis of welding residual stresses, but are also presented
separately [28, 34, 35, 38, 41, 44, 45, 54-56]. The finite element analysis of the
electrical (potential) field may precede in models relating to resistance spot
welding.

2.2.7.2 Ring element model

The axisymmetrical finite element model (primarily in the simpler form of the
finite difference method) is applied for the temperature field analysis relating to
spot welding [48-54, 57-67, 216, 217, 220]. Besides rendering the basis for
subsequent residual stress analyses (see Section 3.2.3), this enables the prediction
of weld nugget formation dependent on weld current, weld time, plate thickness,
electrode shape, coatings and other influence parameters under the simplifying
condition of neglected mechanical behaviour (models including mechanical
behaviour in Section 3.2.3). The process of heat generation is treated in more
detail in Section 2.3.3.

Before reviewing the various references on this topic, three modelling and
result examples are presented. The finite element mesh of a typical analysis
model for spot welding is shown in Fig. 40. The model consists of solid ring
elements simulating at first thermoelectrical and later thermomechanical beha-
viour supplemented by surface ring elements simulating the respective interface
phenomena (e.g. contact resistance, lifting off, slipping) between electrode and
plate and between the two plates (surface element thickness equal to oxide layer
thickness, i.e. approx. 0.05 mm). The fully developed weld nugget in stainless
steel, plate thickness 1 mm, determined with this model is shown in Fig. 41. The
heat source and temperature distribution in plate and electrode according to
another combined current and heat conduction analysis for aluminium without
considering melting and contact resistance is shown in Fig. 77.

The heat source and temperature distribution in weld spots is analysed by
Greenwood, Williamson, Ruge et al. [48, 50] proceeding from Ref. [24, 25, 65]
using a linearized model without considering the contact resistance. The latter
was considered in an improved model [49] from the results of which it was
concluded that the contact resistance played a major role only in the early stages
of heat production and became less influential in the later stages of the weld
nugget formation. Preceding investigations on contact resistance aiming at
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Fig. 40. Axisymmetric finite element model simulating spot welding: geometry of electrode and
sheet metal (a), discretization into solid ring elements; after Dickinson, Tsai and Jammal [66]

Fig. 41. Weld nugget formation in
stainless steel after six current
cycles or 0.06s (I = 8000 A,

U = 1 V); after Dickinson, Tsai and
Jammal [66]

a dynamic control of welding parameters such as welding current, electrode
pressure and hold time based on actual nugget formation are reported on in
Ref. [62-64].

A one-dimensional heat transfer multilayer model consisting of different
materials and subjected to current pulses of different shape and length is
investigated by Rice and Funk [51] in respect of resistance welding in semicon-
ductor manufacture.
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The temperature field in a circular plate made of aluminium during spot
melting using the gas or tungsten arc is analysed by Pelli et al. [52] based on
a ring element model.

The formation of the spot weld nugget is presented by Kaiser et al. [53] for
low- and high-tensile steel in comparison dependent on the ratio of material
resistance to contact resistance as well as on contact force and current. The
transient electrical and thermal field during spot welding is analysed by Nied
{54] and Dickinson et al. [66-67] proceeding from the thermoelastically
modelled contact pressure distribution and from the shape and size of the weld
nugget derived therefrom. The finite element model takes into account lifting-
off, slip and change in resistance in the contact area, but not yielding and fusing.
The above investigations, from which Figs. 40 and 41 are taken, concentrate on
weld nugget formation without any statement on residual stresses (the thermo-
elastic model does not comprise this effect). On the other hand, valuable
information related to process control have been derived, e.g. on weld nugget
formation and penetration as fraction of plate thickness dependent on weld
time (considering squeeze, weld and hold cycle) and weld current, on unequal
plate thickness and material in one joint.

The suitability of the axisymmetrical model for the geometrically and
physically more complex process of commutator welding is presented by
Schwab [55, 56].

The temperature fields during laser beam spot welding are analysed by
Ohlschlager [59].

2.2.7.3 Plate element models

The example of a finite element analysis (by Argyris et al. [248] using high-order
triangular and rectangular elements) for the temperature field in the plane of
a rectangular plate made from mild steel St37, with butt weld passes deposited
simultaneously from both sides in an double-V groove, is shown in Figs. 39 and
42. Finite element analysis in this plane is necessary in place of functional
analysis because the effect of plate edges in finite distance to the weld have to be
taken into account, and the temperature field can no longer be assumed to be
quasi-stationary. The heat flow density of the moving source is modelled
according to the Gaussian distribution within an area of oval shape. Interest-
ingly enough, the temperature maximum during cooling occurs within the weld
length near the weld end. It should be noted that the weld end in turn is shifted
from the transverse edge of the plate in the considered case.

The temperature field (one symmetry half) in a fine-grained structural steel
plate of 1 x 1 x0.01 m? with a butt weld in the x-axis shortly before the end of
welding is presented in Fig. 43 as an example of finite element analysis (by
Jonsson et al. [238] using low-order triangular elements) of heat diffusion
restricted to planes transverse to the rapidly moving high-power line source
(cross-section models). The local temperature gradients are greater in the trans-
verse direction than in the longitudinal direction, with the exception of a small
area around the heat source. This is an important aspect for finite element mesh
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Fig. 42. Temperature field (symmetry
half) in rectangular plate with centric
weld seam, during welding (a), at end of
welding (b) and during cooling {c, d),
time interval t,, after start of welding;
after Argyris, Szimmat and Willam
[248]

structuring in the subsequent mechanical model (Fig. 147). The temperature
profile over time for two points at a smaller and larger distance from the weld
centre line is shown in Fig. 44. The very steep cooling gradient over time close to
the weld determines the transformation and hardening behaviour of the base
metal (i.e. of the heat-affected zone). Other temperature field analyses in planes
transverse to the weld proceed from heat source profiles in the weld surface in
accordance with a moving area source [249, 250] or specify the temperature
profile at the outer contour or in the weld centre plane in accordance with the
temperature field calculation in the plane as a control variable [248, 251].

2.3 Local heat effect on the fusion zone

2.3.1 Electric arc as a welding heat source

2.3.1.1 Physical-technical fundamentals

The most frequently used welding heat source is the electric arc. It converts
electrical energy into heat energy. It produces the melting of the filler metal and
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Fig. 43. Temperature field shortly before end of welding in steel plate with centric gas metal arc weld
seam; after Jonsson, Karlsson and Lindgren [238]

Fig. 44. Temperature profile over time in steel plate (size 1 x 1 x 0.01 m?) alongside centric weld,
smaller and larger transverse distance from weld y, longitudinal coordinate x according to Fig. 43;
after Jonsson, Karlsson and Lindgren [238]
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the fusing of the base metal. It maintains the endothermic and exothermic
chemical processes which occur in the arc. The arc is a particular type of electric
discharge in gas. It is based on free-moving charged particles (electrons and ions)
in the arc gap.

A precondition for current flow in the gas between two fixed poles (negative
cathode and positive anode) when voltage is applied is the ionization of the gas.
As a result of the voltage of the electrical field between the poles the electrons are
accelerated toward the anode. In so doing, they impact on gas molecules, which,
as a result of the impact, are decomposed into positively charged atoms (ions),
releasing further electrons. The gas ions are accelerated toward the cathode. The
process of impact ionization snowballs when the arc is ignited. When the
electrons impact on the anode or the gas ions on the cathode, anode and
cathode are heated locally to high temperatures, with the result that metal ions
evaporate.

Metals are enveloped by a thin layer of free electrons, which are accelerated
in the electric field toward the anode (field emission). In the cold state, this
requires performing minimum work, the metal-specific work of emission. The
electron current density produced increases as the temperature rises. At a tem-
perature of approximately 3500 °C, a sudden increase occurs (thermoemission),
although this can only be achieved with high-melting metals without prior metal
evaporation.

The arc is ignited by brief contact of the two poles. During contact, a short-
circuit current flows, which is significantly higher than the normal welding
current. If contact ignition is not desired, ignition aids in the form of high-
voltage pulses may be used.

The voltage drop over the arc gap consists of the steep “cathode drop” and
“anode drop” in a very thin layer and the flatter drop over the plasma gap. The
voltage-current characteristic curve comprises an initially steep drop in voltage
over the amperage followed by a moderate rise at larger amperage. Only the
latter ohmic resistance range is used for welding and, together with the voltage-
current characteristic curve of the welding current source, constitutes the work-
ing range. Each arc has its own particular characteristic curve.

Welding with direct current presents fewer problems than welding with
alternating current. With direct current, both types of polarity of electrode and
workpiece are possible, although with slightly different results in practice.
Polarity does not play any role in the case of alternating current. The arc is
reignited in the 50 cps rhythm of the alternating current.

The arc as a (moving) electric conductor is surrounded by its own magnetic
field, which accelerates the charged particles toward the axis of the arc. As
a result, the arc constricts itself and forms small attachment spots on anode and
cathode (“anode spot” and “cathode spot”). The spot on the electrode is always
smaller than that in the weld puddle, irrespective of polarity. The anode spot is
relatively fixed, while the cathode spot is relatively mobile. The arc may easily be
deflected by external magnetic forces (the blow effect).
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Anode spot and cathode spot are heated to high temperatures (approxim-
ately 3000 to 4000 °C depending on the material) as a result of the impact of the
electrons or ions, the fixed anode spot to higher temperature than the mobile
cathode spot. The maximum arc temperatures occur in the arc plasma (up to
30000 °C depending on nature and composition). The heat generated is propor-
tional to the local voltage gradient. As the voltage gradient is particularly large
at the anode and cathode, this is where a major part of the arc heat is generated.

The arc generates radiation in the visible as well as in the ultraviolet and
infrared range. This increases the heat effect and, on the other hand, necessitates
protective clothing and goggles.

The most widespread welding processes operate with a melting electrode.
The filler metal passes in the form of droplets from the electrode to the
workpiece. The very different forces which occur in this process are illustrated in
Fig. 45, i.e. viscosity and surface tension, gravity force, force of inertia, suction
force of the plasma flow, and electromagnetic and electrostatic force. Electro-
magnetic constriction (the pinch effect) is the essential factor for the formation of
droplets, while expanding gases effect the detachment of the droplets (intensified
by crater formation in the case of covered electrodes).

In the case of plasma arc welding, the arc is burning between the non-melting
tungsten electrode and the nozzle mouth. Argon gas which is jetted through the
nozzle and arc is forming a plasma beam of high ionization and temperatures.
The pressure of this impinging beam may be increased to the extent that it
exceeds the pressure caused by vapourization in the weld pool. A vapour
capillary is then generated which takes the shape of a “keyhole” if the workpiece
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is moved relative to the beam. The metal is melted in front of the advancing
keyhole, moving round the sides of the hole and solidifying to form the weld
bead at the rear. This process is the same for electron and laser beam welding.
All three welding processes are characterized by the extremely high power
density. They achieve very narrow and deep welds.

Reference is made in respect of further details to Killing [75], Ruge [74] and
Schellhase [73]. An excellent survey on the physics of arc welding has been given
by Lancaster [72].

2.3.1.2 Heat balance and heat source density

Statements relating to the heat balance of the welding arc enable its effective
power to be assessed without the need for analysing the complex physical
processes in more detail. With the additional statement of the heat source
density distribution, relatively accurate calculations of heat propagation includ-
ing the fusion zone can be performed.

The correlation between electrical gross power at the arc and effective heat
input at the component (measured in a calorimeter) is expressed by the heat
efficiency 7y, equation (1) and Table 1. The higher values which belong to
welding with melting electrode can be explained by the fact that part of the heat
consumed for melting the electrode passes with the droplets into the weld pool
and contributes to heating the base metal. On the other hand, with a given
welding process, 1, depends only to a slight extent on the type, polarity and
intensity of the welding current. The efficiency decreases with increasing arc
length (or arc voltage). It attains particularly high levels when the arc is
immersed in the weld pool. Efficiency is additionally improved by covering the
weld pool with flux.

The heat balance of three thermal process variants is presented in the form of
graphs in Fig. 46, i.e. for welding with carbon electrode, melting metal electrode
and melting metal electrode under flux.

The current density is concentrated on the anode and cathode spot respect-
ively. The heat source density to be introduced numerically in this zone should
be defined with a larger base area (the heating spot). It is approximated by the
Gaussian normal distribution according to equation (16). In the centre of the
heating spot, heating occurs mainly as a result of the impacting charged
particles. Heating by means of convection and radiation dominates in the
surrounding ring zone. The diameter of the anode or cathode spot is in the
millimetre range, that of the heat spot in the centimetre range [1].

With rising amperage, maximum value and extension of the heat source
density are increased (Fig. 47). With rising voltage, the maximum value is
reduced while the extension is increased. The metal electrode (with open arc)
displays a higher heat source density with equal extension compared to the
carbon electrode (Fig. 48). Covering with flux considerably concentrates the
heat source density.

The question relating to the parameter dependence of heat balance and heat
source density is posed indirectly in connection with the heat input per unit
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Fig. 46. Heat balance of
welding arcs after Rykalin [1];
non-melting carbon electrode
(I=1000A, U=40YV) (a),
melting uncovered metal
electrode (I <250 A,U <25V)
(b), metal electrode melting
under flux (I = 1000 A,
U=36V,v=6.7mm/s) (c)

length of weld, q,, according to equation (3). The numerically determined
temperature field of a moving source is dependent on the effective heat input per
unit length of weld. It is unimportant whether welding is performed slowly with
low power or rapidly with high power. It is also unimportant whether the power
is produced in the combination of small amperage with high voltage or vice
versa (assuming that #,, remains the same).

To what extent this view is correct has been examined by Eichhorn and
Niederhoff [156] by means of temperature and heat quantity measurements
(especially austenitizing time At, above 800 °C and cooling time Atg,s from 800
to 500 °C) for surface arc welding with melting electrode protected by active gas
(GMA welding). On the one hand amperage and voltage were varied in opposite
directions (with constant power and welding speed) and, on the other hand,
power and welding speed were varied in the same direction (with constant ratio
of amperage and voltage). In both cases, the (gross) heat input per unit length of
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Fig. 47. Heat source density g* of rapidly moving arc over radial distance from centre r, carbon
electrode, dependency on amperage I and voltage U; experimental results according to Kulagin in
Ref. [1]

Fig. 48. Heat source density
q* of rapidly moving arc over
radial distance from centre r,
non-melting carbon electrode,
melting uncovered metal elec-
trode and metal electrode
melting under flux; experi-
mental results according to
Kulagin in Ref. [1]

weld was maintained at a constant level. With the heat efficiency varying
relatively little (7, = 0.8-0.9), changes in width of the fusion zone and in cooling
time up to a factor of two were determined. The different settings, particularly
those of amperage and voltage, also resulted in significantly different shape and
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Fig. 49. Cross-section of fusion zone and heat affected zone (HAZ) after gas metal arc (GMA)
surface welding (with active gas CO,), different settings of voltage U and amperage I with equal
electrical gross input ¢ or input per unit of weld length g,; after Eichhorn and Niederhoff [156]

size of the cross-section of the surfacing bead (Fig. 49). Penetration and rein-
forcement are low with a low amperage and high voltage, and are enlarged in the
reverse case. The size of the bead cross-section obviously increases with the
amperage, which is attributable to an improvement of 5y, and #,. The parameter
reduction achieved by the heat input per unit length of weld may, therefore,
require correction in individual cases (see Ref. [157, 158]).

The effective heat input of various conventional welding processes and
welding conditions has been determined dependent on the process parameters in
Ref. [169, 77]. The heat source density of plasma, electron and laser beam
welding is much higher and more concentrated than that of the conventional arc
welding processes (see Section 2.1.1.3).

2.3.1.3 Heat conduction modelling of fusion welding
2.3.1.3.1 Melting of the electrode

The melting of the electrode (and thus the deposition of the filler metal) is an
important sub-function of the welding arc, in addition to the main function of
fusing the base metal.

The electrode is resistance-heated in the entire volume through which the
current flows. In the section close to the end of the electrode, the heat spot
produces an additional steep rise in temperature, which results in the melting of
the electrode. The resistance heating, which is analysed first, increases with the
current density and the duration of the current flow. The relevant temperature
increase is equally large at any moment in the entire volume of the electrode. By
contrast, a radial temperature gradient occurs in the covering of the electrode.

The heat generated as a result of the current flow is distributed on electrode
rod and electrode covering, a minor part being dissipated to the surroundings.
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The heat balance at any moment of the heating process results in the differential
equation of electrode heating (equation (167) in Ref. [1]):

_dr _ 4d,
cog = ¥t —o(T - To) -

The variables in equation (56) are the temperature of the electrode rod T, the

volume-specific heat capacity co (averaged over rod and covering), the specific
electrical resistance o* (R = p*l/A.), the current density j (j = I/A4.), cross-
section area of the electrode rod A, (without covering), the rod length [, the
coefficient of heat transfer from rod through covering to surrounding air «,, the
ambient temperature T, the diameter of the electrode rod d., and the diameter
of the covering d..

The electrical resistivity o* depends on the material and its composition. In
addition, it increases with temperature (Fig. 50). The result of an evaluation of
equation (56) applying the finite difference method shows the temperature rise
over current flow time for different current densities for uncovered and covered
electrodes (Fig. 51). The heating rate increases with current density. Covered
electrodes heat up slightly more slowly than uncovered electrodes because the
covering stores part of the heat.

In addition to resistance heating, the heat resulting from the arc acts in the
immediate vicinity of the melting-off electrode end, i.e. within approximately
10 mm of electrode length. The steep temperature drop in this area can be
approximated by the temperature field of the area source moving in a rod
(equation (38), the latent melting heat is neglected):

T=T,+ (T} — T)e v (57

(56)

The variables in equation (57) are the temperature rise at the end of the electrode
rod T, the temperature increase as a result of resistance heating T, the temper-
ature of the molten droplet T}* (T}* > T,,), the melting-off or feed rate of the
electrode v,, the thermal diffusivity a, and the rod-longitudinal coordinate x.

Fig. 50. Electrical resistivity o* of
different electrode steels; after Rykalin

(1]
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Fig. 51. Temperature rise in uncovered mild steel electrodes, resistance heating without and with
heat transfer, different diameters d, and current densities j; after Rykalin [1]

Fig. 52. Temperature profile in steadily fed wire electrodes of mild steel, resistance and arc heating;
after Rykalin [1]

Arc and resistance heating are superimposed. In rod electrodes, the temper-
ature T, increases steadily in the whole rod with welding time t,. In wire
electrodes with automatic steady feed, the temperature T, increases nearly
linearly from the current input point to the end of the wire (Fig. 52). In both
cases, the exponential pattern of the temperature increase resulting from the arc
is superimposed. In the case of automatic welding, the maximum temperature
T max increases with the exposed length of the welding wire with the result that
a higher melting rate is achieved.
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The melting rate of electrodes can be described in general terms, proceeding
from heat balance and temperature distribution. The effective heat output g, of
the arc at the electrode is determined from voltage U (at the arc), amperage I and
heat efficiency #. (4. ~ 0.1):

g. =1 UL (58)

The effective heat output rises the temperature of the end of the electrode, which
is moving on and melting off with feed rate v., to the temperature T* > T,
(melting temperature Tr,):

qc. = UcAeEé(Tr::* - Trmax)- (59)
The melting rate m. [g/s] may be introduced in equation (59):
me = UCAEQ (60)

The mass-specific change in heat content (i.. in enthalpy) of the arc-melted
droplets compared to that of the resistance-heated electrode end is given by:

Ai = C(T;* - Trmax) (61)

The, in reality temperature-dependent, material characteristic values, ¢ and c,
are introduced into equation (59) as independent of temperature, but averaged
in the temperature range studied and modified in respect of the latent melting
heat (cross-bar above cg).

By equating the formulae for ¢. from equations (58) and (59), taking into
account equation (60), it follows for the melting rate

nUI

fle = ——r———— 62
" C(Tn=’1<* - Trmax) ( )
and for the melting and feed speed

e nUI 63)

" ACOTE* — Tommay)

In practice, melting rate 1, and melting speed v, are controlled, above all, by the
amperage I. The possible amperage is limited, however, dependent on the type
of electrode (melting instabilities, spatter losses). The melting rate of rod elec-
trodes rises with increasing welding duration as a consequence of the temper-
ature increase 7,. The temperature increase T, after completion of the
welding operation with a given electrode, on the other hand, is all the greater the
slower the welding operation is performed, and in addition higher with an
uncovered electrode than with a covered electrode.
The ratio «, of melting rate . per unit of amperage I,
5, == (64)

is used as a process- and electrode-typical melting index which, according to
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equation (62), is approximately constant if the deposition rate is not extremely
high. In accordance with Ref. [1], «. = 5-14 g/Ah for hand welding and
o, = 13-23 g/Ah for mechanized submerged-arc welding.

The molten-off mass m, reappears in the deposited mass my (deposited with
welding speed v) after subtraction of the mass losses in the arc and from the
molten material (spatter and evaporation):

my = vAq0, (65)
tg = m(1 — q). (66)

The loss factor 4 is stated with 4 = 0.05-0.2 for common welding methods
and with ¢4 = 0.01-0.02 for submerged-arc welding.
The ratio 2,4 of deposition rate i,y per unit of amperage I,
m
2y =" (67)

is used as a process- and electrode-typical deposition index. It is obvious that
ag = % (1 — Yq). (68)

Calculation examples relating to the statements above in this section are given
in Ref. [1]. Further information on electrode heating in terms of welding
parameters is given in Ref. [72] (ibid. pp. 330-336).

The statements can be transferred by analogy to welding methods with
direct arc and non-melting electrode as well as to methods with indirect arc
(plasma welding). There is no resistance heating of the filler metal in these cases.
The heat is transferred from the arc to the filler and base metal solely by means
of convection and radiation. Deposition rate and deposition index are reduced
as a consequence.

The temperature distribution in gas shielded electrodes has been analysed in
Ref. [43].

2.3.1.3.2 Fusion of the base metal

Fusion of the base metal, with or without filler metal, is decisive for firmly
connecting the parts to be joined. Theoretically, an extremely thin fused layer
might be sufficient for this. In fact, the aim is to achieve a larger layer thickness
of approximately 1 mm in order to bridge geometrical, material and process
deviations from the specified values without causing poor fusion. On the other
hand, however, the fusion layer should also not be thicker than necessary in
order to avoid waste of energy, edge burn-off, sagging of the weld pool and deep
weld end craters.

The statements below refer throughout to arc welding, but they may be
applied analogously to flame welding.

Fusion and overheating of the weld pool occur momentarily at the heat spot
of the welding arc on the surface of the base metal. The expanding fusion zone
forms the weld pool. The surface of the weld pool is impressed in the shape of
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Fig. 53. Weld pool with surfacing arc (a) and immersing arc (b); after Rykalin [1]

a crater by the blow effect of the arc. Consequently, in addition to the longitud-
inal and transverse movability (oscillation), the arc acquires a further movability
in the direction of the depth.

A distinction is made between surfacing and immersing arc (Fig. 53). In the
surfacing arc, which is promoted by low amperage, the heat spot is located
a little below the surface of the workpiece, a molten layer is always retained
below the heat spot and the fusion depth is relatively small. In the immersing
arc, which is promoted by high amperage, the heat spot (and thus also a part of
the arc) is located deep below the surface of the workpiece, the molten layer is
pushed away towards the solidifying weld and the fusion depth is large; intensive
heat transfer also favourably occurs at the crater walls. In submerged-arc
welding, the immersing arc is additionally covered upwards by slag powder,
which further reduces the heat loss.

The dimensions of the weld pool or of the fusion zone are, in the case of
surfacing and butt welds, characterized by the weld pool length ¥, the weld pool
width w,,, the weld bead height hy, the weld pool depth h,, the weld bead
cross-section area Aq, and the weld pool cross-section area A, (Fig. 53). The
parameters wy,, hq, hy, Ag and A, can be measured in the polished transverse
section, fusion zone and weld pool being set equal in this case. In reality, the
fusion zone is given by the enveloping surface of the moving weld pool. The
difference in the transverse section is negligibly small. The area A, identifies the
quantity of deposited filler metal; in contrast, the area A4,, identifies the quantity
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of fused base metal. The length I} can be measured on the solidified weld end
crater. The depth of the end crater, however, is not a measure for the weld pool
depth because the crater fills up when the arc is switched off.

Additionally, the relative fusion depth h,, /w,, and the relative fusion area, the
fullness ratio g = A,,/(hy,wn), are introduced as dimensionless shape para-
meters. The relative fusion depth differs in size dependent on welding method,
electrode and base metal. In contrast, the relative fusion area, u = 0.6-0.8, is
relatively constant.

The temperature field equations derived for heat conduction in the semi-
infinite solid and infinite plate with point and line source respectively (neglecting
heat transfer at the surface, b = 0) can be used for determining the geometrical
parameters of the fusion zone by numerical analysis (they are particularly
influential, among other things, on residual stresses and distortion). The area
within the melting temperature isotherm is regarded as the fusion zone. In this
way, the influence of the principal parameters of geometry, material and welding
method are covered. The deviations of the analysis results from reality are large,
however, because the fusion process is inadequately modelled.

The model takes account solely of heat conduction, proceeding from the
point or line source. In reality, the heat input is effected through the planar heat
spot with the contribution of convection and radiation at the crater walls.
Fusion heat is consumed at the crater front wall and released again during
solidification at the crater back wall. The filler metal supplied by the electrode is
melting above the weld pool with heat consumption and solidifies after drop-
ping off with heat release.

When the weld pool forms, energy is absorbed as latent heat of melting.
Although it is released later, this heat is temporarily removed from the input
energy and stored in the weld pool. If the weld pool dimensions are calculated
on the basis of the temperature fields derived for heat conduction, the latent heat
of melting has to be subtracted from the heat input to give the dimension-
effective heat (alternatively, the heat content of the pool has to be increased).

In conformity with Ref. [1], the numerical assessment of the geometrical
weld pool parameters on the basis of the temperature field equations derived for
heat conduction is performed introducing the concept of thermal efficiency of
the welding process.

The heat input g for melting the base metal (per unit of time) is determined
from the fusion volume vA,, [mm?/s] and its volume-specific heat content iy,
[J/mm3*] (including latent fusion heat, but without overheating) and equated
through the fusion efficiency 5, to the heat output of the electric arc:

VA Oy = N UL (69)

This statement on heat input and heat output relates to fusion without filler
metal (weld bead cross-section area Ay = 0). Otherwise, it would be more
correct to introduce A4 + A, on the left-hand side of the equation in place of
An. If this is not done, the melting heat of the filler metal then occurs in 7,
incorrectly as a loss factor. This has been ignored in Ref. {1].
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The fusion efficiency #,, is split up into the heat efficiency n, of heat
generation and heat transfer in the arc gap, into the thermal efficiency #, of base
metal fusing determined by calculation (a significant part of the effective heat
output of the arc is lost as a result of heat diffusion into the base metal) and into
the correction factor p for the deviations of the calculation results from reality:

Nm = Dl (70)

The heat efficiency may be assumed according to Table 1 dependent on the
welding method or determined more accurately by measurement. It can be
assumed for the surfacing arc that p < 1.0 (p =~ 0.5-1.0), and for the immersing
arc that p > 1.0 (p = 1.0-1.2). With improved analysis methods for the temper-
ature field (more accurately taking into account the thermodynamics of the weld
puddle), it is possible to achieve p &~ 1.0. The thermal efficiency #, is determined
from the (calculated) fusion area A,, of the zone lying within the isotherm T,
converted to heat input and related to the effective heat input q.

In a semi-infinite solid with rapidly moving high power point source, a half
cylinder around the motion line of the source (radius r,,) is heated to T, in the
analysis:

veo(Ty — To)mr2
Ne = .
2q

It follows with equation (46) that n, = 0.234 x /2 = 0.368. Only 36.8% of the
effective heat input is available for fusing.

In a plate with rapidly moving high power line source, a strip on both sides
of the source motion plane (width w,,, thickness h) is heated to T, in the
analysis:

0, = veeb h(T,y, To). 72)
q
It follows with equation (49) that n, = 0.242 x 2 = 0.484. Only 48.4% of the
effective heat input is available for fusing.

The values above apply to rapidly moving high power sources, without
taking filler metal into account. They are based on heat diffusion exclusively
perpendicular to the direction of the moving source. With lower source speed, as
occurs in reality, the heat loss as a result of heat conduction in the direction of
the moving source is increased. The thermal efficiency #, for non-rapidly moving
sources is presented in Ref. [1] in the form of a graph, depending on the
dimensionless parameters &3, for the semi-infinite solid, index 3 for three-
dimensional heat diffusion, and &,, for the plate, index 2 for two-dimensional
heat diffusion (Figs. 54 and 55):

(71)

Ey =, (73)

(74)
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Fig. 54. Thermal efficiency 5, of surface welding with three-dimensional heat diffusion dependent on
heat flow g, welding speed v, thermal diffusivity a and melting heat content i, for different ratios

hm/Wm O hE/wk; after Rykalin [1]

Fig. 55. Thermal efficiency #, of
butt welding or large-width surface
welding with two-dimensional heat
diffusion dependent on heat flow
g/h, thermal diffusivity a and
melting heat content Qi,,; after
Rykalin [1]
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The diagram for the semi-infinite solid is enlarged by the weaving weld (with
progression rate v of the weaving loops) and by the weld with deep penetration,
in the case of which the fusion zone deviates from the half cylinder. These two
cases are identical in respect to energy for h¥ /wk = 1/(4h,,/wy) because identical
infinite solid models result with the respective symmetrical extensions. The
diagram for the plate also applies to the very wide weaving (surfacing) weld
(h = wy, should be set in &,) because this process can be approximated as
moving line source with heat diffusion of the same kind as for the plate.
Obviously, despite the different parameter combination in &5 and &, (v does not
occur in &,), 7, over &, should be interpreted as the limiting curve for #, over &,
characterized by h,/w, = 0.

With low source speed, relative to the thermal diffusivity a, the thermal
efficiency #, drops rapidly. On the other hand, it is all the higher the wider or
deeper the line source acts. The thermal efficiency for the point source is lower
than for the line source. The ideal value, #, = 1.0, can only be achieved with
volume-effective resistance heating of rods.

The length I} of the weld pool results from the melting temperature isotherm
of the calculated temperature field, ignoring the relatively small length portion
ahead of the source. For the semi-infinite solid with moving point source, the
length [* results explicitly and independent of speed in accordance with equa-
tion (30):

. q

b = 20T — To) (75)

For the infinite plate with moving line source, the length 1} results implicitly and
dependent on speed in accordance with equation (33) setting b = 0:

Y, <lrﬁ i)e ~ tgopa _ W20 T — To) (76)
2a q

The effective heat input by the moving source is designated by q.

2.3.1.3.3 Interaction of melting-off and fusion

The welding process is characterized by the interaction of melting filler metal
and fusing base metal in the area of the arc. The coupling is particularly close in
the case of the processes with melting electrode. The decisive factor is the
distribution of the arc heat to electrode and base metal. With a given welding
method, it depends on base and filler metal, composition of electrode covering
or welding flux, electrode polarity and arc length. Whereas the total heat output
of the arc can be simply controlled through the amperage in combination with
a suitable electrode diameter, the possibilities for controlling the division of the
arc heat are limited.

The problem of heat division is illustrated by the following equations for the
cross-section areas A4 and A, produced by deposition and fusion, respectively.
In this case, in conformity with the critical remarks in respect of equation (69),
the fusion efficiency 7, is defined initially more practically in terms of simulta-
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neous deposition (or melting) and fusion. In order to keep definition and
equations as simple as possible, the specific heat contents i, for fusion of base
metal and Ai for melting of filler metal are set equal (Ai = i,). Equation (69) is
thus replaced by:

Ay + Ag) Ol = N UL 77

This corresponds to the model conception that the filler metal is deposited in the

weld groove and is heated and fused there together with the base metal by the
arc.

The deposition area follows from equations (62), (65) and (66) with Ai = i,:
_nUI(1— )
VQim '

The combined fusion and and deposition area, on the other hand, follows from
equation (77):

Aq (78)

mUI
A+ Ag = 10 (79)
VQIm
After rearrangement, it follows from equations (70), (78) and (79) that:
Am PHiln
— =1 80
Aa ne(l — ) ®0

In practice, greatly different values for A,,/4, are aimed at depending on the
type of weld. The surfacing welds are at one end of the scale of values with
An/As < 1, the butt welds without filler metal at the other end with 4,,/44 > 1.

Of the quantities occurring in equation (80), only 1, can be set in a greatly
variable manner. If A,, is to be enlarged compared to A4, a welding method with
a high #, is required. Only rapidly moving high power sources satisfy this
requirement. If A, is to be small compared to 44, a method with a low #, can be
considered. With the same heat input per unit length of weld, g, = q/v =
nwUl/v, n, differs in value depending on the choice of g and v, respectively.
However, in view of the fact that the impairment of the economies of the welding
process resulting from small values v and #, is not acceptable, preference should
be given to the measures acting on ., mentioned at the beginning of this section.

The decisive factor for the productivity of welding methods is their welding
speed, v. The question of how the welding speed can be increased is answered on
the basis of the derived relations. In welds with A4,/A44 < 1, the speed v with
given A, is increased mainly by increasing the melting index o, and the amper-
age I, for, in accordance with equations (64), (65) and (66):

_ (1 — o)1
b= (81)

In welds with A,/A4 > 1, the speed v with given h,, is increased mainly by
increasing the (effective) heat input g (by means of the amperage I) and the
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relative fusion depth h,,/w,, (by means of deep penetration measures), for, in
accordance with equations (1) and (69), with the fullness ratio p = Ay, /(hnWe):

1 hy
C T g o
A simple formula for the total (effective) heat input g per unit plate thickness A in
single pass arc butt welding has been derived by Wells [47] proceeding from the
melting temperature isotherm of the moving source, equation (33) with b = 0.
The heat input is expressed in terms of that necessary to melt the fused zone

(width w,,), multiplied by a factor, which depends on the non-dimensional
parameter vw,, /4a:

(82)

1 ow,

E:mu;—7m<§+z;> )

Another formula is given proceeding from the molten filler metal in the gap
between the plate edges (width w,) and assuming that 15% of the (effective) heat
is used for melting the electrode and providing the filler metal:

80
T (T — To) 8
4a

n= 3 (84)

Fig. 56. Ripple lag ratio derived from
calculated melting temperature isotherm
and from experiment; after Wells [47]
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It appears that for an initial separation w, of the plate edges at a given heat input
q/h, there is only one welding speed, which will just allow a flush weld bead to be
deposited. At other speeds the bead is either convex or concave.

Evaluating the melting temperature isotherm additionally after the moving
source, a formula for the ripple lag ratio I,/w, is derived and plotted in
Fig. 56 together with the experimental results. For low heat inputs the ripples
appear to be semi-circular, while for high inputs corresponding with maximum
economy of energy, the ripple lag is greater than three times the molten width.

2.3.1.4 Weld pool modelling
2.3.1.4.1 Weld pool physics

The heat conduction model, on which temperature field, residual stress, distor-
tion and microstructural change analysis for welded joints is mainly based, gives
reliable results outside the heat-affected zone and under certain conditions also
for this zone itself. One of these conditions is that the actual fused zone shape
and dimensions are correlated to the results of the heat conduction model,
which is achievable to some extent by adjusting the heat source distribution
therein. The model is unsuited for treating weldability problems of the fusion
zone itself. Such problems comprise a well designed weld shape such as adequate
penetration, smooth transitions, not too large a reinforcement, the absence of
weld imperfections such as large undercut, burnthrough, pores and other de-
fects, the generation of a strength and ductility enhancing grain structure. These
problems occur especially when extending the proven range of application of
a process, material or design or when optimizing the latter within a proven
range. Even under conditions of normal use appropriate machine setting is not
a trivial task despite the well-founded empirical formulae which are available in
certain cases [102-104].

In recent years, remarkable progress has been made in modelling the
complex process of arc and beam welding [72, 81-101]. The following survey
comprises those models which are directly related to the weld pool behaviour.
Such processes are considered first, in which the conventional, surface-related
weld pool is formed, i.e. mainly arc welding, and beam welding only as far as
a defocused beam is applied. Beam welding with focused beam and keyhole
formation is treated subsequently (see Section 2.3.1.4.6).

First the physical phenomena characterizing the weld pool behaviour are
described [72]. The processes within the pool and the conditions on its surface
are mainly considered without covering further details on arc or beam forma-
tion, on drop formation at the electrode tip and on mass transport from the
electrode to the weld pool.

In contrast to conventional heat conduction models, heat flow in weld pools is
mainly convectional [72]. Convection is based on fluid motion in the pool. The
temperature gradients within the pool decrease with increasing flow velocity.
The fluid motion is generated by asymmetric magnetic fields (spinning flow), by
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surface tension gradients (toroidal flow), by drag forces of the plasma and gas jet,
by its stagnation pressure, by impinging metal drops and by buoyancy forces.
Surface tension and its temperature dependence is often the decisive driving
force determining the dominating pattern of fluid motion (thermocapillary flow,
Marangoni effect). If surface tension o* decreases with increasing temperature
T (do*/dT negative), an outward flow is generated on the surface transporting
heat mainly horizontally so that a wide and shallow weld pool is achieved (Fig.
57b). If surface tension o* increases with increasing temperature T (do*/dT
positive), an inward flow is generated on the surface transporting heat mainly
vertically so that a deep and narrow weld pool is achieved (Fig. 57d). The deep
penetration narrow weld behaviour is enhanced by certain “surface active
elements” (i.e. elements segregating preferentially on the surface of the liquid
metal) such as sulphur, oxygen and aluminium in the case of steels. The term
“dopant” is used if these elements are intentionally applied on filler metals. It has
been found [93, 82], that the penetration behaviour of welds (and therefore its
weldability) may depend on the delivered melting charge, especially on its
sulphur content, the reason being varying surface tension behaviour. Surface
tension is changed by a slag covering as applied in submerged arc welding.
The surface of the weld pool does not remain plane as it is incorrectly
assumed in oversimplified models [81]. The surface is deformed primarily by the

Fig. 57. Pattern of fluid motion in weld pool: wide and shallow pool with negative surface tension
versus temperature gradient (a,b), narrow and deep with positive surface tension versus temperature
gradient (c,d); top view (a,c) and cross-section (b,d); after Heiple et al. [88]
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Fig. 58. Surface depression and flow pattern in submerged arc welding pool; after Lancaster [72]

arc and gas stagnation pressure which increases with higher current levels.
Significant surface deformations occur especially in submerged arc welding (Fig.
58) (enlarged by cavity formation) and in high power gas metal arc processes.
They affect the arc and modify the heat and current flow. They may give rise to
surface waves generating the ripples and to local shape instabilities such as void
formation by surface projection and subsequent collapse.

The simplifying assumption of a single melting temperature isotherm disre-
garding the latent heat effects of melting and solidification is not acceptable in
fusion zone analysis [84, 130]. A partially molten, i.e. two-phase, zone surrounds
the moving weld pool (Fig. 59a). The solid line bounding the weld pool
designates the liquidus temperature of the alloy; the dashed line the effective
solidus temperature. The effective solidus temperature is always lower than that
predicted from microstructural equilibrium. The volume of the molten phase
present varies in a continuous fashion from 0 at the dashed line to 100% at the
solid line. The partially molten zone is of high practical significance because
welding defects originate in this zone, especially hot and cold cracks.

At the leading edge of the weld pool, ABC, melting occurs. This requires that
the latent heat of fusion is supplied to cause liquidation. At the trailing edge,
CDA, the latent heat must be liberated to cause solidification. On average, the
growth of the solid occurs parallel to the maximum temperature gradient, which
is perpendicular to the advancing solid-liquid interface. The growth velocity
must be zero at the sides of the weld pool (points A and C) and largest at the
centre line of the weld (point D). Unfortunately, the minimum temperature
gradient and therefore the minimum capability to conduct the latent heat to the
cooler surroundings, is found at this location.

Consequently, when welding velocity reaches a critical value, such that the
rate of growth parallel to the welding direction can no longer be sustained, the
weld pool will assume a teardrop shape (Fig. 59b). This critical velocity is
inversely proportional to the welding current, whereas the welding voltage has
only a minor influence on the size and shape of the weld pool. The grain
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Fig. 59. Weld pool shape, partially molten boundary area and competitive grain growth in arc
welding; low speed and current intensity (a), high speed and current intensity (b); after Savage [130]

direction in the fusion zone is controlled by the shape of the weld pool, and the
grain shape follows the conditions of competitive growth (Fig. 59).

In the following sections, a survey is given on mathematical modelling of the
processes, which control weld pool shape and size. Despite the remarkable
progress achieved, these models give answers only on a very restricted class of
questions from the point of view of practical application. To know the physical
properties and material characteristic values of the fluids at the elevated temper-
atures is an additional problem in this connection. Concerning the physical
background of the models, the book by Lancaster [72] should be consulted. The
survey below does not comprise models referring to electrode melting, drop
formation and transport of the liquid metal.

2.3.1.4.2 Welding arc modelling

The specific feature of the welding arc is the electrical discharge occurring
between a rod tip and a plane or deformed plate surface. The arc may spread
laterally, thus generating a plasma jet. The jet is augmented by added gas.
Besides the overall electrical behaviour in terms of the current-voltage charac-
teristic and the arc efficiency, more detailed field information is required in
respect of weld pool modelling: temperature profiles, stream lines, current
density, heat flux and arc pressure.

Arc modelling [72, 81, 83] is based on Maxwell’s equations describing the
distribution of magnetic and electric, field and flux intensities including current
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density in a plasma, on continuity of mass equations, on Navier-Stokes equa-
tions for viscous (here laminar) flow extended by an electromagnetic force term,
on the equation expressing the conservation of energy (in therms of enthalpy)
and on the equations of state. The partly non-linear and temperature-dependent
system of differential equations is solved for the relevant boundary conditions.

The results of an analysis performed by Szekely [81] comprising temper-
ature profiles, anode current density and anode heat flux are presented for
a plane weld pool surface in Fig. 60 and for a depressed weld pool surface in
Fig. 61. The important finding is that even a relatively slight pool depression
may markedly change the heat flux incident on the weld pool. The off-centre
peak of the flux curve at the edge of the surface depression seems to be
a characteristic feature.

In the above investigation, the surface depression was arbitrarily prescribed.
In reality the arc itself deforms the surface, mainly through the arc pressure. Arc
pressure curves measured on a plane pool surface are presented in Fig. 62. The
Gaussian normal distribution is confirmed.

Fig. 60. Temperature field isotherms (a), anode current density (b) and anode heat flow density (¢) in
stationary gas tungsten arc (I = 200 A, plane pool surface, arc length 10 mm), analytical and
experimental results; after Szekely [81]
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Fig. 61. Temperature field isotherms (a), anode current density (b) and anode heat flow density (¢) in
stationary gas tungsten arc (I = 300 A, pool surface 4 mm depressed, arc length 10 mm), analytical

results; after Szekely [81]

Fig. 62. Arc pressure on plane pool surface in
stationary gas tungsten arc (I = 200 A, electrode
diameter 3.2 mm, arc length 3 mm, vertex angle
30°), argon and helium shielding gases compared,
experimental results; after Lancaster [72]
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Fig. 63. Stream lines (a, b, ¢) and surface shear stress (d) dependent on radial distance from centre for
different arc lengths of stationary gas tungsten arc (I = 200 A, arc spot diameter 2, 4 and 10 mm);
after Matsunawa and Yokoya [83]

The results of an analysis by Matsunawa and Yokoya [83] assuming a plane
pool surface show stream lines and surface shear stresses dependent on arc
length (Fig. 63).

2.3.1.4.3 Hydrostatic surface tension modelling

As already stated, the surface tension o* and its temperature dependency plays
a major role in weld pool flow. The chemical elements related to welding
materials have a very high surface tension in the vicinity of their melting points
(i.e. much higher than mercury at ambient temperature). Obvious examples of
the effect of surface tension in welding are the stable suspension of the molten
pool without any backing system in full penetration welding of thin plates or the
smooth metal transfer from the filler wire to the weld pool in overhead position
welding.

Analysis results have been achieved on the basis of a plane hydrostatic
surface tension model by Nishiguchi and Ohji (presented by Matsunawa [87]).
The fundamental relation, on which the model is based, is the force balance
between gravitational and surface tension forces resulting in a curved surface.
Only plane cross-sectional models have been investigated. The plane model may
be acceptable in cases of low current welding, when directional flow in the pool
is not strong enough to distort the cross-section profile.

The relation between bead reinforcement height h, and bead width w, for two
slope angles 8 is shown in Fig. 64. At first, height and width increase together
but then the height asymptotically reaches a constant maximum value. The
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Fig. 64. Molten pool reinforcement height dependent on bead width, analysis based on plane
hydrostatic surface tension model, overlap with 6 > =/2; after Nishiguchi and Ohji in Ref. [72, 87]

shape and size of the bead reinforcement may now be calculated on the basis of
the heat input rate, which determines the bead width, and of the volumetric
burn-off rate divided by welding speed, which determines the cross section area.
The two-dimensional approximation seems to give too low values compared
with the three-dimensional welding reality.

The effect of the surface profile of the pool on the allowable root bead width
for self-supporting molten pools is shown in Fig. 65 based on the same model.
The allowable width decreases inverse proportionally with the increase in plate
thickness. If the top-surface is depressed, higher width values are allowable.

The bead profiles of horizontal fillet welds, with equal leg lengths, have been
calculated based on the surface tension model (Fig. 66). The parameter area of
favourable profiles avoiding both undercut and overlap has been defined. It will
be evident from this diagram that the deposition rate may only vary within
narrow limits if an unfavourable profile is to be avoided.

The same authors [98] have calculated the shape of the fusion zone for butt
welding of thin plates. First the temperature distribution is determined, assum-
ing a linearly moving circular heat source with a uniform heat input rate. The
weld pool profiles at the top and root side are calculated proceeding from the
force balance between surface tension, gravitational force and stagnation pres-
sure. Welding in vertical down and vertical up position is compared.

2.3.1.4.4 Hydrodynamic weld pool modelling

Hydrodynamic modelling of the weld pool is necessary in cases of high current
and deep penetration welding [82, 88, 93-97]. As stated formerly, electromag-
netic forces, surface tension, drag forces, stagnation pressure, drop impingement,
buoyancy and gravitational forces should be taken into account.
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Fig. 65. Effect of plate thickness and pool surface profile on permissible root bead width, analysis
based on plane hydrostatic surface tension model; after Nishiguchi and Ohji in Ref. [87]

Fig. 66. External profiles of fillet welds in gravity position limited by overlap and undercut, analysis
based on plane hydrostatic surface tension model; after Nishiguchi and Ohji in Ref. [72, 87]
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Fig. 67. Combined effect of electromagnetic, buoyancy, surface tension and aerodynamic forces on
weld penetration (a), isothermal curves (b) and velocity field (c), negative (upper row) and positive
(lower row) surface tension versus temperature gradient, stationary gas tungsten arc (I = 200 A,
q = 1.57]/s), mild steel; analytical results; after Matsunawa and Yokoya [83]

The analysis by Matsunawa and Yokoya [83] is based on the Navier-Stokes
equation extended by electromagnetic and buoyancy forces. The pool surface is
assumed as plane. Aerodynamic drag forces and shear forces by surface tension
gradients are acting in the surface. What has been analysed is the axisymmetric
molten pool produced by a stationary gas tungsten arc directed on the plane
surface of mild steel using different arc lengths (surface deformation neglected).
The underlying arc behaviour has been shown in Fig. 63. The combined effect of
electromagnetic, buoyancy, surface tension and aerodynamic forces is presented
in Fig. 67. Introducing a negative and a positive surface tension temperature
gradient do*/d T, the different pool shapes are clearly revealed. Another result of
the investigation is that in short arc welding the electromagnetic forces are
predominant, generating deep penetration, whereas in long arc welding the
aerodynamic forces are predominant, generating a weld pool with shallow
centre and deeper peripheral penetration.

A similar analysis has been performed by Zacharia et al. [82] on stainless
steel of two melting charges with different sulphur content using stationary gas
tungsten arc and laser beam heating. The influence of sulphur content on pool
fluid flow, ie. deeper penetration by higher sulphur content, is numerically
confirmed.

2.3.1.4.5 Hydrostatic weld shape modelling

This type of hydrostatic weld pool and resulting weld shape modelling neglects
the fluid flow but goes into detail in respect of other essential effects such as pool
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surface deformation in three dimensions proceeding from the quasi-stationary
conditions around the linearly moving arc.

The numerical analysis by Sudnik [86] seems to be the most advanced (and
application related) contribution in this field. These are the additional modelling
features of the approach: Conservation of energy in terms of enthalpy, consid-
eration of the two-phase zone around the weld pool, surface heat sources
(Gaussian distribution), evaporation, convection and radiation on surface, force
balance on top-side and root-side comprising surface tension, hydrostatic pres-
sure and arc pressure (Gaussian distribution), mass balance of the liquid phase
based on groove shape, groove dimensions, gap width and transverse shrinkage,
welding speed and deposition rate of filler metal. The system of partly non-linear
and temperature-dependent differential equations is coupled insofar as surface
tension depends on temperature, temperature on surface shape and surface
shape on surface tension. Iterative finite difference methods are applied for
solving the set of equations, obviously within a moving reference frame securing
quasi-stationary conditions.

As an application example gas tungsten arc welding of sheet metal has been
considered. The realistic input of the heat source distribution is complicated by
the reciprocal dependency of voltage U = U(I), efficiency n, = n,(U, I) and
standard deviation gy, = 0,(U, I) of the Gaussian distribution of heat sources.
Simple formulae which avoid the above reciprocal dependency are derived
based on regression analysis of experimental findings, #, = (I, l,, v) and
oy = oyw(l, I,) with arc length [,.

The calculated weld pool and finished weld geometry of a butt weld between
2.2mm thick CrNi-steel plates produced by gas tungsten arc welding
(I =430 A, v = 30 mm/s, [, = 1 mm) is shown in Fig. 68. The result is confirmed
by the experimentally determined weld profile. Weld imperfections such as lack
of penetration, excessive undercut and burn through have been predicted on the
basis of the above model by way of “numerical experiments” (Fig. 69). Undercut
occurs for current I > 300 A caused by increasing arc pressure, but the under-
cuts with a depth less than 10% of the plate thickness occurring for v < 30 mm/s
seem to be acceptable.

Narrow gap tandem welding of 10 mm thick CMn-alloyed steel plates has
also been numerically investigated by Sudnik [86]. The heading gas tungsten
arc secures complete penetration, and the trailing gas metal arc produces the
weld profile (Fig. 70). The lay-out of the welding process was performed on the
basis of numerical analysis.

A numerical analysis similar in some aspects to the above has been conduc-
ted by Pardo and Weckmann [99]. The modelling is incomparably less sophisti-
cated so that questions on weld imperfections cannot be answered. The basis is
the heat conduction equation for quasi-stationary conditions (equation (14)).
Convective heat diffusion is taken into account by artificially increasing the
conductivity within the weld pool. The weld reinforcement is determined pro-
ceeding from the filler metal deposition rate assuming a parabolic reinforcement
shape. The heat efficiency of the arc is assumed as a fixed known value.
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Fig. 68. Weld pool (a) and finished weld shape (b), analytical results based on hydrostatic modelling,
gas tungsten arc welding (I = 430 A, v = 30 mm/s, /[, = 1 mm) of CrNi-alloyed steel (plate thickness
2.2 mm); after Sudnik [86]

Welding speed, v

Fig. 69. Weld imperfections in gas tungsten arc welding dependent on welding speed and current
intensity, CrNi-alloyed steel, plate thickness 2.0 mm, analytical results based on hydrostatic model-
ling; after Sudnik [86]

The temperature distribution and the weld reinforcement in plasma arc
welding of the aluminium die casting alloy GD-AISi8Cu3 has been numerically
analysed by Na and Ruge [100]. The model takes surface stagnation pressure of
the plasma jet (Gaussian distribution) into account. The pores are assumed as
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Longitudinal distance from heading arc, x

Fig. 70. Molten pool and finished weld shape in narrow gap tandem welding of 10 mm thick
CMn-alloyed steel plates, analytical results based on hydrostatic modelling; after Sudnik [86]

Fig. 71. Temperature field isotherms and weld reinforcement in plasma arc welding of aluminium
die casting alloy GD-AISi8Cu3 (liquidus temperature 610 °C, solidus temperature 510 °C) for low
and high pore volumes (1 and 20 mm?® per 23.2 mm weld length), longitudinal section (a) and cross-
section (b), analytical results based on hydrostatic modelling; after Na and Ruge [100]

equally large and distributed at random. Heat conduction is completely sup-
pressed in points of pore formation. The volume increases by pore formation so
that the reinforcement is generated. The finite difference analysis is performed in
three dimensions for the quasi-stationary state referenced to the moving heat
source. As can be seen from Fig. 71, the temperature field is completely changed
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by pore formation. The predominantly one-dimensional (in the figure) temper-
ature variation is changed into a two-dimensional field (in the figure) showing
a fusion zone restricted to the near-surface area. This is accomplished by the
heat conduction barrier generated by the pores and by increased heat dissipa-
tion by convection and radiation at the weld reinforcement generated also by
the pores.

Heat conduction impediment and mass movement during void formation in
encapsuled material solidifying to a denser state has been numerically investig-
ated by Alexiades [85] in a more fundamental than application related sense.

2.3.1.4.6 Keyhole modelling

The weld pool behaviour is completely changed in the case of high power
density welding (plasma arc, electron beam, laser beam). If the power density
absorbed locally in the weld pool surface exceeds a particular level, which
depends on the welding process, on continuous or pulsed operation and on the
size of the heat spot, vapourization will occur. Simultaneously a depression is
formed in the weld pool surface by the beam pressure, extending first to a crater
and then to a thin hole right through the molten pool. Part of the beam may
then appear on the back side of the weld. If the workpiece is moved transversely
to the beam, the hole assumes an elongated shape (“keyhole”). The metal is
melted at the front side, it moves round the sides of the hole and solidifies at the
rear side thus forming the weld bead (Fig. 72).

The diameter of the keyhole is approximately 0.5 mm in electron beam
welding, 1.0 mm in laser beam welding and markedly larger in plasma arc
welding [72].

The stability of the keyhole may be studied considering the involved forces
(see Lancaster [72] and Hashimoto and Matsuda [105]). Forces tending to
form and maintain the keyhole are the beam pressure, vapour pressure and
recoil pressure. Forces tending to close the keyhole are the gravitational pres-
sure and surface tension. The balancing of these forces has to be performed

Fig. 72. Molten pool shape in high
power density beam welding with
keyhole formation (molten zone width
W, molten zone length [, depth of
weld penetration h,, velocity of
workpiece v); after Quigley in Ref. [72]
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separately at the bottom of the closed keyhole and at the inside of the open or

closed keyhole. A more refined numerical analysis seems still to be missing.
It is to be noted that the heat conduction considerations of Section 2.3.1.3.2

resulting in a limit thermal efficiency of 48.4% are valid also for keyhole welding.

2.3.2 Flame as a welding heat source

2.3.2.1 Physical-technical fundamentals

In the flame used for welding, acetylene C,H, is combusted with oxygen O,.
The stated gas combination produces the highest flame temperatures. Acetylene
and oxygen are combined in the torch nozzle. The ignitable gas mixture flows
out through the nozzle at a high velocity and combusts in the flame under the
inflow of oxygen from the surrounding air. The heat produced is transferred to
the workpiece primarily by convection, and to a lesser extent also by radiation.

Three zones are distinguished in the acetylene-oxygen flame (Fig. 73). In the
core zone, immediately adjoining the nozzle, the gas mixture is prepared for
ignition and combustion. A thin layer of glowing carbon particles, which are
produced as a result of pyrogenic decomposition, surround the core zone. The
decomposition of the acetylene into carbon and hydrogen is accelerated in the
intermediate zone adjoining to the outside (also called reduction zone), whereby
the carbon combusts (incompletely) with the added oxygen producing carbon
monoxide CO (primary flame):

C,H, + O, = 2CO + H, + 0.021 J/mm>. (85)

Combustion is finally completed with atmospheric oxygen in the flame column
adjoining to the outside (secondary flame):

2CO + H, + 1.50, = 2CO, + H,0 + 0.027 J/mm>. (86)

Fig. 73. Internal structure of
acetylene-oxygen flame, free-
burning (a) and butting on plate
(b); after Rykalin [1]
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Consequently, 44% of the heat corresponding to the (lower) calorific value of the
acetylene is released in the intermediate zone and 56% in the flame column. The
maximum temperature of the flame (approx. 3100 °C) is reached immediately
ahead of the tip of the intermediate zone. The temperature in the flame column is
lower (approx. 2500 °C in the centre of the free-burning flame). The (volumetric)
mixing ratio of O,/C,H, = 1.0, required in accordance with equation (85), is
increased in practice to approximately 1.2.

The size of the flame depends on the amount of mixture input. The mixture
input, in turn, is determined by the nozzle diameter and the gas velocity at the
nozzle outlet. The diameter determines the flame width, the outlet velocity the
flame length.

The hottest part of the flame is used for heating the workpiece and the
welding groove. The tip of the flame core should nearly touch the surface. The
distance between nozzle outlet and surface of workpiece should be 1.2-1.5 x [,
where [, designates the length of the flame core.

2.3.2.2 Heat balance and heat flow density

The flame heat is transferred to the workpiece primarily by convection (approx.
85%) and only to a lesser extent by radiation (approx. 15%). The high convec-
tion portion is explained by the high outlet velocity of the gas.

As a consequence of the convection effect, the amount of heat transferred
from the flame to the workpiece depends additionally on the degree of local
heating of the workpiece at the location of the flame. The heat output transfer-
red decreases as the workpiece heats up. With a stationary flame, the heat
output g decreases sharply with the heating time ¢, whereas the heat content Q of
the workpiece approaches a limit value Q); (Fig. 74a). With a moving flame,
there is only a slight reduction in the heat output g because the flame steadily
touches new cold material whereas the heat content Q of the workpiece increases
approximately linearly (Fig. 74b).

The effective heat output g of the flame increases with the size of the flame, in
other words with the mixture input per unit of time and thus with nozzle
diameter and gas velocity at the nozzle outlet (Fig. 75a). At the same time,
though, the efficiency 7, of heat generation and heat transfer decreases heavily
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Fig. 74. Effective heat flow g of stationary source (a) and moving source (b) as well as heat content
Q of workpiece, dependent on heating time ¢; after Rykalin [1]
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Fig. 75. Effective heat flow g (a) and heat efficiency 7, (b) of acetylene-oxygen flame moving on steel
plate, dependent on acetylene consumption (controlled through nozzle size of torch); after Rykalin

(1]

(Fig. 75b). The deterioration in efficiency is the result of a less favourable inflow
of atmospheric oxygen as well as of reduced convection. Torch nozzles with
a small outlet diameter are particularly efficient.

The heat efficiency g, of the flame is defined as the ratio of effective heat
output g at the workpiece to the (lower) calorific value g. of the amount of
acetylene consumed per unit of time:

=t (87)

qc
The effective heat output of the flame is influenced not only by the acetylene
consumption but also by the following additional factors (according to Ref. [1]):

~ Mixing ratio O, /C,H,: maximum g where O, /C,H, = 2.0-2.4 compared to
the usual setting of 1.15-1.2 (because of improved combustion).

— Outlet velocity of gas: high g as a result of high outlet velocity or small nozzle
diameter (because of improved combustion and more intensive convection).

— Distance between nozzle and workpiece: decrease in ¢ with enlarged distance
(because of the temperature drop in the flame).

— Angle of inclination of the torch: maximum ¢ at an angle of inclination of 60°
(because of intensified convection), with moving flame, the torch inclined over
the finished weld, so that the flame is directed to the colder part of the surface.

- Speed of movement of flame: high ¢ as a result of high velocity (because the
flame touches the colder part of the surface).

— Wall thickness of workpiece: high g as a result of high wall thickness (because
of more rapid heat diffusion).

— Thermal conductivity or thermal diffusivity of the material: only slight rise of
g with higher conductivity or diffusivity (experimental finding).

The (effective) heat flow or heat source density g* is very unevenly distributed
over a circular area (torch in perpendicular position) of the surface of the
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workpiece (heat spot), maximum value in the centre and sharp drop to the edges,
due in particular to the rapid decrease in flow velocity and convection over
distance from centre. Mathematically, the heat flow density is described as
a Gaussian normal distribution (equations (16) to (19)). The heat flow density is
greater if the flame temperature is higher, if the heat spot temperature is lower
and if the flow-off speed above the heat spot is increased.

The heat flow density distribution can be determined experimentally by
evaluating the temperature distribution in a thin steel plate over which the flame
is moved rapidly. What is evaluated is the temperature in the cross-section
perpendicular to the moving direction of the flame at the momentary position of
the flame centre (Fig. 76). Allowance should be made for the slight deviation of
the temperatures on the back surface from those on the front surface, the flame
side, when evaluating the temperatures measured on the back surface of the
plate. Measurement results are recorded in Ref. [1, 70, 71].

The heating covers a significantly larger area and is less intensive at the same
effective heat output g, when the workpiece is heated by a welding flame
compared to a welding arc. This has already been presented in Fig. 16 in which
the flame reaches only approximately one eighth of the maximum value of the
heat flow density with a heat spot diameter which is approximately three times
as large. As one of the prime concerns in welding is to achieve the maximum
possible heat concentration, this indicates that gas welding is inferior to arc
welding. Hence, for modelling the heat sources, it follows that the usual point or
line source should sooner be replaced by an appropriate normal distribution
source in flame welding than in arc welding.

The heating of a larger area by the flame (which is additionally controllable)
is, on the other hand, a decisive advantage for non-welding applications, for

Fig. 76. Temperature profiles in thin
steel plate with rapidly moving source,
cross-section in centre of flame; after
Rykalin [1]
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instance for surface hardening, soldering, flame straightening, flame spraying
and flame cleaning, as well as for pre- and post-heating. The nozzle with circular
outlet may be replaced by a nozzle with circular or straight slots. Several nozzles
may be arranged in line or in block. The arrangement may be plane or curved.
Instead of acetylene, methane, propane or hydrogen may be used [70, 71].
Reference [1] should be consulted for modelling these interesting non-welding
applications.

2.3.3 Resistance heating of weld spots

The heat generation Q in the case of resistance spot welding is given in
accordance with equation (4) as a result of amperage I, voltage U (between the
electrodes), welding time At and heat efficiency n,. The heat losses to the
surrounding air are negligibly small, 5, ~ 1.0. A small amount of heat is, of
course, diffused into the metal plates and into the electrodes, thus being lost for
the welding process. In accordance with Ohm’s law, it follows from equation (4)
for direct current (alternating current cycles should be converted to effective
values of amperage and voltage, taking into account the phase relation) that:

Q = nuI?Rt.. (88)

The resistance R is composed of the Ohmic material resistance of the metal
plates and electrode ends as well as the contact resistance between the metal
plates and between metal plates and electrodes. The contact resistance is large at
the start of the welding process, although it rapidly reduces with the temperature
rise after the current is switched on. The contact resistance is dependent on the
surface condition (films, oxides, roughness) and on the electrode force. Increased
electrode force reduces the contact resistance so that amperage or current flow
time must be increased in order to generate the same heat quantity Q.

A shorter current flow time may be selected with increased amperage or
a longer with reduced amperage. Short-time welding has the advantage of a high
heat concentration with correspondingly small losses by heat conduction and,
consequently, long electrode life. A disadvantage is the increased hardening
tendency in the heat-affected zone as a result of higher cooling rates.

In technological terms, the welding process proceeds in the following man-
ner. The plane or curved electrodes press the metal plates locally one onto the
other. The (alternating) current is switched on and maintained for a number of
cycles. Heat is generated initially primarily by contact resistance; with a flat
electrode more strongly at the outer edge of the electrode face, less strongly in
the centre of the plate contact zone, the reverse being true for a curved electrode.
Whereas the heat at the electrodes is rapidly carried off, it is retained in the
contact zone of the plates and results in fusing the metal plates in this area. The
contact resistance collapses as a consequence, and heat generation is now
controlled by the electric current density, which is particularly high at the outer
edge of the contact zone (i.e. theoretically infinitely high). The weld nugget is
thus formed, proceeding from the edge zone, and only then covers the centre
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zone. The typical ovaloid shape of the weld nugget is finally determined by the
enveloping curve of the melting temperature isotherms (resulting from the
liquidus and solidus line). In contrast to the open weld bath in the case of arc or
flame welding, the fusion zone in the case of resistance spot welding is enclosed
all-around elastically and produced under transverse pressure. The heat genera-
tion is finally terminated by switching off the current, with the electrode pressure
being maintained for a short cooling period (holding time) to avoid material
separation as a result of cooling contraction. The undesired spraying during
resistance spot welding is caused by excessive contact resistance in the electrode
face and the surface melting caused by this. If the electrode pressure is too high,
the electrode is pressed into the surface of the plate, with the consequence that
the weld pool is extruded between the metal plates, which separate slightly and
form a gap.

The result of an older combined current and heat conduction analysis [50]
(finite difference method based on an electrical analogy) relating to the heat
source and temperature distribution in the metal plate and electrode restricted
to a symmetry-quarter, is presented in Fig. 77. The heat concentration at the
edge of the contact zones and the onset of the ovaloid fusion zone (T, = 660 °C)
are recognizable. Further analysis models and results are referenced in Sections
2.2.7 and 3.2.3.

An improvement in the quality of the spot-welded joint is possible by pre-
and post-treatment of the weld spot by means of a current and electrode force
programme (Fig. 78). Such pre- and post-treatments are used for materials

Fig. 77. Heat source density g**/q%% (a) and isotherms (b, ¢) during resistance spot welding of
aluminium sheet metal, thickness 1 mm, time after onset of welding ¢, unobstructed heat transfer
between copper electrode and aluminium plate, finite difference analysis based on electrical analogy
introducing simplified modelling assumptions; after Ruge and Hildebrandt [50]
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Fig. 78. Programme of current and electrode force for spot welding with pre- and post-treatment
(schematically); after Pfeifer [76]

which are less suitable for welding because of their hardening tendency or for
thick plate welding.

The electric and thermal fields during resistance projection welding are
particularly unclear because the contact area depends in a complicated manner
on the thermoplastic softening process.

2.3.4 Heat generation in friction welding

Heat generation in friction welding has been analysed by Potente et al. [68, 69]
in respect of partly crystalline thermoplasts. Both the rotational friction welding
process of polyethylene pipes and the vibration friction welding process of
non-rotary polyethylene components are considered. Friction is produced by
rotary or vibratory movement of the jointing faces against one another while
a normal pressure force is applied. The friction heat causes melting of the
contacting surfaces followed by jointing and cooling. The temperature cycle
consists of four phases (Fig. 79). Instationary heating by solid surface friction
occurs in phase I and instationary heating by molten layer shearing in phase I1.

Fig. 79. Heating and cooling phases, temperature, rate of melting and upset displacement versus
time in friction welding (schematic plot); after Potente and Kaiser [69]
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In phase III, the temperature profile and the molten layer thickness remains
stationary, and in phase IV cooling takes place. The upset displacement in-
creases steadily in phases II and III and remains constant thereafter, while the
normal pressure is taken away in phase IV. Concerning heat generation in
friction welding of metals, see Ref. [448—450].

2.4 Local heat effect on the base metal

2.4.1 Microstructural transformation in the heat-affected zone

2.4.1.1 Thermal cycle and microstructure

In fusion welding, the base metal is fused on the (groove) surface and, together
with the filler metal, constitutes the fusion zone of the weld seam. The base metal
adjoining the fusion zone is subjected to welding-typical, short-time temperature
cycles with a steep rise over time up to almost melting temperature followed by
a flatter drop. Peak temperature and steepness decrease with distance from the
weld.

As a consequence, different microstructural states are produced in layers in
the base metal adjoining the melted and partially melted zones, ie. in the
heat-affected zone (Figs. 80 and 81). This zone is characterized by peak temper-
atures between melting temperature and 4., temperature (approx. 750 °C) in the
case of steels. Depending on the alloy, a wide variety of thermally activated
changes in microstructure and properties may occur. Included are normal grain
growth, recrystallization, solution and precipitation phenomena, as well as
microstructural changes associated with allotropic transformations.

The most critical part of these zones is the partially melted and the grain
coarsened layer. Strength and ductility may be reduced to the extent that cracks
(e.g. hot or cold cracks, hardening cracks, corrosion cracks) may initiate during
or after welding. Formation of cracks means that the welding suitability of the
material or the weldability of the structure is lost. Attempt is therefore made to
avoid the unfavourable microstructural states in the fusion and heat-affected
zone by material production measures (composition, melting, heat treatment)
and welding process measures (heating and cooling control, pre- and post-
heating). Limitation of grain size, hardness and cooling rate are common
engineering measures in this connection. However, a cooling rate which is too
low may also be damaging. Particularly favourable mechanical behaviour
results from a high portion of bainitic structure. Too high a cooling rate
promotes the formation of martensite and should be avoided. Too low a cooling
rate increases the austenitizing time, and in consequence promotes the forma-
tion of coarse grain and should likewise be avoided.

The heat treatment and microstructural transformation resulting from the
welding temperature cycle differs significantly from common heat treatment of
the material in respect of peak temperature and high temperature austenitizing
time (Fig. 82). It is therefore necessary to record and present it separately. The
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Fig. 80. Microstructural zones and hardness profile in heat-affected zone after welding of low-alloy
quenched and tempered steel, peak temperature profile and iron-carbon diagram; after Ruge [119]

Fig. 81. Microstructural change in heat-affected zone of low alloy steel and its effect on strength and
toughness, overview restricted to the most important processes; after Buchmayr and Cerjak [125]

related microstructural transformation diagrams are explained below, taking
the example of mild steels. They disclose those temperature field parameters
which primarily determine transformation behaviour and contain figures relat-
ing to the mechanical effects of transformation. Figures and approximation
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Temperature T

Fig. 82. Austenitizing conditions during welding compared to those during common heat treatment

Fig. 83. Correlation between iron-carbon diagram (a) and TTT diagram (b) for isothermal test
conditions (schematically); after Rose [106]

formulae for these temperature field parameters follow in Sections 2.4.3 and
244,

Depending on temperature and carbon content, mild steel exists in different
microstructural states (or phases), which are presented in the well-known iron-
carbon diagram (Fe-C diagram), (Fig. 83a). The diagram indicates states of
equilibrium, which are approximately achicved after a prolonged annealing
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period (Fig. 83b). If the annealing period is shorter and cooling down more
rapid, the transformation points shift and the microstructural states tend to be
undercooled. The transformations proceed differently and, in some cases, result
in other transformation products. An overview on the possible decomposition
processes from the supercooled (i.e. non-equilibrium) states of the austenite are
indicated by time-temperature transformation diagrams (TTT diagrams) in
which the microstructural states are plotted for different cooling profiles in
coordinates of temperature and cooling time [106-111; 115-117]. The austenit-
ization peak temperature versus cooling time diagrams (PTCT diagrams) take
into account the fact that the microstructural states depend additionally on
peak temperature and on austenitizing time [112]. Finally, the principal mech-
anical characteristic values for different cooling profiles over time are also
determined [110, 113, 114].

2.4.1.2 Time-temperature transformation diagrams

Depending on the temperature profile of the heat treatment, a distinction is
made between isothermal, continuous and welding time-temperature trans-
formation diagrams. The three types of diagrams thus contain the result of
different ways of conducting the test and are, therefore, not easily transformable
into one another.

In the case of the isothermal TTT diagram, the steel specimens are cooled
from approximately 50 °C above A4.; (hardening temperature, approx. 900 °C) as
rapidly as possible to different temperatures below A4.; (approx. 730 °C). This
temperature is then held constant until microstructural transformation is com-
pleted. The connection of the dilatometrically measured transformation points
in the temperature-time diagram results in transformation curves which approx-
imate asymptotically the equilibrium temperatures of the iron-carbon diagram
(Fig. 83b). The curve bulging furthest to the left designates the temperature of
lowest austenite stability. Such TTT diagrams, originally developed for the heat
treatment of steels, are preferred in fundamental investigations of materials
science because of the precise definition of the final states. They are not suitable,
though, for welding engineering purposes.

In the case of the continuous cooling time-temperature transformation
diagram shown in Fig. 84, the steel specimens are cooled starting from the
hardening temperature (approx. 900 °C) at different rates controlled by convec-
tion (cooling by gas flow). The cooling temperatures over the logarithmically
divided time axis display an initially flat, later on steep drop and finally
approximate asymptotically the ambient temperature. The common starting
temperature at ¢t = O (infinitely far away on the left of the diagram), ie. the
hardening temperature, is not visible. In this case, also, the transformation
curves separate the areas of austenite (A), ferrite (F), pearlite (P), bainite (B) and
martensite (M). Transformation of the supercooled austenite starts at the inter-
section point of the cooling curve with the first transformation curve. The
respective transformation is completed at the intersection point of the cooling
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Fig. 84. TTT diagram of structural steel St52 (19Mn5) for continuous cooling, austenitizing
temperature 850 °C; after Rose [106]

curve with the next transformation curve (the percentage of microstructural
state portions is noted at the intersection point), and the new type of transforma-
tion starts. Where the cooling curve drops below the martensite line (M), the
martensite portion results as the difference to 100% of the already transformed
microstructural portion, provided residual austenite does not occur. The cooling
curve which is tangent to the transformation curves at the furthest left, at the
point of lowest austenite stability (450-600 °C), is designated as critical because
it limits the range of still permissible hardening. The hardness attained [HV] is
often noted at the ends of the cooling curves.

The transformation into ferrite and pearlite proceeds as diffusion-controlled.
Martensite is formed as a result of an abrupt lattice folding process. Bainitic
microstructure comprises both processes. The transformation processes are
predictable on the basis of the theory of microstructural reaction-kinetics, see
Section 2.4.2.

The continuous cooling TTT diagram covers the common heat treatment
methods [109]. In respect of welding, though, it does not permit any sufficiently
accurate statement regarding the particularly critical part of the heat-affected
zone which is rapidly overheated within a short austenitizing time with temper-
atures up to nearly melting temperature (approx. 1350 °C) (Fig. 82). The in-
creased austenitizing temperature makes the steel less transformable, the trans-
formation curves being shifted to the right. Martensite is already formed at
a lower cooling rate; the austenite grain size increases. Rapid heating and
extremely short austenitizing time cause additional deviations. Where higher
accuracy requirements prevail, the needs of welding engineering are satisfied
only by the welding TTT diagrams.
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Fig. 85. Welding TTT diagram of steel St42-3 (0.18% C, 0.21% Si, 0.49% Mn), austenitizing
temperature 1350 °C; after Seyffarth [116]

In the case of the welding TTT diagram shown in Fig. 85, the steel specimens
are subjected to welding temperature profiles with a peak temperature of
1350 °C and different cooling rates in the transformation range between 850 °C
(or 800 °C) and 500 °C for determining the transformation behaviour. The point
at which the cooling curve passes through 850 °C is selected as the zero point of
the time axis. The small swings of the cooling curves in the transformation range
can be explained by the transformation heat which is released in this range.
Approximation formulae are stated in Ref. [116] for determining the TTT
diagram from the chemical composition of the steel. Welding TTT diagrams of
steels suitable for welding and of filler metals are compiled in Ref. [115, 116].
A continuous TTT diagram with a peak temperature of 1300 °C, as used for the
finite element analysis of a welding process, is shown in Fig. 86. The comparison
of this diagram for steel St37 with that for steel St52 in Fig. 84 shows that St37
with a higher austenitizing temperature tends more to hardening than steel St52
with a lower austenitizing temperature. The transformation curves of steel St37,
compared to those of steel St52, are shifted toward higher time values. The
critical cooling times t.y for 100% martensite formation and ¢t for 0% ferrite
formation are presented in Fig. 86.

2.4.1.3 Evaluation of time-temperature transformation diagrams

As information from several TTT diagrams of the same steel with different
austenitizing peak temperatures is required for assessing the various layers of
the heat-affected zone, the most important information is summarized in a peak
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Fig. 86. TTT diagram of structural steel St37 for continuous cooling, austenitizing temperature
1300°C; continuous cooling curves at end of 100% martensite range () and at beginning of ferrite
range (tr); after Argyris, Szimmat and Willam [248]

temperature versus cooling time diagram (PTCT diagram) (Fig. 87). The coord-
inates in this case are the austenitizing peak temperature T, and the cooling
time Atg 5. The cooling time Atg,s is the time required for cooling down from
800 °C (occasionally also from 850 °C) to 500 °C. It replaces the less descriptive
indication of the cooling rate in the temperature range of transformation. The
PTCT diagram shows the types of microstructures which occur with different
combinations of T,n.x and Atg;s. The hardness relating to the particular type of
microstructure is stated. Assuming the approximation of equal Atg,s values with
different T, values in the heat-affected zone of the particular weld seam, the
relevant microstructural states lie on a vertical line.

The TTT and PTCT diagram can be supplemented by a diagram in which
the most important local strength characteristic values of the material such as
hardness, tensile strength, yield limit, contraction in area at rupture, elongation
at rupture and notch impact toughness are plotted over parameters which are
decisive for the microstructural state, e.g. the cooling time. The correlation
between microstructural state, hardness and further strength characteristic
values is given on the basis of empirically developed approximation formulae
supported by theoretical considerations [143-148]. Strength tests with speci-
mens subjected to the critical welding temperature cycles, i.e. simulating the
most critical microstructural states homogeneously (Gleeble test), may addition-
ally be performed [113, 114, 131].

The austenitizing time At,, particularly that above (4.3 + 100 °C), is decisive
for the austenite grain growth. The latter impairs post-weld ductility and
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Fig.87. PTCT diagram of normalized structural steel (approx. St52,0.16% C, 1.50% Mn, 0.40% Si)
with oy = 360 N/mm? and oy, = 540 N/mm?; after Berkhout and Leut [112]

increases the susceptibility to cracking. Excessively long austenitizing times
should therefore be avoided.

In respect of the evaluation of the temperature fields of weld seams, the
following parameters are of interest concerning steels:

- the cooling rate at the temperature of lowest austenite stability (450—600 °C),

— the cooling time Atg;s in the temperature range of austenite transformation
(800-500°C),

— the austenitizing peak temperature T,pmax,

— the austenitizing time At,,

— the cooling rate at 400—150°C in respect of hydrogen diffusion, which pro-
motes cold cracking.

These quantities are dependent on the parameters of the welding method and
component geometry. Approximation formulae relating to this dependence are
stated in Sections 2.4.3 and 2.4.4.

2.4.2 Modelling of microstructural transformation

A more recent methods development [118, 120, 121, 128, 129, 130, 132, 142,
149-153], with emphasis on low-alloy steels cooling from the austenitized state
describes the growth and transformation of microstructure on the basis of
microstructural thermokinetics. The sets of poorly-known kinetic constants
which appear in such a treatment are determined by fitting the equations to data
from real or simulated welds at certain fixed points. Thus, the macrostructural
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behaviour in terms of continuum mechanics is modelled proceeding from
microstructural laws and data. Several coupling effects between temperature
field, mechanical response and microstructural development (see Fig. 4) are also
considered within this approach.

Fig. 88. Calculated TTT diagram of low-alloy steel 19MnAl6 supplemented by tractions of micro-
structural constituents after 10%s; after Buchmayr and Cerjak [125]

Fig. 89. Calculated microstructural constituents of low-alloy steel 19MnA16 as a function of peak
temperature for cooling time Atg ;s = 10 s; after Buchmayr and Cerjak [125]
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The transformation behaviour is described starting from chemical composi-
tion, austenitizing conditions and initial austenite grain size, proceeding with the
thermodynamical conditions of equilibrium of chemical potentials and the laws
of transformation kinetics in respect of incubation time, nucleation rate, grain,
precipitate and phase growth rate (mainly diffusion controlled with the excep-
tion of martensite and bainite formation) and ending with the integration over
time of differential equations to obtain both the iron-carbon phase diagram and
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Fig. 90. Flow chart of finite element analysis of coupled transient temperature and microstructural
transformation field during cooling from austenitization temperature; after Buchmayr and Kirkaldy
[138]
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the isothermal TTT diagram. As an example, the calculated isothermal TTT
diagram for low-alloy steel 19 MnAl6, assuming ASTM grain size 9, is shown in
Fig. 88. The curves in the diagram are 0.1% start and end curves of phase
transformation.

The transfer from isothermal to continuous cooling or welding cycle condi-
tions is performed using a time-temperature integration of the Avrami equation
[124, 125, 127, 138]. Other authors [122, 123, 126] offer continuous and welding
cycle TTT diagrams on the computer on a more empirical basis. Besides
generating the TTT diagram, the dependency of grain size, martensite content

[ General problem data I-——[ Finite element mesh |

!
L Material properties
Y

[ Mechanical boundary cond.

I
-y

Temperature {T}
and microstructure

Temperature field I

)

Microstructural constituents J
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Fig. 91. Flow chart of finite element analysis of coupled thermal, mechanical and microstructural
effects during heat treatment processes including welding; after Buchmayr and Kirkaldy [138]
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and hardness on peak temperature can be correctly calculated (Fig. 89). The
hardness is determined on the basis of approximative empirical relations.
Calculations of the considered type should take the scatter range of the chemical
composition into account if practical requirements are to be met.

It may be necessary for obtaining accurate results to take coupling effects
between microstructural transformation and temperature field into account
when performing thermodynamical analysis. The material characteristic values
which control the temperature field may depend on the type and extent of
microstructural transformation. On the other hand, microstructural trans-
formation depends on the temperature field. A similar coupling effect holds true
for the latent heat involved in microstructural transformation. A flow chart for
the finite element analysis of temperature fields coupled with data from trans-
formation processes suitable for the heat effects of welding is shown in Fig. 90.

It may also be necessary to take coupling effects between microstructural
transformation and deformation field into account when performing mechanical
analysis. Martensitic transformation plasticity should especially be modelled in
such a way. The appertaining flow chart for finite element analysis is shown in
Fig. 91.

The above modelling methods are available in the form of software packages
with interactive operation partly on personal computers [122, 124, 126, 127].
These packages comprise capabilities for finding optimal welding parameters
such as heat input per unit length of weld, preheating temperature and post-weld
annealing temperature.

2.4.3 Cooling rate, cooling time and austenitizing time
in single-pass welding

2.4.3.1 Cooling rate in solids and thin plates

The temperature cycles in single-pass welding as a function of the process and
design variables are considered first proceeding from the temperature field
equations for the rapidly moving high power source {1]. Two limit cases are
investigated first in this connection:

— the point source on the semi-infinite solid according to equation (45) as

- a model for the surfacing weld on solid bodies,

— the line source in the infinite plate according to equation (48) with b = 0 as
a model for the butt weld in thin metal sheets.

The question is posed, what the cooling rate d7/d: is for various momentary
temperatures 7. To simplify the equations, only points on the weld centre line
are considered. This is justified because the cooling rate at a definite temperature
in the temperature range under consideration of 850-500°C decreases only
slightly with increasing distance from the weld. The workpiece mean temper-
ature Tp is assumed to be constant (without or with preheating).
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For the semi-infinite solid with a point source, this results, in accordance
with Ref. [1] (ibid. equation (231)), in:
T (T — Tp)?

= 2nA

89
dt Gw 9)

For the infinite plate with a line source, this results, in accordance with Ref. [1]
(ibid. equation (232)), in:
dTr (T - T,)

dt = 2nic QW)Z— (90)
The cooling rate thus depends, with a given material on the type of heat
propagation, on the preheating temperature T, and on the (effective) heat input
per unit length of weld, g,,. It rises with T — T, and it drops with g, (Figs. 152
and 154 in Ref. [1]). The effect is more pronounced with the infinite plate than
with the semi-infinite solid.

The above formulae derived for the rapidly moving high power source are
identical with corresponding equations for instantaneously deposited weld
seams.

2.4.3.2 Cooling rate in thick plates

The point source on the plane layer (see Section 2.2.6) serves as model for the
surfacing weld on a thick plate. The last passes of multi-pass welds and the fillet
welds on plates are also included in this.

A simple-to-use approximation method, which approximates the (thick)
plate with surface point source, is stated in Ref. [1] (ibid. equations (233) and
(234)). It interpolates between the semi-infinite solid with point source and the
infinite (thin) plate with line source on the basis of the dimensionless parameters
o and 6 characterizing d7/dt (dependent on T') and h.

dT
. 9w
dt
_ 91
O MAT = T2’ ®D
2 —_
0— mh*co(T To). ©92)

24q.,

The correlation between w and 1/6 is presented in Fig. 92 for points of the weld
centre line on the semi-infinite solid, the infinite thick plate and the infinite thin
plate as well as for points next to the weld centre line (the latter characterized by
y/h =0) for the thick plate. On the weld centre line, the solution for the
semi-infinite solid is adequate for 1/0 < 0.4 according to Ref. [1] and the
solution for the thin plate adequate for 1/0 > 2.5. The values of the thick plate
apply in the range 0.4 < 1/6 < 2.5 for y/h = 0 and also beyond the stated 1/0
range for y/h # 0. Obviously, though, the values for 1/6 <0.6 of the semi-infinite
solid and the values for 1/0 2 0.6 of the thin plate also result in useful approxima-
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Fig. 92. Momentary cooling rate dependent on plate-thickness during deposition of surfacing welds;
after Rykalin [1]

tion statements (for y/h ~ 0). For determining the momentary cooling rate, 1/0 is
calculated first in accordance with equation (92) the relevant value of w is taken
from Fig. 92, and equation (91) is then solved for d7/d¢ by putting in this value.
The influence of plate thickness h is covered additionally to the influencing
variables already mentioned, T — T, and gq,,. The cooling rate (for y/h = 0)
increases with h at a given g, (Fig. 151 in Ref. [1]).

Similar derivations in respect of the influence of plate thickness on cooling
rate have been performed in Ref. [40], including considerations on heat dissipa-
tion by convection and radiation. The cooling rate in the (point source) weld
centre line on the top surface of the plate is once more expressed dependent on
the momentary temperature. The cooling rate on the bottom surface underneath
the heat source is additionally considered. The results given in Fig. 93 are more
or less identical with those in Fig. 92 but the scale on the abscissa is reversed.

For any given (point) heat source and material, the centre line cooling rate is
a maximum when the plate is very thick. This maximum is assigned the arbitrary
value of 1.0 and the cooling rates which occur in plates of finite thickness are
expressed as fractions of this value.

Starting from the left-hand side of Fig. 93, as plate thickness increases, heat
flow downward into the plate begins to have an effect which is additive to the
heat flow parallel to the plane of the plate. The resulting cooling rate is higher
than that predicted for the thin plate with line source, equation (90). Starting
from the right-hand side of Fig. 93, as plate thickness progressively decreases,
there is a gradual inhibition of heat flow in the downward direction and cooling
rates become lower that those predicted by equation (89).
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Cooling rate ratio, qw(dT/dt)/[an(T-To)Z]

Fig. 93. Momentary cooling rate dependent on plate thickness during deposition of surfacing welds;
after Jhaveri et al. [40]

Earlier work describing the use of equations (89) and (90) stated the general
rule that whichever of the two gave the lower cooling rate was most nearly
correct in the case of thick plates with surface point source. From the intersec-
tion point of the curves for semi-infinite solid with point source and infinite thin
plate with line source, (2/n) x 8 = 1.0, the “transition thickness” A, is derived:

_ 4w
"V -1y )

It is concluded from Fig. 93 that the error from such a procedure might become
as great as 20% in the middle region of the thickness parameter,
03<(@2/m)x0 <10.

The bottom surface of a very thin plate undergoes the same thermal-cycles as
the top surface. As plate thickness increases, the bottom surface temperatures
are lower. The appertaining cooling rate initially increases with thickness, goes
through a maximum and decreases to zero. The value on the abscissa where the
cooling rate is zero gives the maximum temperature Ty, on the bottom surface
underneath the heat source [40].

_047q,

Tbmax - TO - W (94)

2.4.3.3 Cooling time in solids and plates

For practical application the cooling time Atgs between 800 and 500 °C govern-
ing the low temperature transformation behaviour of steels is better suited than
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the cooling rate d7/d¢ at some temperature in the stated range. What results in
accordance with Ref. [1] (ibid. equation (230b)) for the cooling time Atgs
between 800 and 500 °C for the semi-infinite solid and for the infinite plate (with
net heat input per unit length of weld, g,,) is:

v 1 1
Atys = 2m<500 ~ T, 800—T, ) 9
2 2 2
g1 1 1
Atgs = — - :
8/3 4n}.9ch2[<500— T0> (800— T0> ] )

The “transition thickness” h,, obtained according to Ref. [161-165] by equating
Atgs from equations (95) and (96) and solving for h with identical g,,, delimits
the recommended application ranges of equations (95) and (96) derived for
three- and two-dimensional heat diffusion. It indicates the reversal point for the
ratio of the cooling times Atg)s in the semi-infinite solid with point source and in
the infinite plate with line source. For h < h,, Atg,s is smaller in the semi-infinite
solid than in the infinite plate. For > h,, Atg/s is larger in the semi-infinite solid
than in the infinite plate.

Expressing the general rule mentioned above to always use the lower cooling
rate from equations (89) and (90), in terms of cooling time, i.c. always to use the
higher cooling time from equations (95) and (96), another relation for the
transition thickness h, is derived. Equating tg,5 from equations (95) and (96) with
identical ¢, results in

qw 1 1
he = 2cg<500 To * %00 = T0>' ®7)

This formula is identical with that of equation (93) if 500 — T\, and 800 — T, are
substituted by T — Ty. In respect of the ya-transformation, on which tg;5 refers,
the medium value T = 650 °C might be used for evaluating d 7/dt so that nearly
identical values of h, are determined from equations (93) and (97).

Slightly modified formulae for cooling time and transition thickness for
submerged-arc welding of low-alloy high-tensile structural steels are given in
Ref. [161-165] on the basis of experimental findings, stated below with gross
heat input per unit length of weld, 4,, and ignoring the weld geometry factor
(Figs. 94 and 95):

1 1
— (067 — 5x107*T : 98
Alyis = (067 = 5% 0 (500 —T, 800— T0> 8)

_2 1 2 1 2
Atg)s = (0.043 — 43 x 10~ 5To)hz[<5()()_ To> B <800— To) ]
(99)

It is now possible to resolve the critical remarks of Ref. [170] (included in the
German edition of this book) concerning transition thickness. The transition
thickness delimits the validity ranges of simplified formulae for cooling rate or
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Fig. 94. Cooling time Atg; for three-dimensional heat diffusion dependent on gross heat input per
unit length of weld g, and preheating temperature T, for submerged arc welding of low-alloy
high-tensile structural steels; after Uwer and Degenkolbe [161-165]
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Fig. 95. Cooling time Atg,s for two-dimensional heat diffusion dependent on gross heat input per
unit length of weld 4, /h and preheating temperature Ty for submerged arc welding of low-alloy
high-tensile structural steels; after Uwer and Degenkolbe [161-165]

cooling time of plates with a one-sided moving point source, i.e primarily not of
one- and two-dimensional heat diffusion. Obviously the transition thickness
depends on heat input and temperature irrespective of the actual dimensionality
of the heat flow.

On the other hand, the stated rule always to consider the lower cooling rate
(or higher cooling time) on which the transition temperature concept is based,
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must be restricted to cases for which the surface point source model is appropri-
ate from the heat flow point of view. If, contrary to this assumption, a deep
penetrating weld needs a line source simulation, the resulting higher cooling rate
(or lower cooling time) must be taken into account.

Further relations between cooling time, heat input, plate thickness and
preheating temperature, which can be found in the literature, are now reviewed.

The monograms in Figs. 96 to 98 have been taken from Japanese investiga-
tions (Ref. [166-168]) relating to covered electrode welding, gas metal arc
welding and submerged arc welding of different types of welds. The cooling time
Atg;s can be simply measured off, dependent on (gross) heat input per unit
length of weld (gross), plate thickness and preheating temperature. Further
diagrams for Atg;s are compiled in Ref. [116]. The numerical evaluation and
graphical presentation of welding temperature field equations (including spot
welding) in dimensionless parameters is dealt with in Ref. [160] (not very
descriptive). Dimensionless parameters, with which test results can be favour-
ably interpolated and extrapolated, as a result of which the number of necessary
tests is reduced, are obtained in Ref. [159] by reducing heat diffusion in welding
to a most simple rod or cylinder model.

In the case of the different welds, joints and plate thicknesses which occur in
practice, it is a problematical matter to respectively assign them to semi-infinite
solid or infinite plate or also to test results with a specific surfacing, butt or fillet
weld. To get round this problem, use is made of estimated geometry factors. For
example, it was possible to standardize the measurement results relating to Atgs
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with the geometry factor 1/,/n*h ahead of q,, [106], in which n* = 1 for the root
pass in the V groove, n* = 2 for the surfacing weld and n* = 3 for the fillet weld
at the T joint (rising with the angular range of heat diffusion). Geometry factors
relating to equations (98) and (99) are stated in Ref. [161-165]. The reduction of
cooling time when welding fillet welds compared to welding butt welds is also
taken into account by increasing the numerical plate thickness [116].

Geometry correction factors k* ahead of g,, are also used in order to employ
the semi-infinite solid solution in accordance with equations (89) and (95) or the
plane layer solution according to equations (91) and (92) to the fillet weld or to
the root pass of a V groove butt weld [1]. The factor k* is the result from the
heat flow estimation relative to the semi-infinite solid. From the one and a halif
way heat diffusion at the edge fillet weld and T joint fillet weld, it follows that
k* = 2/3 for equal plate thickness. From the two way heat diffusion at the
cruciform joint fillet weld last welded, it follows that k* = 1/2 for equal plate
thickness. If the plate thicknesses in the joint are not equal, the k* values above
should be modified according to the heat diffusion possibilities. For the root
pass in the V groove with groove-included angle a, k* = n/(nr — a) is introduced,
i.e. k* = 3/2 for the common value o = /3.

2.4.3.4 Austenitizing time in solids and plates

The austenitizing peak temperature T,,, can, in the case of a rapidly moving
high power source, be approximately equated with T, according to equation
(46) for the semi-infinite solid and according to equation (49) for the infinite
plate. In the fusion zone, T,,,, is not precisely limited by the melting temperature
T... for overheating of the weld pool is possible.

A simple and clear presentation is found in Ref. [1] for the austenitizing time
At,, this being the local dwell time above a certain temperature T, in the
temperature range of the austenite. The limit cases of the point source on the
semi-infinite solid and the line source in the infinite plate are considered. The

Fig. 99. Temperature profile
in points alongside the weld
for rapidly moving high-
power source in dimensionless
parameters 6 and 1, point
source on semi-infinite solid
(3, 7a3) and line source in
plate (t5, 1,,); after Rykalin
(1]
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basis is the solution for the rapidly moving high power source, which is more
generally justified for the considered points close to the weld axis (i.e. also for
more slowly moving sources). It is possible with the aid of the dimensionless
temperature and time parameters 6 and 7, which are largely identical with the
parameters used in Ref. [159],

T—-T,
0=—"—+ 100
Tmax - TO ’ ( )
dat 4at
3=, 2= 5, (101)
r y

to reduce the variety of temperature cycles in arbitrary points of the semi-infinite
solid or infinite plate, which are dependent on material and process parameters,
to a single line in each case, from which the dimensionless austenitizing time
At,3 and Ar,,, respectively, can be measured off (Fig. 99).

The austenitizing time At, in the semi-infinite solid and in the infinite plate is
given by (e = 2.7183: base of the natural logarithms):

_ ATa3 qw
" 2me A(Tpax — To)

(102)

Fig. 100. Austenitizing time At,

above temperature T, dependent on
qw, To and T, for point source on
semi-infinite solid; after Rykalin [1]

Heat input per unit length of weld, Qw
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AraZ 1 qw 2
At,, = e .
2 = B /lcg[h(Tm“ — TO)] (103)

The evaluation for steel (with 4 = 0.042 J/mmsK) is summarized in Figs. 100
and 101. The austenitizing time At, above the temperature T rises with the heat
input per unit length of weld, g,,, with the preheating temperature, Ty, and with
the peak temperature T, .

From the equations stated for cooling rate, cooling time and austenitizing
time, it can be seen that heat input per unit length of weld and preheating
temperature are available for controlling the local temperature profiles. The
margin in the case of single-pass welding is narrow, however, because cooling
time and austenitizing time are changed in the same direction with the result
that the microstructural improvement as the result of a longer cooling time on
the one hand is offset by a microstructural impairment as a result of a longer
austenitizing time on the other. It is, consequently, also not worthwhile to
enlarge the groove-included angle in the case of the butt weld in order to

Fig. 101. Austenitizing time Az,
above temperature 7, dependent
on g, /h, Ty and T,,, for line
source in infinite plate; after
Rykalin [1]

Heat input per unit length of weld, qy/h
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increase the heat input per unit length of weld. Multi-pass welding offers a way
out of this situation.

2.4.4 Temperature cycles in multi-pass welding

In multi-pass welding, the weld groove is filled by several weld beads laid one on
top of the other with the effect that the weld beads are heated several times. Even
in the double-sided single-pass fillet weld at tee joint, cruciform joint or lap joint,
some kind of multiple heating exists.

Two limit cases require to be distinguished in respect of the phase position of
local superimposition of multiple heating [1]. If the individual passes are very
long (e.g. longer than 1 m, as is the case in submerged-arc welding), the sub-
sequent pass encounters material which has largely cooled down. If the indi-
vidual passes are very short, e.g. 100 mm, the subsequent pass encounters highly
heated material, the “preheating temperature” of which depends in particular on
the length of the weld portion.

The temperature cycle obtained for the limit case of long weld passes is the
sawtooth pattern presented in Fig. 102. The austenitizing temperature A is
exceeded only once in each case in the base metal close to the weld. If martensitic
structure has been produced, it is annealed by the subsequent pass. The an-
nealed martensite is less hard so that the strength behaviour is more favourable.
However, cold cracks may be produced even before welding the subsequent
pass.

The local distribution and repetitive sequence in time of peak temperature in
the cross-section area of the heat-affected zone of a multilayer weld joint is
schematically drawn in Fig. 103. Up to three thermal cycles may occur, depend-
ing on the position of the considered point. The peak temperatures of the
individual cycles differ. In consequence, there is a large number of different
microstructural states with correspondingly varyingly mechanical properties.

The temperature cycle in the weld area may be analysed in accordance with
the model of the rapidly moving point source on the plane layer, allowance
being made for the geometry factors k* relating to the heat input per unit length

Fig. 102. Temperature cycles in multilayer welding of long welds in three points of the groove edge
close to the individual layers; after Rykalin [1]
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Fig. 103. Distribution and reiteration of peak temperatures in heat affected zone of multi-layer weld;
after Pitzold, Hou and Ruge [131]

Fig. 104. Temperature cycles in multilayer welding of short welds in two points of the groove edge
close to the first layer (a) and close to the final layer (b); after Rykalin [1]

of weld, g,,. The heat input per unit length of weld, g, is approximately
proportional to the cross-section area of the deposited weld pass when welding
with melting electrode. Its reciprocal value determines the cooling rate. The
cross-section of the individual pass should, therefore, not be selected too small in
order to avoid impermissible hardening. As to the influence of T — T, g, and
h on dT/dt, the statements made in respect of the single-pass weld (Fig. 162 in
[1]) apply.

The temperature cycle obtained for the limit case of short weld passes is
presented in Fig. 104 for the first and last pass. The first pass does not cool down
below a certain increased temperature while the subsequent passes are being
applied. The last pass is welded in a state preheated as a result of the preceding
passes. If the welding parameters and the weld length are selected accordingly, it
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is possible to ensure for the first pass that the cooling temperature does not drop
initially below the martensite point and decreases relatively slowly following
completion of multi-pass welding. This enables the favourable bainitic structure
to be generated instead of martensite. On the other hand, the cooling rate when
the last pass is applied is favourably reduced as a result of preheating. For the
first and last pass (and likewise for the intermediate passes), the austenitizing
time is relatively small so that unfavourable grain coarsening is avoided.
Multi-pass welding with short weld length consequently offers the possibility of
controlling the temperature profile by means of the process parameters, in
contrast to single-pass welding. It is particularly suited to steels which tend to
harden or tend toward grain coarsening.

Proceeding from the temperature field equation of the rapidly moving line
source in the plate and from further simplifications relating to the heating and
cooling process, approximation formulae are derived in Ref. [1] for weld length
I with cooling of the first pass to temperature T (desired slightly above the
martensite point) and for the dwell time At¢; above this temperature (equation
(247) in Ref. [1]).

2 2
=07 k¢ kuqwv

T T = Top (104)

The factor k, designates the effective arc operation time relative to the total time
of multi-pass welding (k, = 0.7 for manual welding, k, ~ 0.9 for mechanized
welding) and k., is a factor for adaptation to the results of the measurements
(kn = 1.5 for butt joints, k,, = 0.9 for T and lap joints, k,, = 0.8 for cruciform
joints).

Cooling temperature 7', rises with ¢ and g,,, respectively (i.e. also with the
pass cross-section), with Ty, k,, 1/v (if v is covered by q,), with 1/h and 1/]
(Fig. 167 in Ref. [1]). Dwell time At, rises with h, 1/T; and groove-included
angle «, while the behaviour of g or g¢,,, [ and k, is not uniform (Fig. 173 in
Ref. [1]).

2.5 Hydrogen diffusion

A further important phenomenon in zones influenced by the heat effects of
welding is hydrogen diffusion. Hydrogen is easily dissolved in the weld pool
because the solubility is high when the metal is in the liquid state. The dissolved
hydrogen has its origin in hydrogen-containing compounds in the filler metal or
in the welding auxiliary materials, in moisture of the electrode coating, in
impurities on the surface of the welded part and in moisture of the ambient air in
hand welding. The molten zone of a welded joint may thus contain large
amounts of dissolved (i.e. atomic) hydrogen. When cooling down, the solubility
decreases (Fig. 105). It drops rapidly when changing from the liquid to the solid
state. Pores containing effused (i.e. molecular) hydrogen may be found especially
under conditions of extremely rapid cooling (i.e. more often in aluminium alloys
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Fig. 105. Hydrogen solubility dependent on temperature for different metals; after Howden and
Milner in Ref. [72]

than in steel). With clean pore surfaces, hydrogen may once more be dissociated;
it then flows into the metal lattice. Plastic deformation accelerates the hydrogen
input because the surface is partly torn open by the slip bands and hydrogen is
transported into the interior by means of moving dislocations. The further
process of hydrogen diffusion is controlled by the changing temperature field.
After a sufficient long period of time, nearly all the diffused hydrogen has left the
welded part.

The engineer’s interest in hydrogen diffusion results from the fact that
cold cracking in the weld and heat affected zone (see Section 5.2) is highly
promoted by the local content of diffusible hydrogen. Besides hydrogen, the
microstructural state and the level of stress (or strain) is essential for crack
initiation and propagation. The initiated crack is first of all stably enlarged
before occasionally resulting into an unstable instantaneous fracture. Very often
the cold cracks are arrested before final fracture takes place (dormant cracks).
This is especially the case with cracks initiated by residual stresses during
cooling in connection with temporarily high hydrogen contents. Therefore the
structure should not be loaded immediately after welding.

In specimen testing this process is termed “static fatigue” because the formal
aspects are similar to cyclic fatigue. An endurable stress versus elapsed time
curve is observed in cases of cold crack fracturing which resembles the Wohler
fatigue curve. The endurable stresses drop with the elapsed time to fracture.
There is a low stress level below which no cracks are initiated even after a very
long elapsed time (endurance limit for cold cracking).

The modelling of hydrogen diffusion and comparisons with test results are
considered in Ref. [171, 172, 132].
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Hydrogen diffusion is numerically analysed proceeding from the well known
diffusion equation

?.g = az_c + ic_ + a*C 0H,

ot T\ ox* ' ay? 0z ot

(105)

In this equation, which applies for a constant solubility, C is the hydrogen
concentration, D the diffusion coefficient and H, the volumetric hydrogen
source (or sink) density. The equation without the last term corresponds to
Fick’s second law.

In the case of inhomogeneous material or varying temperatures, the in-
homogeneous distribution of solubility S must be taken into account [132]
(besides introducing D as material and temperature dependent):

ocss) _ D(@Z(C/S) L ) | a%C/S)) | AHS) (106

ot 0x? 0y? 0z? ot

Another formulation [173-175, 178] proceeds from the relation given by Sie-
verts between hydrogen concentration C and hydrogen partial pressure ratio
p/Po (Po = 0.1 N/mm?, ambient air pressure) and introduces it into equation
(105):

k 2=k (107)

Po

C

I

The factor x is the equilibrium coefficient and IT is a harmonic (or potential)
function valid under the condition of equation (105).

Hydrogen concentration is generally measured in [cm?/100 g]. Standardized
procedures (DIN 8572, ISO 3690) are applied for determining the total amount
of hydrogen in a weld seam immediately after the end of welding. A specimen
with surfacing weld bead is water quenched, supercooled in liquid nitrogen, cut
to blocks for separating the weld ends and put into a measuring chamber for
hydrogen effusion at ambient temperature.

If molecular hydrogen is accumulated in pores and other “traps” at low
temperature, enabling the hydrogen to rediffuse through the trap surface, this
process can be taken into account by fictitiously increasing the solubility at low
temperatures accordingly. This presumes that the volume of the traps is much
smaller than the volume of the welded joint.

The diffusion equation (106) (or an equivalent formulation based on equa-
tion (107)) is solved introducing the initial distribution of hydrogen and its
solubility, and the boundary condition at the free surfaces stating that the
hydrogen partial pressure here is the same in the metal and in the ambient air
[178]. Comparing equations (105) or (106) for hydrogen diffusion with equation
(10) for heat conduction, the similarity in terms of mathematics is obvious. Both
are of the potential type if temperature independent material characteristic
values are introduced. Both are solved by finite difference or finite element
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methods mainly for the plane cross-section model. Temperature-dependent
values of D may be found in Ref. [175, 176, 178].

Numerical analysis of hydrogen diffusion is demonstrated by way of
example considering the specimen with surfacing weld standardized for measur-
ing the total hydrogen content after welding. The base metal is fine-grained

Fig. 106. Finite element cross section model
simulating hydrogen diffusion in bead speci-
men; after Michailov et al. [178]

Fig. 107. Temperature profile over time (schematic representation) for weld surface point in centre
section of bead specimen standardized for measuring hydrogen content after welding; after Dickehut
and Ruge [176]
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Fig. 108. Hydrogen concentration in standardized bead specimen made of structural steel StE460
after quenching, results of finite element analysis based on the model in Fig. 106; after Michailov
et al. [178]

structural steel, StE460. The specimen is water quenched immediately after
welding with a final temperature of 100°C. The finite element cross-section
model used in the analysis is shown in Fig. 106. The temperature profile over
time for the weld surface in the centre section of the specimen is plotted in
Fig. 107. The hydrogen concentration after quenching, calculated without
martensitic transformation, is shown in Fig. 108. The distribution calculated
with transformation is nearly the same. For assessing the cold cracking suscepti-
bility, the hydrogen concentration field must be related to the residual stress
field including data on limit stresses.



3 Welding residual stress and distortion

3.1 Fundamentals

3.1.1 Temperature field as the basis

A characteristic of application-oriented analysis of welding residual stress and
distortion is the mainly decoupled representation of the thermal, mechanical
and microstructural processes (illustrated by the line arrows in Fig. 3). The basis
of stress and distortion analysis is the temperature field during welding, deter-
mined numerically or by measurement, as well as the microstructural changes
caused by the temperature field (presented in Chapter 2). Coupling effects are
only occasionally taken into account.

The temperature change in solid bodies is connected with thermal strain.
The relation which applies for adequately small temperature changes AT with
the linear thermal expansion coefficient o to the linear, in total volumetric
thermal strain er in the three coordinate directions, is:

er = aAT. (108)

With major temperature changes A7, « should be inserted as temperature-
dependent and equation (108) should be applied on a temperature-incremental
basis, or mean values «,, should be used in a specified temperature range.

The linear thermal expansion coefficient « or a,, is determined using a dila-
tometer. Dilatometer curves for an austenitic steel without transformation and
a pearlitic steel with transformation are shown in Fig. 109. When heating the
pearlitic steel, the 4., transformation temperature close to 800 °C is marked as
a discontinuity. Depending on the austenitizing parameters, i.e. the austenitizing
peak temperature ;.. the austenitizing time At,, and the cooling time Atg)s,
the transformation temperature during cooling differs in its level (see also
Fig. 123). The transformation strain ¢, in the opposite direction of the thermal
strain can both be evaluated directly from the diagram and also taken into
account in the temperature dependence of a.

The mean thermal expansion coefficient «,, results from the mean gradient
tan6. The momentary or differential thermal expansion coefficient o follows
from the local gradient (see also Fig. 122).

The time- and position-dependent thermal and transformation strains cause
elastic or elastic-plastic stress fields as well as related local and global defor-
mations. The essential fundamentals and applications of elastic and inelastic
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Fig. 109. Dilatometer curves for austenitic steel without transformation (a) and pearlitic steel with
transformation (b), transformation strain g, ; after Vinokurov [8]

thermomechanics have been summarized by Melan and Parkus [180], Parkus
[181], Boley and Weiner [182], Nowacki [183] and Ziegler [184].

3.1.2 Elastic thermal stress field

The thermal and transformation stress fields during and after welding are to
a large extent non-linearly inelastic. In continuum mechanics, however, the
solution for a non-linearly inelastic field problem is generally obtained by
proceeding from a linearized elastic field problem. Fundamental questions
relating to the stress field can be clarified with the linear-elastic solution.
Moreover, this solution may be the starting point for further solution steps in
the non-linear range. The linear-elastic solution is limited in the case in question
to the thermal stresses without the necessarily non-linearly acting transforma-
tion influence.

Linear-elastic thermal stress fields can be presented based on functional
analysis if the model is sufficiently simplified. In the case of more complicated
models, the elastic finite element solution is appropriate. The elastic solution
may be the basic step of elastic-plastic analysis (see Section 3.1.3).

The principle of linearized thermal stress representation based on functional
analysis consists in allowing the volumetric thermal stress sources, which are
proportional to the position- and time-dependent temperature changes, i.e. the
elastic stress from triaxial suppression of thermal strain &y,

— oATE
1 —2v

or = (109)
to act on the elastic structure while releasing the initially introduced complete
thermal strain suppression.

First of all, the thermal stress field is considered in the infinite plate subjected
to a momentary line heat source (line perpendicular to plate plane) with
temperature field according to equation (25) with b =0 and T; = 0. The
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result after Ref. [8] is:

(ZEQ dat  4a
o= ~gaim 2 e, (110)
(XEQ dat 2 2
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The contents of equations (110) and (111) are plotted dimensionlessly in Fig. 110
(A = 4niht/aEQ). The stress state is biaxial and differs in part considerably from
the temperature pattern. Radial and tangential compression prevails close to the
line source. The tangential compression turns further to the outside into tension,
whereas the radial compression decreases without any reversal of the sign. The
process can be illustrated in such a way that the heated internal region presses
radially on the colder external region where it is supported as tangential tension.
By comparison, the (dimensionless) stress — «TEA, which would result from
uniaxial suppression of the local thermal strain o7, is presented. With biaxial
suppression (for example in the plate plane), this stress is increased by the factor
1/(1 — v); with triaxial suppression by the factor 1/(1 — 2v). From Fig. 110, it is
clear that the maximum values of o, and o, are only half as large as the
maximum value of — a7E. The thermal stresses are thus reduced effectively by
the elasticity of the plate.

The quasi-stationary elastic thermal stress field of the line heat source
moving uniformly and linearly (velocity v) in the infinite plate is gained by
analogy to the procedure in the case of the temperature field by integrating the
thermal stress effects of momentary sources in accordance with equations (110)
and (111). After Ref. [8] this results (with Y, and Y, Bessel functions of the
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Fig. 110. Thermal stresses around momentary
line source in infinite plate; after Vinokurov
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second kind and zero and first order) in:

aEq | _,. vr b or 2a x
= — ox/2a —)—=Yi| = —= 112
ox 4nih { [Yo <2a> e <2a>] T 112
akq § _ . or X or 2a x
— _ vx/2a U Y Xy ()| o4 Xx 113
% 4nih {e |:Y° <2a> Y <2a>:| vrif’ 1)
akq [ _ Y vr 2a y
=———le Y | ) —-—5 | 11
= anih I:e r Y 2a v r? (14)

The longitudinal stresses o, and the transverse stresses o, in the motion line of
the heat source as well as the longitudinal stresses o, in a cross-section immedi-
ately after the source are presented in Fig. 111 according to Ref. [8]. The fact
that o, does not form an equilibrium system in the finite frame of Fig. 111b (this
follows also from equation (112) for x = 0 with T = 0: o, is only negative) can be
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Fig. 111. Thermal stresses around moving line source in infinite plate in longitudinal section (a) and
cross-section (b); after Vinokurov [8]
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explained on the basis of the infinite extension of the plate. An incorrectness is
imputed in Ref. [8] for the corresponding derivations of Parkus [181]. The
stress reduction (in some cases to half the value), due to the elasticity of the plate,
already observed in the case of the momentary source, follows from the com-
parison with the thermal stress source — aET.

By means of the functional analysis solution for the elastic stress field for two
heat sources in the infinite plate moving against one another as a model for the
weld end at the edge of the semi-infinite plate (method of mirror image source
arrangement), it was verified that transverse tension occurs directly after the
source where the two sources approach each other, which is equivalent to the
approach of one source to the edge [232, 234].

Elastic thermal stress fields during and after welding are in many cases also
determined by using the finite element method, both in the first step of an
otherwise non-linear analysis as well as in the absence of further-going non-
linear analysis capabilities [232, 234, 239].

3.1.3 Elastic-plastic thermal stress field

Essential for the formation of (permanent) welding residual stresses are the
plastic, and in some cases also viscoplastic deformations, whereas the elastic
thermal stresses considered hitherto disappear after removal of the temperature
changes which caused them. The elastic field solutions may offer reference points
where the yield stress is presumably exceeded, where consequently residual
stress sources may exist, but they do not permit any quantitative statement
regarding the elastic-plastic field. On the other hand, functional analysis solutions
for the elastic-plastic thermal stress fields during and after welding are not
known. Numerical solutions for simpler model cases, by contrast, are gained
through finite elements and incremental loading (see Section 3.2).

To illustrate a number of basic facts of elastic-plastic thermal stress fields
during and after welding, an axisymmetrical field with momentary heat source is
presented quantitatively (in anticipation of Section 3.2.3) and a quasi-stationary
field with uniformly moving heat source is presented qualitatively. The axisym-
metrical field may simulate spot pressure welding, the quasi-stationary field
seam fusion welding.

The circular plate with initial temperatures distributed over distance from
centre according to a cos2-function in the inner plate area, maximum temper-
ature T, = 700°C in the centre of the plate, without electrode pressure, is
considered as an illustrative model for spot welding (Fig. 112). The structural
steel used displays the marked yield limit, ¢y = 240 N/mm?, without hardening.
Following heating, the central compression yield zone is formed in the temper-
ature range > 200 °C. During cooling, characterized by decreasing Tj,,, three
plastic zones occur temporarily, the g, — o, tension zone in the centre, the
6, compression zone on the outside and the o, compression against o, tension
zone between them. Following complete cooling, only the central tension zone
still remains. Yield is initiated as a result of the critical principal shear stress after
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Fig. 112. Radial and tangential thermal stresses and residual stresses, respectively, around momen-
tary heat source in circular plate (diameter 760 mm), plastic zone at the onset, at an intermediate
state and at the end of the cooling process; after Gurney [212]

Fig. 113. Plastic zone and local stress-strain cycles in quasi-stationary temperature field of moving
heat source

Tresca, so that yield is a matter of the difference of the stresses o, and o, to zero
(inner and outer zone) or to each other (intermediate zone). The stress pattern
described above is confirmed qualitatively by more precise models.

A plate model for seam fusion welding is proposed in Fig. 113. Within
a certain isothermal curve around the moving line heat source (e.g. T = 600°C
with mild structural steel), the material is largely free of stress as a consequence
of the reduced yield limit at elevated temperature. This area is therefore replaced
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by an oval opening in continuation of the groove gap. The parabola-like curve
drawn as a broken line marks the local temperature maxima, local temperature
rise ahead of the curve and local temperature drop behind it. As a consequence
of the thermal expansion during heating, a plastic compression zone occurs
ahead of the curve and, as a consequence of the thermal contraction during
cooling, a plastic tensile zone occurs after the curve, the latter separated by
a strip with elastic unloading from the compression state into the tension state.
The respective local stress state is indicated for various points of the field by
means of a schematized (cyclic) stress-strain curve, without registering its tem-
perature dependence. For example, a point just above the boundary isotherm
passes into compressive yield, unloads elastically into tensile stress, then experi-
ences tensile yield and finally unloads elastically in opposite direction. A field
solution for the quasi-stationary elastic-plastic stress field during seam welding
is not available.

3.1.4 Basic equations of thermomechanics

According to the first fundamental law of thermodynamics, which postulates the
equivalence of thermal and mechanical energy and the conservation of total
energy, the thermal and the mechanical field (i.e. the temperature field and the
thermal stress field) are coupled. The law states for the volume element that the
heat stored per unit of time coT, and the heat supplied or carried off, g; (related
to surface area), are equal to the heat released or consumed per unit of time,
0, (related to volume), and to the energy from elastic and viscoplastic deforma-
tion rate, é;; and &,,;;. Hence, the fundamental equation of thermomechanics of
elastic-viscoplastic continua follows according to Ref. [182, 184] (04;; deviatoric
stress tensor):
cof +di = 0, — 2ty + Cagisivpy (115)
1—-2v
The loss factor, ¢ < 1.0, allows for the fact that not all inelastic deformation
energy is dissipated in heat but that a part may appear in the microstructural
change. The terms with the deformation quantities in equation (115) are desig-
nated as “mechanical coupling terms”. As already stated in the preceding text,
however, the coupling between thermal and mechanical field which is expressed
in equation (115) can be ignored in welding problems which are dominated by
the heat input from the outside (comparison calculation including coupling in
Ref. [193]). The decoupled solution of the temperature field problem is pres-
ented in Chapter 2 (equation (12) corresponds to equation (115) without coup-
ling terms). The mechanical fields are analysed below, proceeding from the
as-decoupled determined, i.e. already known, temperature fields.
In this section the basic equations for the isotropic thermoelastic-plastic
continuum are stated in tensor form (in accordance with Ref. [194]) and the
resulting material equation then in the matrix form of the finite element method.



136 3 Welding residual stress and distortion

Space does not permit either completeness nor adequate detailing. The equa-
tions serve only to illustrate the principal relations. Following this, general
information is given regarding the particularities of the finite element analysis
methods in the case of elastic-plastic structural behaviour. The restriction to
plastic behaviour without viscosity is adequate for the majority of welding
residual stress problems (with the exception of hot stress relieving and multi-
pass welding). For a more detailed theory of the elastic-plastic continuum,
Ref. [185-188] should be consulted, for creep and relaxation theory Section
4.43.2.5, for the basic equations of welding residual stress analysis Ref.
[193-197], for the elastic-plastic finite element method Ref. [189-192].

The total strain de;; is composed of elastic strain de.;;, conventional plastic
strain dey;;, plastic strain from transformation plasticity de,;;, thermal strain
der;; and transformation strain de,;; (the differential form being selected in
respect of the finite element analysis which is to be applied incrementally):

dSij = dseij + dspij + dgtpij + dSTij + dstrij- (l,) = 1, 2, 3) (116)

Hooke’s law, which is written subdivided according to deviatoric and dilatoric
or volumetric portion, applies to elastic strain:

1
€4ij = Eadija (117)
Eii = ! (118)
vii — 3K0'vii-

Shear modulus G and compression modulus K can be expressed by the elastic
modulus E and Poisson’s ratio v:

E

e T (119)
E

K=351"3 (120)

The combination of yield condition, yield law and hardening law applies to the
plastic strain. The yield condition designates the initiation of yield in the
multi-axial stress state. The yield law correlates the plastic strain increments
with the momentary stress state and with the stress increments. The hardening
law states how the yield limit is changed by the yield deformation.

The yield condition mostly used is the von Mises distortion energy hypo-
thesis:

1
%odijadij — ga% =0.

The yield law states the plastic strain increment as coaxial and proportional to
the deviatoric stress:

dspij = d/{'o-dij' (122)

(121)
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The isotropic (or also kinematic) work-hardening (entering in d4) is represented
by the hardening modulus H and the effective plastic strain increment de}:

_dO'Y
=0
dey

(123)

04ijdeyi;

A/ ]'Sadijodij .

The exponential law after Ramberg and Osgood is often used for the (isotropic)
hardening (unless H is set constant at a specified temperature), according to
which the relation between the equivalent strain &, (after von Mises), yield stress
oy = 0y(T) and yield stress maximum 6y ., = Oymax(7T) (from tensile test, see
Fig. 117) is established through the material constants m ~ 2 and C = C(T):

Ceq
1/m*
0Y max
The thermal strain ¢ is given by the dilatatoric strain components:

deTii = 3d8’r = 3adT. (126)

The dilatoric transformation strain ¢, depends on the defining quantities of the
transformation process. In the case of Fig. 123 the martensitic transformation is
connected with ¢, ~ 0.4%.

The transformation-plastic (deviatoric) strain ¢, is set proportional to the
stress ¢ (assuming uniaxial low stress):

&p = Ko (127)
The factor K, is found proportional to the transformation related volume

change § = AV/V and inversely proportional to the yield stress of the weaker
phase, gy, (according to Greenwood and Johnson [155]):

59

60ywp

*
de} =

(124)

(125)

Oy =

(128)

t

These formulae were extended introducing the relative volumetric content X of
the newly formed phase according to Abrassart (equation (129)), Leblond
(equation (130)) or to an empirically based relation (equation (131)), [140],
taking into account the fact that transformation plasticity is largest at the start
of transformation.

e,pzz 0 ax<1—§\/}> (129)

anp

206

cX(1 —InX) (130)

&
14
anp

ep = KX (2 — X) (131)
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Multiaxial conditions are taken into account by considering strain increments
de,;; dependent on volumetric transformation increments dé or volumetric
content increments dX and the deviatoric stresses a4;; [138]:

3
de; = 5 K1 — X)dXaq;; (132)

The factor K, has been determined experimentally and by microstructural
calculations for the martensitic or pearlitic transformation of alloyed steels
[139, 140] resulting in K, = 3—12x 10~ mm?/N with a most probable value
K, =5x10"°mm?/N. The factor K, is expected to be dependent on the
hydrostatic prestress. Hydrostatic pressure reduces the transformation strain,
hydrostatic tension increases it. The above formulations neglect the fact that
transformation plasticity is partly a viscoplastic phenomenon.

Within a simplified algorithmic procedure, transformation plasticity is de-
scribed by a severe reduction of the yield stress in the temperature range of
transformation (see Figs. 125 and 127) setting strain hardening to zero in this
range.

Following a series of merging analysis operations with equations (116) to
(126), the constitutive equation of the thermoelastic-plastic continuum finally
appears in matrix notation as follows:

{do} = [D]{de} + dC*{c,} — M*{der}. (133)

The six components of the respective tensor are summarized in the column
vectors {da}, {de}, {64} and {der}. The momentary thermoelastic-plastic stress-
strain matrix [D] and the coefficients dC* and M* depend in a complicated
manner on the temperature-dependent material characteristic values G, K, H,
oy, « and also on the equivalent stress (see Ref. [194, 192]). Microstructural
transformation is not explicitly included in equation (133).

With the known constitutive equation (equation (133)), finite elements and
finite element systems are definable in the usual way. Excellent meshing, mesh
grading and possibly remeshing capabilities should be available. It should be
possible to add elements to simulate the addition of material during welding,
and on the other hand to remove elements to simulate fusion. As the elastic
strains during formation of welding residual stresses are small compared to the
dilatatoric thermal strains (this is enabled as a result of large plastic strains),
particular attention should be paid to compatibility between impressed dilata-
toric thermal strain and dilatatoric total strain simulated by the shape function
of the element. The shape function should be at least of the order of the
temperature function. In addition, the mesh should have more degrees of
freedom than are made dependent on each other by the thermal dilatation (see
Ref. [194]). The added-up plastic strains are reset to zero during fusion and
added up again following solidification.

The transient and temperature-dependent non-linear structural behaviour
during welding, represented by the nodal point displacements, is simulated
numerically by a time-stepped (i.e. incremental) loading of the finite element
model. Such calculations are characterized by the fact that the stiffness matrix of
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the respective load increment depends not only on the momentary temperature,
stress and strain state but also on the stress history. The displacement in-
crements may be determined by a modified Newton iteration of the equilibrium
condition with a (fictitiously) constant stiffness matrix. According to another
procedure, the stiffness matrix is newly determined by stress integration within
each integration step. In this case, Euler’s (explicit or implicit) forward or
backward integration [192] is used.

In addition to the above thermoelastic-plastic capabilities of non-linear
finite element software, provisions are necessary for accurately modelling the
transformation processes in welded joints if the transformation effects are severe
(this is the case for martensitic transformation). From the flow chart in Fig. 91
both the common and the additional analysis steps can be seen. The latter
comprise the generation of the data on the microstructural constituents, the data
on transformation plasticity derived therefrom, the jumping back from the
incrementally calculated stresses to the transformation plasticity module and
a creep capability for cases of post-weld heat treatment or multilayer welding.
These additional analysis steps are substituted by simply reducing the yield limit
in the temperature range of transformation if simplified procedures are applied.

3.1.5 Thermomechanical material characteristic values

For theoretical-numerical welding residual stress investigations, the thermo-
mechanical material characteristic values entering in the basic equations are
required dependent on temperature (the thermal material characteristic values
including the density have already been presented in Section 2.1.2.6, individual
further values relating thereto are contained in the figures of this section). The
stock of known values is not always adequate so that numerical solutions may
encounter narrow boundaries alone for this reason.

For residual stress analysis, the following thermomechanical material char-
acteristic values are required, in addition to the density o already mentioned,
depending on temperature:

thermal expansion coefficient « [1/K],
— elastic modulus E [N/mm?],
Poisson’s ratio v [—1,

~ yield limit oy [N/mm?].

In the case of a, a distinction requires to be made between the momentary values
« at the respective temperature and the mean values a,, between initial and final
temperature. In addition, information relating to « and oy is required at the
transformation points. All the information is necessary initially only in the low
temperature range of relatively high yield limit for the purpose of calculating
residual stresses.

An excellent compilation by Richter [23] of values relating to iron and steel
unfortunately comprises no data on the yield limit. Other relevant data, partic-
ularly also in text-books on welding residual stresses [1-10], are rather scanty
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[198, 199]. A general deficiency consists in the fact that yield stress and tensile
strength, yield strain and elongation at rupture are almost always related to the
initial cross-section or initial length of the specimen, i.e. not the corresponding
values of the “true” stress or “true” strain, which would be more appropriate to
the problem in question as far as large strains occur. Consequently, it is possible
to locally measure residual stresses which are above the nominal value of the
ultimate tensile strength solely because the “true” tensile strength is higher.

The material characteristic values gy, &, g, 4, E, ¢ (in one case also v) are
plotted dependent on temperature for three common structural materials suit-
able for welding, for a fine-grained structural steel (with transformation at
700°C in Fig. 114 (after Ref. [234]), for an aluminium alloy in Fig. 115 (after
Ref. [10]) and for a titanium alloy in Fig. 116 (after Ref. [215]). A similar
representation for the nickel-chrome-iron alloy Inconel 600 can be found in Ref.
[249].

The stress-strain curves as well as the initial and maximum yield stress
gained therefrom, gyo; and oy, respectively, related to the initial cross-
section of the tensile specimen, are presented dependent on temperature for the
structural steel St 37 in Fig. 117 (after Ref. [193]). The “true” stresses are
significantly higher only after the constriction has started (this stress region is
not shown here). Particularly noteworthy are the especially high yield stresses in
the region of blue tempering (with reduced elongation at rupture). Correspond-
ing (simplified) curves for the high-alloy steel X4CrNiMo1913 are shown in

1.2
Fine-grained structural steel
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Fig. 114. Thermal and mechanical material characteristic values of fine-grained structural steel
suitable for welding (micro-alloyed CMn steel) dependent on temperature (transformation heat at
700°C covered by specific heat capacity c); after Karlsson [234]
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Fig. 115. Thermal and
mechanical material
characteristic values of
aluminium alloy (5052-H32
according to US standard)
dependent on temperature;
after Masubuchi [10]

Thermal expansion coefficient a x 104 [1/K]

Density P x102[g/mm?3]
Elastic modulus Ex10-2 [kN/mm?]

Thermal conductivity A [J/mm sK]
Specific heat ¢ [J/gK]

Yield limit oy = ag .1 [kN/mm2]

Thermal expansion coefficient a x10 [1/K]

Density P x102[g/mm?3]
Thermal conductivity A [J/mm s K]

Elastic modulus Ex10-2 [kN/mm?]

Yield limit oy = ag_1 [kN/mm?]
Specific heat ¢ [J/gK]

Fig. 116. Thermal and mechanical material characteristic values of titanium alloy (Ti8Al1Mo1V)
dependent on temperature; after Lindh and Tocher [215]

Fig. 118. Obviously, the “true” stresses are presented related to the momentary
cross-section. The curves shown may follow other courses during cooling as
a result of transformation (for example dependent on the austenitizing condi-
tions [251]).
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Fig. 117. Stress-strain curves of structural steel St37 (a), yield limit oy (alternatively ¢, ,) and
maximum yield stress Oyp., (identical with ultimate strength oy) (b); after Argyris, Szimmat and
Willam [193]

Fig. 118. Stress-strain curves of high-alloy
steel X4CrNiMo1913, yield initiation and
work-hardening dependent on temperature;
after Rammerstorfer et al. [154]

In Figs. 119 to 121, derived from Ref. [23], the charateristic values &, E and
v are presented as banded areas for curve courses over temperature, on the one
hand for mild (ferritic or eutectoid) and low-alloy steels, on the other hand for
high-alloy (austenitic) steels, which localize the individual curves of Ref. [23].
The discontinuity of the curve for mild and low-alloy steel at 700 °C is due to the
ay-transformation beginning here (4., temperature).
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Fig. 119. Thermal expansion coefficient a of mild,
low-alloy and high-alloy steels dependent on
temperature, areas of individual curves after Richter

(23]

Fig. 120. Elastic modulus E of
mild, low-alloy and high-alloy
steels dependent on temperature;
areas of individual curves after
Richter [23]

The momentary (“differential”) thermal expansion coefficient &, measured in
the dilatometer (Fig. 119), rises with the temperature and is higher for high-alloy
steels than for mild and low-alloy steels. At the transformation temperature,
A.y, an abrupt change to negative values occurs, caused by the transformation
strain acting in opposite direction to the thermal strain.

At the melting temperature, a considerable increase in volume occurs and
solidification has an opposite effect. This is generally of no consequence for the
formation of welding residual stresses, however, because the yield stress drops
towards zero at melting or solidification temperature, respectively.
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Fig. 121. Poission’s ratio v of
mild, low-alloy and high-alloy
steels dependent on temperature,
areas of individual curves after
Richter [23]

The mean thermal expansion coefficient of low-alloy and mild structural
steels in the temperature range up to 600 °C, in which the yield stress displays
relatively high values, is stated for approximation calculations in the form of the
combined quantity

<£> =2.5x103-3.0x 103 [mm3/J] (134)
The elastic constants E and v, measured dynamically in the resonance test (the
values measured statically differ only to a negligible extent) (Figs. 120 and 121),
each show a narrow band for low-alloy and mild or high-alloy steels. Close to
the transformation temperature A, the elastic modulus drops rapidly (towards
zero) while Poisson’s ratio rises sharply (towards 0.5).

The dilatometer curves each for a steel without and with transformation
have been presented and explained by way of example in Section 3.1.1. The
thermal expansion coefficient « for a high-alloy nickel steel (11.6% Ni) with
austenite-martensite transformation at around 350°C is shown in Fig. 122
[154]. In the heat-affected zone of welded joints, greatly different maximum
temperatures 7, ., exist with only slightly differing cooling times Atgs, so that
diagrams of the type of Fig. 123 are required for analysis (further diagrams in
Ref. [238]). The heat-affected zone should then be discretized in several layers
using a fine mesh in the finite element model, which at the same time benefits the
registration of the transformation-related temperature discontinuity.
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Fig. 122. Thermal expansion coefficient o dependent on temperature for high-alloy Ni-steel, change
of sign in the temperature range of microstructural transformation; after Rammerstorfer et al. [154]
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Fig. 123. Dilatometer curves of fine-grained structural steel suitable for welding showing micro-
structural transformation; after Jonsson, Karlsson and Lindgren [238]

The quantitative relation between microstructural change (identifiable by
the dilatometer curve) and yield limit of the microstructural constituents aus-
tenite, pearlite and martensite during heating and cooling is depicted in Fig. 124
(including the elastic modulus). The considered high-temperature steel is
CrMoV-alloyed. The differing yield limits of the various microstructural con-
stituents are to be noted.

Less generally known is the also important fact for the formation of welding
residual stresses that the yield stress may be greatly diminished in the temper-
ature range of transformation compared to the lower yield stress of the two
phases concerned (Fig. 125). The reduced yield limit during cooling of a trans-
forming two-phase material compared to the same during heating (Fig. 126) is
termed “yield strength hysteresis”. In the case of microstructural transformation
in the presence of stress, a plastic deviatoric transformation strain occurs in
addition to the volumetric transformation strain.
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Fig. 124. Yield limit and elastic modulus of microstructural constituents austenite (A), ferrite and
pearlite (P) and martensite (M) dependent on temperature, combined with dilatometer curve of
thermal strain designating a typical microstructural transformation; after Michailov [179]
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Fig. 125. Yield stress reduction
in temperature range of
microstructural transformation
for high-alloy Ni-steel, after
Rammerstorfer et al. [154]

This plastic anomaly, termed “transformation plasticity”, is caused by
second order residual stresses resulting from the discontinuous distribution of
transformation progress in neighbouring crystallites [139]. Explanations on the
basis of atomistic or dislocation theory concepts have also been given. Trans-
formation plasticity has the characteristics of superplasticity but the latter
occurs here only under the non-constant test conditions of transformation.

The martensitic transformation in the fusion and heat-affected zone of mild
steel is modelled in Ref. [193] with material characteristic values according to
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Fig. 126. Yield limit versus temperature for high-tensile steel HY80, showing yield strength hyster-
esis; after Oddy, Goldak and McDill [257]
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Fig. 127. Yield limit oy, , and maximum yield stress 6ym,, = 0y (a), just as thermal expansion
coefficient « (b) of structural steel St37 dependent on temperature covering microstructural trans-
formation to martensite; after Argyris, Szimmat and Willam [212]

Fig. 127. It is questionable whether allowance for the transformation plasticity
solely in oy ., as presented in Fig. 127 is adequate. The influence of stress on
transformation strain in the dilatometer test is shown in Fig. 128. Obviously, the
transformation strain is reduced by compressive stresses or even reversed.
Time-temperature transformation and peak-temperature cooling-time dia-
grams are used to determine whether transformation occurs in the heat-affected
zone or in the weld metal, at which temperature and cooling rate this takes place



148 3 Welding residual stress and distortion

1.0 T
Low-alloy steel P/ %
%
- 05 o
& !
‘;’. \ @/\Application of
® compressive
% stress O¢
g 00 i
g Calculation
£ o o o Experiment
-0.5
=z
G¢ -
Transformation
-1.0
0 200 400 600 800 °C 1000

Temperature T

Fig. 128. Lower part of dilatometer curve of thermal strain indicating microstructural transforma-
tion, influence of transformation plasticity activated by compressive forces, low-alloy steel
AFNORI15MNDS (French standard); after Leblond and Devaux [132]

depending on maximum temperature and temperature holding time, which
microstructural constituents occur to what extent during this process (marten-
site formation being especially important) and what the resulting strength effects
are. Alternatively, thermal and microstructural-kinetic calculations are per-
formed to obtain these data including the coupling between thermal, mechanical
and microstructural effects if necessary (see Section 2.4.2).

At elevated temperature, (time-dependent) viscoplastic deformation (creep
or relaxation) occurs in addition to elastic and (time-independent) plastic defor-
mation. The time-dependent processes may be ignored in single-pass welding. In
multi-pass welding and hot stress relieving, however, they play a significant role
(see Section 4.4.3.2).

3.2 Finite element models

3.2.1 Intelligent solution

Analysing welding residual stresses and welding deformations using finite ele-
ments in space and time (including finite difference methods) which simulate the
thermal and mechanical (elastic-viscoplastic) material and component behav-
iour during welding, with the degree of detailing common from elastic compon-
ent analyses, remains an insoluble task even in the age of supercomputers. The
following features of the finite element task posed assist the expert in under-
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standing the degree of difficulty and the immense effort involved in a general
solution:

— The model should be designed three-dimensionally, at least in the weld area,
in order to allow for the different cooling conditions in the interior and on the
surface.

— The process to be modelled is transient to a high degree, with extremely
different field gradients dependent on position and time because of the rapid
heating-up and cooling-down events.

— The process to be modelled is non-linear and temperature-dependent to
a high degree in respect of the thermomechanical material behaviour.

— The momentary, local material behaviour is dependent on the local thermal
and mechanical stress and strain prehistory.

— Material is molten during welding, in some cases also added to the compo-
nent, and, as it solidifies, changes the connectivity of the component.

— Changes in state and microstructure have to be simulated.

— Defects and cracks, which may occur at critical points, make the continuum
concept doubtful.

The numerical solution of this extremely complex problem in a general form
would require exceedingly powerful computers and solution algorithms as well
as self-adaptive (three-dimensional) meshes and (time-step) procedures. Power-
ful supercomputers are, of course, available today although methods and soft-
ware development has not kept pace with the hardware progress. And even if
these means were available, the convergence proofs and error assessments would
meet with difficulties which, at this time, appear insurmountable.

There is a further problem which may prohibit the use of finite element
analysis of welding residual stresses in industrial product and process develop-
ment. Analyses of this kind demand a multitude of material characteristic values
and their temperature dependence, which, for the time being, exist only fragmen-
tarily. Many a material characteristic value is dependent not only on the
material but on the respective microstructural state. [t may also be necessary to
take account of local anisotropies or inhomogeneities in the material character-
istic values.

The critical remarks presented above relate, however, only to the project of
simulating the complex reality in the finite element model with the maximum
possible detail (“unintelligent solution”). They do not apply if the problem is
consequently reduced to its respective central issue and only the influencing
parameters dominant in the respective case are presented in the finite element
model (“intelligent solution™). The finite element method then permits state-
ments of practical relevance. This is all the more important as the alternative to
analysis, residual stress measurement, permits statements only to a very limited
extent. If a non-destructive measurement procedure is adopted, only the stress-
state in the surface of the component is registered and, even with a destructive
procedure, it is not possible to determine with a sufficient high degree of
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accuracy the complete three-dimensional stress state in the interior of the
component.
Simplifications of the type mentioned may, for example, be:

— Reduction of the desirably three-dimensional mechanical model to a two-
dimensional or even to a one-dimensional mathematical model, e.g. by assum-
ing axisymmetry, by considering only the plate plane or only the plane of
section perpendicular to the weld seam, by reducing the problem to a rod
element or shrinkage force model.

— Simplification of geometry, support and load conditions.

~— Symmetrization or periodization of the model.

— Reduction of the non-linear thermoelastic-viscoplastic model to a linear
thermoelastic model.

— Reduction of the transient process to a quasi-stationary process.

— Decoupling of the thermal and mechanical processes.

— Ignoring defect or crack formation.

— Omitting the fusion and solidification phase as well as the transformation
processes which take place at elevated temperature and consequently at low
yield stress.

— Registering the transformation at lower temperature only globally in the
specific heat and thermal expansion coefficient.

— Ignoring creep and hardening as well as introducing simplifications in yield
laws.

— Simplification of groove shape and layers structure.

— Replacement of heat source movement by momentary application of total
heat quantity or by rapid heat source movement, ignoring heat propagation
in the direction of movement.

— Replacement of the temperature-dependent material characteristic values by
temperature-constant averaged values in the decisive temperature range.

— Modelling of the formation of residual stresses as a pure cooling process.

The simplifications which are acceptable in the individual case depend on the
questions posed after being reduced to the respective central issue. In general,
the possibilities of the most important measure, namely reduction in dimen-
sionality, are limited because allowance has to be made in the application-
oriented analyses for the different cooling conditions in the interior and on the
surface, particularly in respect of the microstructural transformation. The situ-
ation in practice in respect of simplifications, on the other hand, is facilitated by
the fact that analyses are primarily expected to provide relative statements to
specific problems.

It should therefore be noted that even “intelligent” finite element solutions to
welding residual stress problems permit generally valid relative statements only
in exceptional cases. The number of possible parameter combinations and
process variants is almost unlimited in practice. Finite element analysis can be
performed only for a very limited number of single cases out of the total
parameter field if the expenditure is limited. It is often only possible to deal with
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a single case of relevance in practice. This, admittedly, covers an essential part of
industrial interest in development and improvement of products and manufac-
turing processes; from a scientific viewpoint, however, it is only a “numerical
experiment” which does not permit any general statement. In addition, numer-
ical solutions have to overcome the difficulty that the results of analysis and
measurement do not correspond very well if the model has been greatly simplifi-
ed. On the other hand, some authors (e.g. Ref. [258]) state better agreement
between analysis and measuring results for the simplified model.

The following sections with the overview of finite element solutions to
welding residual stress problems are arranged according to the mathematical
dimensionality of the finite element models. The one-dimensional rod element
model for longitudinal residual stresses can be used to preclarify questions
relating to the influence of different parameters. The one- or two-dimensional
axisymmetrical ring element model is a particularly successful procedure for
determining welding residual stresses. Two-dimensional plate model solutions
for welding residual stresses have a slightly higher degree of complexity and
expenditure. They have been developed both for cross section models with
single- and multipass weld (model plane transverse to weld) and also for seam
welding of sheet metal plates with unrestrained edges (model plane identical to
plate plane). Three-dimensional problem solutions for welding residual stresses
have been achieved in recent years.

In addition to the survey which follows, reference is-also made to the older
status reports [200, 2017 as well as to an older literature survey [202] with many
contributions in Japanese.

3.2.2 Rod element model

The longitudinal residual stresses in and near welds (or also in flame cut
edges) may, under certain preconditions, be regarded as being mainly uniaxial.
This assumption is particularly justified if the components examined are rods or
plates with longitudinal weld which are not too wide and have not too large
a thickness. But even if these conditions are only insufficiently met, the one-
dimensional model may correctly reflect the effect of influencing parameters
according to tendency. Uniaxial modelling leads to discretization of the con-
sidered continuum into rod elements.

Uniaxial modelling of longitudinal residual stresses was first applied by
American authors (literature references in Ref. [209]). It was further pursued
and independently developed in particular in Russia (for example by Okerblom
[2]). In Germany, contributions exist from Tall and Feder [207, 208] and Radaj
{209, 210]. The model is reactivated in Ref. [211]. In the simplest form of the
model, the following assumptions are made:

— The stress state is uniaxial. The component with weld seam can be considered
to be composed of a large number of rod elements which carry only tension or
compression (without bending) in the direction of the weld.
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— The stress state is additionally plane, the component can be modelled as
a membrane plate, the rod elements are arranged in a single plane.

— The stress state is formed under the deformation condition that the cross-
sections of the component remain plane. The rod elements can be considered
as being rigidly connected in their end points. With a large plate width and the
weld positioned centrically, the condition is simplified to a rigid support.

— The deformation is elastic-plastic; creep is ignored.

— The temperature dependence of the yield limit is substituted by a horizontal
line between ambient temperature and, for example, 500 °C in the case of mild
steel or 250°C in the case of aluminium, followed by a steeply linear,
frequently vertical drop to zero. Hardening is ignored.

— All the remaining material characteristic values are set constant and identical
to the value at ambient temperature in the considered temperature range.

— Microstructural transformation strains are ignored.

— A single heating and a single cooling step in the component cross-section
(with temperature constancy over plate thickness) is taken as a basis.

The simplest form of the uniaxial membrane model, still without rod elements, is
graphically depicted in Fig. 129 for a plate strip with centric longitudinal weld
and in Fig. 130 for a plate strip with eccentric longitudinal weld. The material,
mild structural steel, displays a constant yield stress for 0 < T' < 500°C and
a linear drop to zero for 500 < T < 600 °C. The temperature state in cross-
section 1-1' relatively close after the (moving) heat source in which the 600 °C
isotherm reaches its greatest transverse extension is regarded as the decisive
basis for residual stress formation. From this cross-section on, cooling stresses
are built up; beforechand it was only heating stresses. We now imagine that
heating and cooling are completed each in a single step with the cross-section
remaining plane, so that the stresses follow the thermal strains up to the yield
limit (which is set temperature-dependent in a simplified manner) and in so
doing constitute an equilibrium system.

The heating strains a7 below 600 °C for the centric longitudinal weld with
temperature field according to Fig. 129b are shown in Fig. 129a on the left.
Converted to stresses aTE, they must constitute an equilibrium system with
horizontal median line m—m’, whereby the yield limit oy must not be exceeded.
The cooling strains — o7 in Fig. 129a on the right supply, after subtraction of
the elastic heating strains, the thermal residual strains &g, shown crosshatched,
which cause the residual stresses after cooling down. The latter are replotted
over zero in Fig. 129c. They, too, after being converted to stresses by multiplica-
tion with E, must constitute an equilibrium system with horizontal median line
m-m’, without exceeding the yield limit oy. The graphically determined results
are the longitudinal residual stresses. The width of the plastic zone is designated
wp. It corresponds approximately to the maximum width of the 200°C iso-
therm. The median line m—m’ identifies the shrinkage strain of the plate strip.
In the plastic zone, the residual stresses reach the (tension) yield limit. A similar
procedure is adopted for the eccentric longitudinal weld (Fig. 130). Only the



3.2 Finite element models 153

Fig. 129. Heating, cooling and residual strains (a) at centric weld in plate strip with isotherms (b),
equilibrium and yield for stresses resulting from strains after multiplication with elastic modulus (),
simplified analysis according to Nikolaev in Ref. [8]

equilibrium systems have to be formed relative to the inclined median lines m—m’
and n—n' (corresponding to freedom of resultant force and moment with cross-
section remaining plane). The width of the plastic zone is reduced by virtue of
the lower (bending) rigidity of the plate strip. It corresponds approximately to
the width of the 450 °C isotherm. The above averaging can be performed simply
by graphical means as estimations but requires computer support if the quantit-
ies are to be recorded more precisely.

The greatly simplified continuum model described above can be significantly
improved by conversion into a finite rod element model and through use of
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Fig. 130. Cooling and
residual strains (a) at
eccentric weld in plate strip
with isotherms (b)
equilibrium and yield for
stresses resulting from
strains after multiplication
with elastic modulus E (c);
simplified analysis
according to Nikolaev in
Ref. [8]

a computer. The total non-linear, temperature-dependent and transient behav-
iour in the area surrounding the moving heat source can be simulated. The plate
strip model may be extended three-dimensionally to bars with a general cross-
section contour. Only the assumption that the stresses are uniaxial and that the
cross-sections remain plane is retained in this case.

The component cross-section is considered to be discretized into a large
number of rod elements with the initially fictitious small length Al, depicted in
Fig. 131 on the plane model. The rod elements subjected to temperature
increments AT are connected in the gravity centre of their two end cross-sections
with a straight and rigid transverse bar, which is the means of simulating that
the cross-sections of the component remain plane during the welding process.
The rod elements may move freely in transverse direction so that varying
transverse contraction may take place without suspending the transverse con-
nection of the rod elements and without giving rise to transverse forces. The
transverse bar on the right side may also shift in the rod element direction
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Fig. 131. Rod element model, increments of temperature, force and displacement, rigid transverse
bars

x (translation Ar,) and rotate around the cross-section axis z (rotation Ag,). In
addition to the longitudinal force AR,, the bending moment AM, may also act
on the transverse bar.

The plane rod element model can be expanded three-dimensionally to the
x—y plane in order to represent the residual stresses in longitudinally welded
section bars. The coordinate system should then be positioned in the section bar
in such a way that the x-axis coincides with the centre of gravity line and the
y- and z-axes coincide with the principal axes of inertia. The rod elements may
be of different lengths before connection to the rigid transverse plates, which,
following connection, may simulate the residual stress state prior to welding.

The inhomogeneous and transient, measured or calculated changing temper-
ature distribution in the cross-section during welding is imposed on the rod
elements. In line with its position in the cross-section, each rod element thus
generally experiences a different temperature cycle, consisting of a rise and fall
which is marked to a different extent depending on the closeness to the weld
seam, the respective maximum of which occurs at different times. Thermal and
transformation strains occur in line with the temperature course. The elastic-
plastic, or as the case may be also elastic-viscoplastic, mechanical behaviour of
the rod elements is characterized by temperature-dependent (as the case may be
also time-dependent) stress-strain relations. The temperature course and the
course of the resulting exterior force, including moment, are applied in steps
through to complete cooling down. Following each step, compatibility of the
rod element longitudinal displacements in the sense of plane cross-sections and
equilibrium of the rod element longitudinal forces is assured. The rod elements
undergo mutual counterstressing. The counterstressing state which remains
after cooling is the residual stress state sought.

The change in longitudinal residual stresses as a result of subsequent tensile
or bending load can likewise be simulated with the rod element model. Such
loads are intentionally applied for reducing residual stress (see Section 4.4.3.3.1).

There follows a more profound presentation of the principles of the rod
element model in its application to butt welding of membrane plates. The



156 3 Welding residual stress and distortion

starting point is the quasi-stationary temperature field (i.e. temperatures de-
pendent on position but independent of time) of the uniformly moving line
source in the infinite plate when considering the equally moving coordinate
system x, y, z (temperature field according to equation (33), with rapidly moving
high-power source also according to equation (48)). The short-time processes of
the initial phase of the welding process, which are transient also in the moving
coordinate system, are disregarded. The stress and strain field caused by the
temperature field is likewise assumed to be quasi-stationary, apart from the
initial phase. This assumption includes the fact that, in the case of restrained
components, the reaction forces which develop in the initial phase also remain
unchanged during the welding operation. The cross-sections perpendicular to
the weld are assumed to remain plane during welding. The shear-related warp-
ing of the cross-section which has a stress-reducing effect and occurs in reality as
a secondary effect remains ignored. The shear stress distribution in the cross-
section of a purely elastic plate with moving heat source is given by equation
(114). A statement with regard to shear deformation closer to reality is offered by
Ref. [8] (ibid., p. 66).

The plane temperature and stress field of the membrane plate is retained for
the purpose of presentation. Proceeding from the quasi-stationary temperature
field, the temperature increments AT(y) are determined in distances Ax, which
identify the centres of plate strips perpendicular to the weld (width Al) to be
considered one after the other between plane cross-sections (Fig. 132). The
process can also be described in such a way that the perpendicular plate strips
are in time intervals At at one and the same position in the stationary coordinate
system while the heat source has been moving on at speed v. It is then:

Ax = vAt. (135)

The temperature and stress states in the same cross-section at different times are
therefore equivalent to the states in different cross-sections at the same time. The
above subdivision of the plate into perpendicular strips therefore provides the
finite model for the quasi-stationary stress distribution.

Fig. 132. Plate strips (in
direction of y) transverse to
weld (in direction of x)
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The temperature increment AT(y) now has to be imposed on the plate strips
in the time intervals At simultaneously enforcing that the strip edges remain
plane. The stress reaction to this has to be calculated. For the calculation, the
strip is subdivided into the rod elements described. The rod elements are
subjected to the position-dependent sequence of temperature increments, the
tensile and compressive stresses being built up under the restraint that the
cross-sections remain plane. On the basis of the hypothesis of plane cross-
sections, it would actually be reasonable to assume a linear distribution of
stresses over the rod cross-section, i.e. tension and compression with superim-
posed bending. In fact, the bending deformation superimposed on the tensile
deformation is ignored. The bending stiffness is set equal to zero. The error
resulting as a consequence in the equilibrium condition for the total cross-
section is small if the rod element cross-sections are selected adequately small.
The peculiarities of the rod element model include the fact that there is a slight
difference in the edge strains of adjacent rod elements (in accordance with the
stepped deformation profile over the cross-sections) and that the cross-section
centre line does not deflect (Fig. 133). The above simplification is avoided if the
computationally more expensive bending-tension bar elements take the place of
the pure tension rod elements. A further even more expensive step is the use of
finite plate or solid elements in place of rod elements (see Section 3.2.5).

The equations for the incremental loading sequence in the rod element
model required for the numerical analysis are stated in Ref. [209, 210]. The
temperature-dependent stress-strain curves for mild steel are characterized there
by the temperature dependence of elastic modulus E, yield limit ¢, and
hardening module H (Fig. 134). The reference parameters introduced are the
values of the stated parameters at 0 °C, E,, 6¢.1 ¢ and Hy. In addition, the linear
thermal expansion coefficient «, referred to its maximum value «; at elevated
temperature, is included. The reduction of yield limit which occurs during
unloading from the elastic-plastic state (Bauschinger effect) is taken into ac-
count.

Fig. 133. Bending deformation of bar element (a) approximated by (pure tension) rod elements (b)
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As an example of application, the longitudinal residual stresses during
submerged arc welding as well as during electron beam welding of plates made
of mild structural steel have been calculated using the rod element model. The
plate width in this calculation is at first assumed to be large, and then relatively
small. In Fig. 135, temperature and stress distribution are presented at different
times ¢ after passage of the heat source or at various distances x from the heat
source. Following complete temperature equalization, the residual stresses
shown with curve VIII remain. The residual stresses after submerged arc
welding are drawn as a continuous curve, while those after electron beam
welding are shown as a dashed curve, in each case for large plate width. The
residual stresses after submerged arc welding with small plate width are shown
as a dot-dash curve. The maximum residual stresses at the level of the strain-
hardened yield stress occur in the centre of the weld.

3.2.3 Ring element model

The tangential, radial and axial residual stresses of the following groups of
welded joints can be modelled as axisymmetrical: spot weld, plug weld, circular
patch weld, stud weld, circular rod butt weld, circumferential weld on cylindrical
and spherical shell. The residual stresses at flame cut holes are also approxi-
mately axisymmetrical.

The axisymmetrical solutions reported on below are combined under the
heading “ring element model” irrespective of whether the procedure is com-
pleted through to the discretization into finite elements or the result is achieved
already with the continuum model. In the simpler form of the finite element
solution, the thermomechanical states are dependent, apart on time, only on the
radial coordinate (single-layer membrane ring model), while in the more com-
plex form allowance is made additionally for the axial dependence (single- or
multi-layer solid ring model). In the former case, the solution is mathematically
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Fig. 135. Temperature and stress profiles transverse to butt weld during and after welding, struc-
tural steel (approx. St37), infinite plate and plate strip submerged arc welded (solid curves and
dot-dash curve), infinite plate strip electron beam welded (broken curve); after Radaj [209, 210]

one-dimensional, and in the latter it is mathematically two-dimensional. In
physical terms, however, two- and three-dimensionality exists, which necessi-
tates the introduction of general yield and hardening laws. The condition that
the (radial) cross-sections remain plane is exactly met. The starting basis of the
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analysis is the axisymmetrical transient temperature distribution in the area of
the weld, which can be determined by calculation or measurement. To preserve
the axisymmetry, the weld seam in the model is considered to be deposited
instantaneously over its whole length.

Heat spot and weld spot

The result of the residual stress analysis after Gurney [212] for the circular steel
plate with heat spot using a lattice model with radial and tangential rod
elements is shown in Fig. 112. A greatly simplified functional-analysis solution
for the circular plate with heat spot in the case of heat softening aluminium
alloys is offered by Pelli [52, 214]. Reference is made by Vinokurov [8] to the
early non-finite solutions of the heat spot problem by the Russian authors
Leikin, Bakshi and Zolotarev. The result of an older Japanese analysis of the
plug weld problem by Watanabe and Satoh [213] is shown in Fig. 9. On the
basis of the investigations stated above, radial and tangential tension close to
the yield limit prevails in the heat or weld spot. These stresses drop off sharply in
the immediately surrounding area, g, from the above value to zero, o, by passing
first through zero into compression (as the case may be through to compressive
yield) and then from there to zero.

According to the investigations of the Russian authors, the electrode contact
force, ignored in many solutions, has a strong influence on the formation of
residual stress. According to investigations on mild and low-alloy steels by
Popkovskii and Berezienko [220] using the finite element method, compressive
residual stresses in three directions are attainable through an appropriately high
level and long lasting post-weld pressure. Weak influence of electrode pressure is
stated in Ref. [215, 216].

The residual stresses at spot welds, without taking account of microstruc-
tural transformation, have been analysed using solid ring elements by Lindh and
Tocher [215] (titanium alloy), Nguyen [216] and Schréder and Macherauch
[217].

In the finite element analysis by Schroder and Macherauch [217] with solid
ring elements for spot welding of 2 and 10 mm thick plates made of steel
X4CrNiMo1913, the temperature field calculated close to reality, including the
strong heat propagation into the water-cooled electrodes but setting the elec-
trode pressure unrealistically to zero, has been taken as the basis. Particularly
steep temperature gradients occur at the electrode contact surface and at the
weld spot edge on the inside of the plates. The thermomechanical state on the
inside of the plates at the end of heating is characterized according to Fig. 136 by
a high temperature in the weld spot centre, a sharp temperature drop at the weld
spot edge, temperature-related yield stress reduction in the weld spot, and
a surface stress maximum somewhat outside the weld spot edge. Temperatures
and stresses vary widely in the axial direction. After complete cooling, the stress
curves for the inside and outside of the plate, shown in Fig. 137, are relatively
less variable in the axial direction. The basic pattern of the stresses known from
the corresponding membrane ring models is confirmed. The effects resulting
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Fig. 136. Temperature T,
yield limit oy and equivalent
stress o, (after von Mises) on
inner surface of spot welded
joint at end of heating; after
Schroder and Macherauch
[217]

Fig. 137. Residual stresses a,, 6,, 0,, 0., On inner surface (a) and outer surface (b) of spot welded
joint; after Schroder and Macherauch [217]

from the three-dimensionality of the model should, however, be emphasized.
A triaxial tensile stress state occurs at the weld spot edge. The stress g, in the
axial direction on the inside of the plates occurs with the condition that slot
opening is suppressed. On account of the triaxial nature of the tensile stresses,
the tangential stress o, at the weld spot edge is raised considerably above the
uniaxial yield limit oy.
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The computational approach by Gorissen [218], to determine welding
residual stresses for spiral-type welds in large-diameter pipes using a (locally)
axisymmetrical model, led to false results, contrary to the arguments in
Ref. [218]. Model, measurement and residual stress axiom used are obviously
incorrect [219].

Ring weld

A functional-analysis approach on the basis of the equilibrium and yield
condition is discussed in Ref. [8] for the instantaneously deposited ring weld
in the circular plate made of mild steel (an approximation, for example, for
the patch weld) (Fig. 138). A distinction is made between three zones, the inner
zone I, the weld zone II, and the outer zone IIl. Tangential stresses close to the
yield limit and lower radial stresses, increasing to the outside, occur in the weld
zone. Fig. 138 shows three possibilities of stress distribution in this connection.
Low biaxial tension or compression prevails in the inner zone. Radial tension
and tangential compression (decreasing to the outside) prevail in the outer zone.
The actual stress profile depends on the stiffness of the inner and outer zones, on
the ring weld diameter, on the welding and material parameters. For example,
with a small, stiff inner zone and wide outer ring, tensile residual stresses occur
in the inner zone as a consequence of high heating-up whereas, with a larger, less
stiff inner zone with narrow outer ring, compressive residual stresses are pro-
duced in the inner zone as a consequence of the contraction of the ring weld.

Fig. 138. Residual stress profiles transverse to ring weld in circular plate of mild steel; plate areas I to
111 (a), radial and tangential residual stress profile (b), three variants of residual stress profile in area
IT (c); after Vinokukrov [8]
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Fig. 139. Solid ring element model (shown with surfacing weld) (a) of ring groove weld specimen
(shown without surfacing weld) (b); after Hibitt and Marcal [221, 222]

Hibbitt and Marcal [221, 222] analysed the transient temperature field, the
welding residual stresses, the plastic strains and the residual stress reduction as
a result of hot stress relieving for the instantaneously deposited ring weld on the
circular plate of the ring groove weld test using solid ring elements (Fig. 139).
The poor correspondence between analytical and experimental results was
correctly attributed to the fact that microstructural transformation processes
were disregarded in the analysis.

Nickel and Hibbitt [37] analysed the residual stresses relating to the first
pass of a ring-shaped butt weld produced with a total of three passes on the
torus-shaped connecting ring of a nuclear reactor component made of the
NiCrFe alloy Inconel 600.

In order to simulate the strong influence of the different cooling conditions
and microstructural transformation processes on the surface and in the interior
of weld joints on the residual stresses, annular plates with a centric weld seam
have been analysed by Yu [223] using solid ring elements. The annular plate is
to simulate the infinite weld seam in a straight plate strip with unrestrained
transverse deformation. Therefore, the annular plate is only slightly curved;
plate width is 80 mm with 1000 mm outer diameter. The plate thickness is 6 mm.

Transverse residual stresses equal to zero should be expected in the mean
over the plate thickness. Considerable surface stresses are, however, actually
measured in these and comparable specimens. Numerical analysis shows that
the residual stresses on the surface and in the interior add up to a zero resultant.
The fundamentally different stress distributions in a non-transforming steel
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Fig. 140. Weld transverse and weld longitudinal residual stresses at centric butt weld in annular
plate (outer diameter 1000 mm, width 80 mm, thickness 6 mm) of non-transforming austenitic steel
() and transforming quenched and tempered steel CK 45 (b), on surface and in interior; after Yu
[223]

(austenitic steel) and in a transforming steel (quenched and tempered steel Ck45)
are shown in Fig. 140. The differences between surface and interior are partic-
ularly pronounced in the transforming steel. The reasons for the differences are
the cooling and transformation processes, which do not occur simultaneously
on the surface and in the interior. Maximum transverse stress values generally
occur at points of greatest difference in longitudinal stress between surface and
interior. Without transformation, maximum transverse tension occurs on the
surface next to the weld seam; with transformation, maximum transverse com-
pression occurs.

Butt welding of rods with circular cross section

Pressure butt welding of a bolt to a base plate of beryllium, including sub-
sequent machining of the opposite side of the base plate and loading of the base
plate edge, has been analysed by Cyr, Teter and Stocks [224] using solid ring
elements (Fig. 141).

The quasi-elastic solution for the three-dimensional welding residual stress
state in the interior of a resistance butt-welded circular section rod, proceeding
solely from the temperature drop in the axial direction of the rod, is presented in
Ref. [8] (Fig. 142). Whereas uniaxial compressive stresses in axial direction are
determined for the surface, the crack-initiating triaxial tensile stress state with
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Fig. 141. Bolt on plate of beryllium (a), pressure butt welding followed by machining of the hatched
layer (b), loading of plate edge by alternating bending moments M, and M, (c), stress-strain cycle in
solid ring elements R and S (d): heating OAB, cooling BCD, machining DE, loading EFG; after Cyr,
Teter and Stocks [224]
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a maximum value at the yield limit occurs in the interior. It is therefore
recommended to perform a post-weld heat-treatment to reduce residual stresses.

The finite element analysis of flash forming during upset welding conducted
by Nied [225] refers to large displacement, large strain and viscoplastic metal
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behaviour at elevated temperatures preceded by thermoelectric heating. This is
a flow model neglecting elastic stresses (including residual stresses). The results
of the analysis reveal that the material originally on the interface of the two parts
to be welded is heavily deformed while expelling into the flash (but never
substituted by material from the nearby inside).

Circumferential weld in cylindrical or spherical shell

The thin-walled cylindrical shell with instantaneously deposited circumferential
weld (and unrestrained shell edges) and the corresponding spherical shell are
dealt with by Fujita [226, 227]. He used a mathematically one-dimensional
approach for heat propagation and stress formation, i.e. series expansion using
the deflection function of the elastic cylindrical and spherical shell bending
theory, the Ritz method applied per load increment, initial strain method,
von Mises yield condition, improved Prandtl and Reuss yield law, slight strain
hardening (with E/100) and temperature-dependent yield limit. The parameter

A=%/3(1 —v?*)/R%h? according to equation (160), known from the elastic
cylindrical shell bending theory, is revealed to be the dominant parameter of the

process (this results from the theoretical basis chosen). Systematic variation of
the geometrical and thermal parameters results in largely identical deflection
(i.e. constriction) and stresses with identical as well as largely identical stress
maximum values with identical product g, 4 in which g, is the heat input per
unit length of weld. Consequently, an equivalence of geometrical and thermal
influencing parameters exists in respect of the residual stresses. Comparative
calculations without and with incorporation of the heating-up phase reveal
a strong influence of this phase, at least on the deflections. A high degree of
correspondence between calculated and measured deflections and stresses was
verified. Reference should additionally be made to the solution on the basis of
the shrinkage force model [264] (Fig. 174). This solution is similar in respect of
the deflection function used.

Figure 143 shows the pattern of the circumferential and axial residual
stresses on the inner and outer surface of the cylindrical shell with circumferen-
tial weld. Tensile bending stresses occur on the inside in axial direction trans-
verse to the weld, while corresponding compressive bending stresses occur on
the outside. These stresses can be explained as being caused by a constriction of
the cylindrical shell resulting from the longitudinal contraction of the circum-
ferential weld. The maximum values occur characteristically alongside of the
weld (i.e. not in the weld). Further away the sign of the stresses is reversed.
A stress pattern similar to that known from the plane butt-welded plate occurs
on the inside of the shell as a circumferential stress in the direction of the weld,
high tensile stress in the weld and low compressive stress alongside it. On the
outside of the shell, the longitudinal stress in the weld is largely reduced.
A pronounced compressive stress maximum occurs alongside the weld. The
considerable differences in the stress pattern between curved shell and plane
plate needs to be emphasized. The stress pattern which occurs for the spherical
shell with circumferential weld is similar to that of the corresponding cylindrical
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Fig. 143. Circumferential and axial residual stresses in cylindrical shell with circumferential weld,
comparison of analytical and experimental results; after Fujita, Nomoto and Hasegawa [227]

shell (Fig. 144). Finally, it was possible to analyse the welded joint between
cylindrical shell and semi-spherical shell in respect of residual stresses by means
of the above computational method (Fig. 145).

In the contributions of Rybicki et al. [228, 2297 (see also Ref. [230]), solid
ring elements are used in combination with the quasi-stationary temperature
field equation of seam welding for analysing the longitudinal and transverse
residual stresses of a pipe circumferential weld (stainless austenitic steel, one-
sided multi-pass weld) (Fig. 146). High tensile stresses, which drop to compres-
sion in the heat-affected zone, are determined in the axial and circumferential
direction on the inner surface of the pipe with the weld root. The circumferential
shrinkage force causes a contraction of the circumferential weld to a reduced
diameter, i.e. a constriction of the pipe. It was possible to confirm these results
by measurement, at least qualitatively. A further investigation [423] deals with
the stress reduction as a result of inductive post-weld heat-treatment (see Section
443.34)

Further finite element analysis results from Josefson [379, 380] relating to
weld residual stress distribution at single-pass and multi-pass circumferential
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Fig. 144. Circumferential and axial or meridional residual stresses in cylindrical and spherical shell
(indices C and S) with circumferential weld, comparison of analytical results; after Fujita, Nomoto
and Hasegawa [227]

Fig. 145. Circumferential and meridional residual stresses in cylindrical shell jointed to hemispher-
ical shell by circumferential weld, comparison of analytical and experimental results; after Fujita,
Nomoto and Hasegawa [226]
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Fig. 146. Discretization into solid ring elements of multilayer circumferential weld in pipe; layer
structure in reality (a), solid ring element model with enlarged detail (b, ¢), symmetry half with
combined weld layers; after Rybicki and Stonesifer [229]

welds are presented in combination with hot stress relieving in Figs. 245 and
247. Particularly high residual stresses are observed in the martensitic part of the
heat-affected zone. The strength-reducing triaxial tensile residual stress state
occurs for the CMn-alloyed steel in question neither in the case of single-pass
welding nor in the case of multi-pass welding. The three-pass circumferential
weld is analysed in Ref. [231].

3.2.4 Membrane plate element model in the plate plane

It is an obvious step to determine the longitudinal and transverse residual
stresses, as well as the appertaining strains and deformations, in relatively thin
plates with butt welding by means of a finite membrane plate element model
(elements arranged in the plate plane), assuming a plane temperature and stress
state. Such investigations have been carried out with respect to hot cracking at
the ends of long butt welds in plate assemblies, to their groove gaping during
welding and to the weld longitudinal residual stresses.

The finite element discretization for longitudinal seam welding of large
plates of a fine-grained structural steel, such as is used for example in ship-
building, is shown in Fig. 147. The mesh refinement from the load-free plate edge
to the weld is solved in an exemplary manner. The transverse strains and
stresses at the start and end of the weld were analysed with this model in order to
provide a basis for explaining the hot crack formation observed here (see
Ref. [232-238, 194]. The temperature-dependent material characteristic values
of the applied fine-grained structural steel, which is transforming and suitable
for welding, is shown in Fig. 114. The non-thermal transverse strain
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Fig. 147. Finite element mesh for rectangular plate with continuously deposited centric weld,
triangular elements with cubic displacement approximation; after Jonsson, Karlsson and Lindgren
[238]

Fig. 148. Non-thermal high-temperature transverse strain &, in temperature range between 1400
and 1100 °C determined by finite element analysis at end of weld, rectangular plate of fine-grained
structural steel, different heat input per unit length of weld, number of hot cracks; after Andersson
and Karlsson [236]

€ = 5x 1073 in the cooling interval between 1400 and 1000 °C is regarded as
the cause of hot crack formation. With increasing heat input per unit length of
weld and decreasing welding speed, its maximum value shifts from shortly
within the weld end in the direction of the centre of the weld length (Fig. 148).
Multi-pass welding is advantageous. The correlation with the number of hot
cracks is, however, only qualitatively satisfactory. The number of hot cracks was
reduced by a factor of ten by extra local heating. The propagation of the hot
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cracks, as cold cracks, in the direction of the centre of the weld length is
controlled by the transverse tensile stress (Fig. 149), whereas the weld ends are
protected by transverse compressive stress (a risk of warpage occurs here). The
transverse movement of the groove edges for the pre-tacked weld was also
calculated. The groove gap first closes, and then, after overwelding of the centre
tack weld, opens again. The maximum gap change is + 0.15 mm. These results
are typical of transforming structural steels.

The residual stresses longitudinal and transverse to the weld (instant-
aneously deposited in the model) were analysed using a membrane model and
compared with measured values for a rectangular plate with slot weld tested
in respect of hot and cold cracking (Figs. 150 and 151) (see Fujita et al. [239,
240]). The incremental initial strain method with improved yield law was
applied. Of particular note are the favourable transverse compressive residual
stresses in front of the weld end and the unfavourable biaxial tensile residual
stresses within the weld end.

In the same way (see Ref. [240]), the residual stresses in sheet metal plates
with welded continuous rib stiffeners were also analysed. The width of the weld
zone with high tensile longitudinal residual stresses and the level of the lower
compressive longitudinal residual stresses in the adjacent plate and rib areas
could be correlated within a limited parameter domain, independent of dimen-
sions, with the global post-weld temperature increase AT, (Fig. 152). This
heating-up results from the heat input Q per deposited fillet weld, the volume-

Fig. 149. Transverse thermal and residual stress at end of weld, rectangular plate of fine-grained
structural steel different time intervals 1, after end of welding; after Andersson and Karlsson [236]
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Fig. 150. Finite element mesh
for plate with slot weld,

symmetry quarter; after Fujita,
Nomoto and Hasegawa [240]

Fig. 151. Longitudinal and transverse
residual stress in rectangular plate with
slot weld, comparison of analytical and
experimental results; after Fujita, Nomoto
and Hasegawa [240]

heat cg, the plate width w and the plate thickness h (neglecting the ribs):

AT, = 2—Q (136)
cohw

Slightly curved thin shell elements, defined as degenerated solid elements, have
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Fig. 152. Longitudinal residual stress o, (tensile stress o,., compressive stress o.) in plate with ribs
over global temperature rise AT, of plate or rib, tension zone widths w,y and w,, result of finite
element analysis based on plate model; after Fujita, Nomoto and Hasegawa [240]

been used by Lindgren and Karlsson [241] for analysing the residual membrane
stresses in a thin walled pipe made of CMn steel and circumferentially GMA
welded. The out-of-plane deformations are restrained in the model which thus
behaves similar to a plane membrane plate element model.

3.2.5 Membrane plate element model in the cross-section

A second possible application of membrane plate element models, this time with
a plane deformation state, is to consider the transverse contour model of the
welded joint (i.e. the cross-section transverse to the weld seam). The biaxial stress
state in the cross-section plane is obtained proceeding from the temperature
field in this plane. The normal stress perpendicular to the cross-section plane, i.e.
in the direction of the weld, follows from the condition of plane deformation.
This corresponds to Bernoulli’s hypothesis of the cross-sections remaining
plane. The additional condition of completely suppressed normal displacements
applies to symmetrical problems with a relatively large welding-unaffected
cross-section. The less extreme assumption of plane cross-sections which can be
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displaced and rotated is recommended in the case of non-symmetrical problems,
¢.g. problems with bending shrinkage. Solid elements with an appropriate
restriction of the degrees of freedom are also suitable for modelling the plane
strain state. In the special case of element-constant state variables, what results
is the rod element model. Such finite element analyses using the cross-section
model have been performed, particularly in respect of hot and cold crack
formation as well as of residual stresses in multi-pass welding.

The finite element discretization for the cross-section model of the specimen
of the rigid restraint cracking test is shown in Fig. 153. Proceeding from the
plane in-stationary temperature field (calculated using the finite difference
method), the model is applied to determine the stress and strain course at the
points A to D, which are considered to be particularly prone to hot and cold
cracking (see Ueda et al. [242-246, 252]). Corresponding analyses have been
conducted for the double fillet weld specimen as well as the edge fillet weld
specimen. They permit a rough quantification of these tests. These self-restraint
tests are, however, increasingly being abandoned in favour of tests with force-
controlled global stress. The latter likewise permit more meaningful statements
based on local stress analyses.

The dependence of the reaction force and reaction stresses in multi-pass
welding of a transverse butt weld between rigidly restrained tensile plates (hot
crack specimen in the rigid restraint cracking test) with different preheating in

Fig. 153. Finite element cross-section model (a) of specimen (b) of rigid restraint cracking test; after
Ueda and Yamakawa [242]
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the weld area has been examined by Satoh et al. [244]. No proportionality exists
between reaction force and reaction stress because the load bearing cross-
section is continuously increased by the deposited weld passes. The reaction
force directly after deposition of the respective weld pass increases with the
number of passes, the reaction stress, by contrast, decreases (see also Fig. 185).
Preheating of the weld area reduces reaction force and reaction stress during
welding. Following welding and cooling down, by contrast, an increase occurs.

The finite element residual stress analysis after Andersson [235] using the
cross-section model of a single-side submerged-arc butt weld in a fine-grained
structural steel plate (material characteristic values according to Fig. 114 and
similar to Fig. 123) resulted in weld-transverse and weld-longitudinal residual
stresses in the top surface as shown in Fig. 154. Base and filler metal have
different characteristic values (base metal oy = 350 N/mm?, filler metal
oyw = 450 N/mm?, hardening not yet taken into account). The transformation
influence is marked in the weld and heat-affected zone in accordance with the
different yield limits by separate troughs in the stress curves.

Fig. 154. Longitudinal and
transverse residual stresses
in top surface of structural
steel plate with single-side
submerged-arc butt weld (a)
and appertaining finite
element cross-section model
(b); after Andersson [235]
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The residual stresses of the first pass of a gas metal arc weld in the double-V
groove of a 25.4 mm thick plate of the high-strength steel HY 130 (with micro-
structural transformation) were determined by Papazoglou and Masubuchi
[250] proceeding from the cross-section model. The butt weld with square
groove in a 2.54 mm thick plate made of a NiCrFe alloy was analysed in
a similar manner by Friedmann [249]. The maximum plastic strain (4.5%)
occurs at the weld root at the transition from fusion to heat-affected zone [249].
The longitudinal residual stresses in the work-hardened weld area exceed the
yield limit by as much as 30% [249].

In the finite element residual stress analysis by Argyris et al. [248, 193] for
the double-V groove weld in structural steel St37 (material characteristic values
according to Figs. 117 and 127), the two passes deposited simultaneously from
both sides, produced the longitudinal and transverse residual stresses in the
surface shown in Fig. 155. A microstructural transformation to the martensitic
phase takes place in the fusion and heat-affected zone. The transformation strain
is introduced, greatly simplified with constant magnitude, in all regions with

Fig. 155. Longitudinal and transverse residual stresses in surface of structural steel plate (St37) with
double-V groove butt weld (a), analysis with and without microstructural transformation (to
martensite), appertaining finite element cross-section model (b), comparison of analytical with
experimental results; after Argyris, Szimmat and Willam [248]
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more than 50% martensitic transformation, which is determined depending on
cooling rate from the TTT diagram in Fig. 86. Analysis results with and without
transformation as well as measurement results (X-ray stress measurement and
hole drilling method) are compared. The effect of microstructural transforma-
tion is expressed in the curves as a stress peak in the fusion zone and a stress
trough in the heat-affected zone, when taking the transformation strain and the
increase of the yield limit by martensitic transformation into account. These
investigations were continued in Ref. [247] in respect of a multi-pass weld in
single-side groove (fine-grained low-alloy steel 22NiMoCr37 with microstruc-
tural transformation).

The root pass of a submerged arc butt weld in fine-grained low-alloy steel
22NiMoCr37 has been analysed by Kussmaul and Guth [254] based on the
cross-section finite element model taking both transformation expansion and
transformation plasticity into account. The transformation causes high longi-
tudinal compressive stresses in the heat-affected zone.

The finite element residual stress analysis after Ueda et al. [242-246, 252]
(Fig. 156), for multi-pass narrow-gap welding (20 passes) of structural steel with
oy = 400 N/mm? for the base metal and oy,, = 460 N/mm? for the filler metal,
With oy max = 0u = 550 N/mm?, calculated without microstructural transforma-
tion, with the lower edge of the cross-section model supported bending-free and
bending-rigid respectively, resulted in the longitudinal and transverse residual
stresses shown in Fig. 157. The bending-rigid support increases the area of high
longitudinal residual stress compared with bending-free support. The transverse
residual stresses at the lower edge of the cross-section model show a tension or
compression peak depending on the support condition. Comparative analyses
show that useful results are already obtained with a coarser mesh, with two weld
passes each being deposited together and with the analysis performed only for
the last layers (not suitable for generalization; see Ref. [251]).

Fig. 156. Finite element cross-section model for residual stress analysis of multi-layer narrow-gap
welding (20 layers), fine mesh; after Ueda and Nakacho [246]
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Fig. 157. Longitudinal residual stress (a) and transverse residual stress (b) after multi-layer welding,
finite element analysis without microstructural transformation, two different support conditions on
bottomside; after Ueda and Nakacho [246]

Further analysis results relating to cross-section models of multi-pass
welds are presented in connection with post-weld heat-treatment methods in
Section 4.4.3.2.6.

Longitudinally electron-beam welded vessels made of structural steel have
been analysed by Carmet et al. [253] using the cross-section finite element
model of the welded joint (Fig. 158), comprising the interaction between trans-
formation plasticity and strain hardening phenomena. The investigation is
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Fig. 158. Finite element
cross-section model of
longitudinal electron beam
weld in cylindrical vessel
made of structural steel,
calculated A.; and A
temperatures; after Carmet
et al. [253]

extended to the fracture mechanics analysis of a semi-elliptical longitudinal
crack subjected to the calculated residual stresses.

3.2.6 Solid element model

In recent years, the three-dimensional finite element models based on solid
elements for transient heat diffusion in welding and related mechanical response
have been developed and successfully applied [255-260]. The advances in
computer technology made this possible but the expense in computer time for
one analysis is extremely high.

The solid element model according to Fig. 159 has been used by Ueda et al.
[255] to calculate the temperatures and stresses in a thick rectangular mild steel
plate with a continuously deposited short surfacing weld (typical for repair
welds). The temperature distribution on the surface of the plate in the weld
centre line at times t, after end of welding is shown in Fig. 160. The temperature
maximum shifts from the end to the centre of the weld during cooling down. The
residual stresses after cooling are plotted in Fig. 161 for the border line of the
heat-affected zone 8 mm below the weld centre line (a) and for the vertical line
underneath the weld centre (b). Rather high triaxial tensile residual stresses
occur in the heat-affected zone and in the fused regions nearby. The stress
distribution ahead of the weld end is similar to the axisymmetric heat spot
behaviour (radial tension, tangential compression).

A long surfacing weld on a large rectangular steel plate (steel type HY80, size
500 x 400 x 12 mm?) has been investigated by Oddy, Goldak and Dill [257, 260]
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Fig. 159. Solid element model (c) of rectangular mild steel plate (a) with surfacing bead groove (b);
after Ueda et al. [255]

Fig. 160. Temperature profiles on
surface of plate in weld centre line
at times ¢, after end of welding,
surfacing bead on steel plate; after
Ueda et al. [255]
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Fig. 161. Residual stresses after cooling in border line of heat-affected zone 8 mm below the weld
centre line (a) and in vertical line underneath the weld centre (b); after Ueda et al. [255]

using the solid element model. The resulting residual stresses are highly depend-
ent on details of transformation modelling. The longitudinal residual stresses on
the plate surface plotted in Fig. 162 transversely to the weld depend on whether
or not volume change, yield strength hysteresis and transférmation plasticity are
included.

The single pass transverse butt weld in a plate strip specimen (gas metal arc
welded, V groove, mild steel) has been analysed by Tekriwal and Mazumder
[256] based on a solid element model. The largest stresses occur transverse to
the weld near the heat-affected zone boundary. The analysis comprises models
with different cut-off-temperatures lower than melting temperature (no strong
influence).



182 3 Welding residual stress and distortion

Fig. 162. Longitudinal residual stress on plate surface over transverse distance from weld, high-
tensile steel HY80 plate with surfacing weld, finite element analysis including volume change by
transformation, transformation plasticity and yield strength hysteresis (VC + TP + YH), the same
without transformation plasticity (VC + YH) or additionally without volume change (YH); after
Oddy, Goldak and Dill [257]

The circumferential weld in a thin walled pipe (CMn steel, outer diameter
203 mm, thickness 8.8 mm) has been analysed by Josefson and Karlsson et al.
[258,259] based on a fully three-dimensional model. The stresses in the weld
metal and heat-affected zone are found to be heavily dependent on the details of
transformation modelling.

Of course, the stated sensitivity of results in respect of transformation
modelling is not a characteristic of three-dimensional modelling. It can also be
demonstrated based on lower dimension modelling.

3.3 Shrinkage force and stress source models

3.3.1 Longitudinal shrinkage force model

The longitudinal residual stresses in oblong plate-like components, as well as the
related weld deformations, can be approximately determined proceeding from
the (longitudinal) shrinkage force of the weld and the zones close to it based on
a unidimensional elastic approach. It is imagined that, in place of the welds,
there are prestressed wires which apply a load on the initially stress-free
component. Shrinkage force refers to the prestressing force of the tensioning
element directly before it subjects the component to a load and is partially
relieved as a result of the elasticity of the component. The shrinkage force can be
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interpreted as the prestressing force of the component assumed to be rigid. It is
an initial force in the sense of the residual stress theory. A variant of the formula
uses, in place of the shrinkage force on the component imagined to be rigid, the
“active” (or “effective”) shrinkage force at the elastic component, which is in
equilibrium with the “reactive” compressive forces of the cross-section. Unfortu-
nately, a clear distinction is not always drawn between the two differently
defined shrinkage forces.

If the shrinkage force of the weld is known, it is possible, for example, to
determine the mean compressive prestress for a box girder with longitudinal
welds, which is required for stability studies [261]. The compressive prestress is
obtained from referring the total of the shrinkage forces of all the welds to the
rod cross-section area. Or, it is also possible to calculate the bending shrinkage
of girders with eccentric longitudinal weld, proceeding from the shrinkage force.

The quantitative relations in the simplest case of the plate strip unrestrained
from all sides and with centric longitudinal weld are presented in Fig. 163. The
weld cross-section area is subjected to tension o, at the level of the yield limit
oy. Its width w, is equated in the sense of an approximation to the width wy, of
the plastic zone. The compressive stress g, follows from the equilibrium condi-
tion:

o= —Oe— = gy (137)
w—w, W — Wy
The (longitudinal) shrinkage force F,, which is assumed to be known, is reflected
in the width of the plastic zone w,,:

Fs = (Ute - O-C)W!h = (JY - OPc)wplh- (138)
A comparison of areas in Fig. 163 results alternatively in:

F,= —o.wh (139)

Fig. 163. Longitudinal residual stresses (b) in plate strip with centric longitudinal weld (a), all plate
edges unrestrained, stress distribution greatly simplified
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Consequently, the shrinkage force F; is supported by the entire cross-section
(not so the active shrinkage force).

Only in the case of the (longitudinally) rigidly supported (or also infinitely
wide elastic) plate strip, is F; identical with the resultant of the tensile zone, i.e.
with the active shrinkage force:

F, = o wh = oywyh. (140)

For the plate strip with the weld arranged eccentrically, the stress distribution
which results with linear bending stress distribution (this means that the cross-
sections remain plane), is presented in Fig, 164. Finally, the combined case of
a T section bar with a web-to-flange weld is shown in Fig. 165. The flange plate
is jointed centrically and the web plate eccentrically. The content of Figs. 164
and 165 is reflected in equations which are similar to equations (137) to (139) but
more complex.

The shrinkage force and the size of the plastic zone which essentially
determines the former depend primarily on the welding process parameters as
well as on the thermomechanical material characteristic values and secondarily
on the longitudinal stiffness of the component and on the heat flow in the welded
joint.

The decisive parameters of the welding process are the heat input q and the
welding speed v, combined into the heat input per unit length of weld g,
according to equation (3). The width of the plastic zone increases as heat input
rises and welding speed drops, respectively. Approximation formulae therefore
bring the shrinkage force F, into relation with the heat input per unit length of
weld g,,. For mild structural steels, for example,

F, =~ 170q,, (141)

Fig. 164. Longitudinal residual
stresses in plate strip with eccentric
longitudinal weld, all plate edges
unrestrained, stress distribution
greatly simplified; after Hansch [7]
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Fig. 165. Longitudinal residual stresses in T section bar with web-to-flange fillet weld, longitudinal
edges of bar unrestrained, stress distribution greatly simplified; after Hansch [7]

is stated in Ref. [7, 8] proceeding from equation (149). The heat input q,, should
be inserted in [J/mm] in order to obtain F; in [N]. The width wy, of the plastic
zone follows from equations (140) and (141):
dw
~ 170 —. 142
Wpl hO’Y ( )
The heat input per unit length of weld g, in turn is set proportional to the

volume of the molten filler metal per unit of weld length or to the weld
cross-section area A,,.

qw =kA,. (143)

The proportionality factor k is stated to be k = 61 for covered electrode welding,
k = 41 for gas metal arc welding and k = 72 for submerged arc welding (see
Ref. [7]) if A,, is inserted in [mm?] and gq,, is expected in [J/mm].

In multi-pass welding (number of passes n), the longitudinal shrinkage force
according to equation (141) should be multiplied by the correction factor k,:

axn"23 (144)

In single-pass and multi-pass double fillet welding, k, according to equation
(144) should be further modified depending on the welding sequence [7].

In intermittent (i.e. string) welding with the string weld length I, and the
related string weld interspace length [;, on the other hand, the correction factor
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k; should be introduced:

PRGN (145)

lst + li

This factor applies roughly also to spot welds if, in place of the string and string
interspace length, the corresponding parameters of the spot weld, i.e. weld spot
diameter and weld spot interspace (the pitch), are inserted into equation (145).
A more exact formula for the longitudinal shrinkage force of the spot weld is
stated by Okerblom for mild steel in Ref. [8]:

Biot
e*

F, =184

d?so. (146)

The formula comprises the welded total plate thickness A, joined by welding,
the weld spot interspace e* and the diameter d,s, of the plate area heated to
about 150 °C (d, s, should be inserted in [mm] in order to obtain F; in [ N]).

Only the mean value of the tensile longtitudinal stresses is determined for
string and spot welds with F according to equations (141), (143), (145) and (146),
respectively. The more precise stress profile is wave-shaped with an increase up
to the value of the continuous weld in the centre of the string or spot weld and
with a reduction in between down to zero.

The decisive material parameters in respect of the shrinkage force or of the
width of the plastic zone are the yield limit ¢y, the elastic modulus E and the
thermal expansion coefficient «. These parameters determine the unloading as
a result of cooling, proceeding from the compressive yield limit until the tensile
yield limit is reached. This is presented in Fig. 166 for a rod made of low-
strength structural steel rigidly restrained at both ends [261]. The temperature
difference AT, which can be sustained with elastic unloading, is all the greater,
the plastic zone consequently all the narrower; the larger oy and the smaller
E and « are:

20y
ATa=% (147)
Equation (147) gives AT, ~ 180°C for the mild structural steel in Fig. 166.
Consequently, for this material the plastic zone can be approximately set equal
to the area heated to above 200 °C, assuming the weld is rigidly supported in
longitudinal direction. The required temperature conditions in the weld area can
be determined by measurement or by calculation.

In a simpler form (yield limit ¢y temperature-independent and no harden-
ing), the above procedure is used in Ref. [262] for approximately determining
the longitudinal residual stresses in the entire cross-section under the condition
of rigid supports, whereby the post-weld global rise in temperature, AT, of the
component is also taken into account (Fig. 167). In the weld area, the tensile
yield limit is reached via OACD, in the outer area the compressive stress o, via
OZ and in the intermediate area a transition state which depends on the
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locally attained maximum temperature via OABY. Hence, with rigid supports:

= — ECXAT().

(148)

The material influence can also be determined on the basis of the maximum
temperature profile according to equation (49) for the rapidly moving high-
performance source and from an approximation (obviously) in accordance with
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Fig. 129 for the elastic compressive shortening which accompanies the shrinkage
force (according to Ref. [2], equation (52) in Ref. [7], derivation unclear; shrink-
age strain ¢¥, longitudinal stiffness factor y; = 0.335):

oF = (149)

This expression results in the shrinkage force according to equation (141) for
mild structural steel [7].

In addition, the (longitudinal) stiffness of the component or plate strip has an
(in general secondary) influence on the shrinkage force or on the width of the
plastic zone. A reduction in stiffness compared to the rigid support results in
a narrowing of the plastic zone and thus in a reduction of the shrinkage force.
This occurs, assuming unrestrained plate strip ends, with reduced plate width or
eccentric weld (as a consequence of bending deformation). The different condi-
tions in the narrow longitudinally unrestrained plate strip compared to the
infinitely wide longitudinally rigidly supported plate strip are presented in
Fig. 168 in continuation of the model according to Fig. 129. In the longitud-
inally rigidly supported wide plate strip, the part of the thermal residual strains
r, shown shaded in Fig. 168a, occurs as residual stress. In the longitudinally
unrestrained narrow plate strip, the zero stress level is raised, on the one hand as
a result of the unrestrained formation of the averaged cooling strain, on the
other hand as a result of the compressive elasticity of the plate strip. The width
w,o of the tensile zone in the wide plate strip is thus reduced to the width w, of the
tensile zone in the narrow plate strip. Elaboration in terms of a formula [8] of
the relation between w, and w,o, which is more clearly presented graphically in
Fig. 168, is dispensed with here.

Fig. 168. Width of plastic zone, w, and w,, infinite plate (a) and infinite plate strip (b); after
Vinokurov [8]
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Fig. 169. Plastic zones in different joints (a) to (d), and superposition effect of successively deposited
fillet welds (d)

The allocation of the heat input to the plates connected in the joint should be
estimated for welded joints which deviate from the butt or corner weld between
two plates of equal thickness in order to determine position and, also to a certain
extent, size of the plastic zone. This should always be performed if the thick-
nesses of the jointed plates are different, if the plates are staggered (e.g. lap joint)
or if more than two plates are connected in the joint (e.g. T joint).

The heat input is allocated according to the “reduced thicknesses” of the
plates connected in the joint, through-plates being treated as two plates [2]. The
heat input g; in plate i of n plates results from the (effective) total heat input
q and the plate thicknesses h, according to:

h;

n q.
2 h
v=1

To illustrate this, the welded joints of Fig. 169 are considered. The corner joint
with a uniform plate thickness behaves like a butt joint with equal heat flows.
Lap joint and T joint subdivide the heat flow in the ratio of the plate thicknesses.
If the two fillet welds at the T joint are deposited one after the other, with
intermediate cooling, the relevant plastic zones are superimposed. The total
plastic zone is then only approximately 15% larger than the plastic zone of the
single weld [8]. Reference is made in Fig. 152 to the correlation between the size
of the plastic zone and the post-weld rise of temperature AT (to be understood
as related to the considered joint part).

The representation of the shrinkage force or plastic zone size as a function
also of secondary parameters such as longitudinal stiffness and heat flow does
not, however, constitute the actual contents of the shrinkage force model,
namely the shrinkage force being dependent on process and material only and
independent of type, geometry and dimensions of the welded joint and compon-
ent, for example in accordance with equations (141) or (142).

g = (150)

3.3.2 Transverse shrinkage force model

Whereas the weld-longitudinal residual stresses as “constraint stresses” depend
only secondarily on the degree of the (longitudinal and transverse) restraint of
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Fig. 170. Residual stresses transverse to weld, o, in the form of membrane reaction stress caused by
suppressed transverse shrinkage (a) and of bending reaction stress caused by suppressed angular
shrinkage (b, ¢)

the parts connected by welding, the weld-transverse residual stresses depend
decisively thereon. The transverse shrinkage 4, of the weld and of the heated
area close to the weld causes all the higher transverse stresses the more rigidly
and the more shortly the parts are fixed transversely. For the butt weld between
two rigidly restrained plates (straining length [), (Fig. 170a), this results within
the framework of a one-dimensional consideration, in the transverse stress oy, as
an elastic reaction stress (elastic modulus E) originating from the transverse
shrinkage 4,,:

_AE

Oy l (151)

The related (active) transverse shrinkage force F;, follows with the cross-section
area A of the plate:

Fy =0, A. (152)

The transverse shrinkage 4,, is determined with unrestrained (i.e. free) plate
edges (see Section 3.5.2) and transferred to the restrained plate in accordance
with equation (151), whereby it is assumed that the yield limit oy is not exceeded.
In case that plastic transverse shrinkage superimposes, 4, should be reduced
accordingly.

The transverse residual stresses in string and spot welds in transversely
unrestrained plates consist of transverse tension in the string or spot weld areas
and transverse compression in the areas between them (in the case of gap-free
welding). These stresses are shifted in the direction of higher tension in trans-
versely restrained plates.

The transverse bending stresses arising from restrained angular shrinkage
Af can be determined using the engineering beam theory in an appropriate
manner, e.g. for restraint conditions according to Figs. 170b and 170c, provided
Ap is known (approximations of Af in Section 3.5.4).
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Fig. 171. Groove model for determining transverse residual stresses in multi-layer welding (a),
angular shrinkage allowed (b) or suppressed (c); after Vinokurov [8]

The transverse residual stresses during and after multi-pass welding can also
be approximately determined on the basis of shrinkage forces. The groove filling
model according to Fig. 171a is used for this purpose [8]. The constant surface
shrinkage stress o, is moved together with increasing groove filling, giving rise
to membrane and bending stresses in the already filled groove longitudinal
section. The root pass with thickness a, is introduced as being initially free of
shrinkage stress. The integration following joint filling in the case of unre-
strained plate edges, and, accordingly, severe angular shrinkage, results in the
transverse stress distribution according to Fig. 171b with tension at the weld
root. If, by contrast, the angular shrinkage is completely suppressed, which can
occur only incompletely in practice, this results in the transverse stress distribu-
tion according to Fig. 171¢ with compression at the weld root.

The transverse shrinkage force model has been further developed in respect
of underbead, root and laminar cracks, as well as in respect of the related cold
crack testing (rigidly restrained plate with transverse weld, i.e. rigid restraint
cracking (RRC) test, or also unrestrained rectangular plate with slot weld)
[265-269, 297, 298]. Of interest as the least favourable case is the thin weld
between thick plates as a simulation of tack welding or of the first pass of
a multi-pass weld. The conditions are relatively clear only at the rigidly, or also
elastically, restrained plate with transverse weld.

The (unrestrained) transverse shrinkage 4,, is introduced as the parameter
independent of the degree of restraint of the weld. It can be determined by
measurement or by approximative calculation according to equations (166),
(168), (169) or (172). The reaction forces which are obtained for restrained
transverse shrinkage depend on the stiffness of the weld and of the restrained
plates. This is presented in Fig. 172 for clamping a plate strip with short and
long straining length for the purpose of comparison, with the elastic curve of the
clamped plates in both cases in the left part of the diagram, the elastic-plastic
curve of the weld (subjected to transverse load) in both cases in the right part of
the diagram. The transverse shrinkage force F¥ per unit of weld length is plotted
versus the plate elongation Al and versus the weld transverse deformation Aw*
respectively, The mutual prestressing (or counter-loading) is obtained by pro-
ceeding from the transverse shrinkage 4,,. In the cases presented, the yield limit
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Fig. 172. Counter-loading diagram of tensile specimen with transverse weld clamped with long
straining length (a) or short straining length (b), equal transverse shrinkage 4,,; after Satoh [267]

is not exceeded in the weld with long straining length, but it is with short
straining length. The stiffness of the clamped plates characterized by the inclina-
tion angle 6 of the force-displacement curve is designated as the restraint
intensity R acting on the weld:
_ _F&  Eh
R=tanf = Al =7 T
The restraint intensity R may be interpreted as the force per unit of weld length
which produces the unit of transverse elongation Al = 1. The shape factor n*
according to Fig. 173 takes into account the reduction in stiffness of the clamped
plates caused by inhomogeneous stress distribution in areas close to the weld
while the transverse stiffiness of the weld is accounted for separately by means of
Aw* in the counter-loading diagram of Fig. 172.
In respect of the reaction stress in the plate, o,, = F */h (h plate thickness), or
in the weld, o = F%/a (a weld thickness), this results with equation (153) and
Al = A, for Aw*«< Al in:

(153)

A
0y = Rf, (154)
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Fig. 173. Shape factor n* of
restraint intensity R of
tensile specimen with
transverse weld dependent
on thickness ratio; after
Ueda, Fukuda and Kim
[269]

ok =R=Y, (155)

The transverse shrinkage force model is refined in Ref. [280] to the effect that
a distinction is made, in evaluating appropriate strain measurements, between
the deformation restraint of the weld area in itself, recognizable from the strain
drop alongside the weld, and the deformation restraint as a result of the
adjoining plates, recognizable from the constant level of strain. The model is
extended in Ref. [269] to the slot weld in the rectangular plate. The transverse
shrinkage 4., can be introduced as constant only in the middle section of the
weld length I, in order to obtain a transverse stress profile with ¢, = oy over the
length I, at the weld ends and a parabolic drop over the length I to the centre of
the weld length. The restraint intensity R turns out to be lowest in the centre of
the weld and highest at the ends (singular behaviour).

3.3.3 Application to cylindrical and spherical shells

The shrinkage force model can be applied advantageously to determine the
welding residual stresses in cylindrical and spherical shells. With cylindrical
shells, longitudinal and circumferential welds as well as ring welds at nozzles or
block flanges are of interest. Circumferential and ring welds are likewise found in
the case of spherical shells. A further possible application is the ring weld at the
flange of hemispherical caps.

If the shell (in reality or only in theory) is supported during welding and
cooling by inserted rings as a shape-stabilizing measure, the welding residual
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stresses are generated in a similar way as in the plane unrestrained membrane
plate. If the inserted ring is removed after welding, however, or is not even
inserted at all, considerable bending deformations and related bending residual
stresses occur. In the derivations below, the weld is assumed to be deposited
instantaneously over its whole length, which, in the case of circumferential and
ring welds, ensures axisymmetry of the model.

The longitudinal weld in the cylindrical shell causes bending deformation in
the longitudinal and (thus also) in the transverse direction as a consequence of
the longitudinal shrinkage force, with bending tension on the inside and bending
compression on the outside (see the deformation patterns in Fig. 194). The
(active) transverse shrinkage force F¥ per unit of weld length is relatively small
as a consequence of the low transverse stiffness of the cylindrical shell (radius R,
thickness h) after being cut longitudinally on the one side (equation (188) in
Ref. [8]):

A ER3

F* = .
7 24nR3

(156)

The (active) transverse shrinkage moment M % per unit of weld length, which is
additionally arising in the single-sided weld, follows from the angular shrinkage
Ap (equation (189) in Ref. [8]):

ABER?
24nR

MX = (157)
The circumferential weld in the cylindrical shell causes a marked constriction of
the shell as a consequence of the longitudinal shrinkage force. The deflections
and residual stresses can be represented on the basis of functional-analysis using
the shrinkage force model [8, 263, 264]. The starting point is the assumption of
a constant circumferential initial stress oo, over the width 2w, covering both
sides of the weld. The variables wy, (corresponding here to the half width of the
plastic zone) and g, can be determined experimentally or numerically; empirical
values exist additionally. In many cases, o, can be set equal to oy. The
conversion of this “residual stress source” into the membrane and bending
stresses of the cylindrical shell can be represented in terms of the engineering
theory of elastic cyindrical shells. The load case of constant radial pressure po

acting on a 2w, wide circumferential strip of the cylindrical shell is considered
with the equilibrium condition:

O'oh
Po="p (158)
This condition follows from the consideration that the circumferential strip with
initial stress o, and suppressed deflection produces the inside support pressure
Po, which is to be cancelled by an opposing outside pressure p, (or inside tension
— po) if the support is eliminated. For the load case reduced initially to a circum-
ferential line with pressure intensity p*, the deflection w follows an oscillatory
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curve dying out exponentially with transverse distance y from the weld (edge
disturbance solution of cylindrical shell theory):

*e Ay
w= <PD (sin 1y + cos 1y), (159)
3(1 —v?)
Eh?
D=—rnr—— 6
12(1 = v?) (161)

The circumferential strip solution is gained by integrating the circumferential
line solution. The relations which result for the deflections w, circumferential
stresses 0o (in the middle plane of the cylindrical shell) and axial bending
stresses 0,0 in the centre plane of the circumferential weld (y = 0) are as follows
(Fig. 174) (the variables are designated as maximum values in Ref. [264]):

UoR

Wo = —+— E

(1 — e~ **® cos Awpy) (162)

Ocio = G "% cos Awy, (163)
020 = 360+/3(1 — v*) e~ **®'sin Aw,,. (164)

The deflection wy rises with Awy, ()wp. = ( corresponds to the plane plate) from
zero up to a maximum value for Aw, = 3n/4. The (membrane) circumferential
stress oo (in the middle plane of the cylindrical shell) drops from a (tension)
maximum for Aw, =0 to a (compression) minimum for Awp = 3n/4. The
(bending) axial stress ¢,o on the inside and outside, respectively, of the shell
reaches a maximum for Aw,, = n/4. Whereas w, and oo mainly drop with Aw,,
they rise and subsequently drop with a,, [264].

The circumferential and axial stresses for the circumferential weld in the
cylindrical shell have been calculated in Ref. [263], proceeding from the shrink-
age force of the corresponding plate longitudinal weld. The width of the plastic
zone was determined in accordance with Ref. [262] (see also Fig. (167)). Fig-
ure 175 shows the longitudinal residual stresses in the plate, Fig. 176 the
circumferential and axial residual stresses in the cylindrical shell, in both cases
compared with the results of stress measurements. The circumferential stresses
in the cylindrical shell are significantly lower than the longitudinal stresses in the
plate. High axial bending stresses occur transverse to the circumferential weld in
the cylindrical shell.

The analysis of the cylindrical shell with circumferential weld described
above is based on the assumption of constant initial stresses ¢, over the
cross-section of the circumferential strip, which corresponds only approximately
to reality. The model ignores bending effects which originate from the asym-
metry of the welding groove or the welding operation. Consequently, they
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Fig. 174. Deflection wy, circumferential residual stress o, and axial bending residual stress g,¢ in
centre cross-section of cylindrical shell with circumferential weld, circumferential residual stress
source o, in plastic ring zone of width 2w,,; after Guan and Liu [264]

describe the residual stresses, for example of a two-pass V groove circumferen-
tial weld, only inadequately. In particular the bending stresses o, may be
significantly increased as a result of the asymmetry. The modelling is finally
based on a supporting ring, which is not removed until after welding. The
conditions which exist in the case of unrestrained shrinkage without supporting
ring are admittedly similar, but not identical.

The analysis presented here for the cylindrical shell can be conducted in
a corresponding manner for the spherical and toroidal shell.

In the case of aluminium alloys, the bulging may occur instead of constric-
tion with circumferential welds. This reversal is explained by the wider heating-
up zone transverse to the weld, which deflects elastic-plastically to the outside of
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Fig. 176. Axial and circumferential
residual stresses in cylindrical shell
with circumferential weld,

the shell. The post-weld residual stress distribution is not significantly changed
as a result of this, however.

The residual stress distribution at ring welds (nozzle and block flange welds
in cylindrical and spherical shells) is considerably complicated by the interaction
of the longtitudinal and transverse shrinkage forces. The conditions in the case
of a plane plate with a circular patch inserted by welding have been presented in
Fig. 138. The conditions in this case are already very complex and manifold
variants are possible (radial stresses for example between zero and the yield
limit). The distribution changes when considering the curved shell instead of the
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plane plate, and bending effects occur additionally to the membrane stresses.
The radial tension of the inserted part in the circumferential direction of the shell
results in the inserted part being drawn into the shell, with the result that
bending tension occurs on the inside and bending compression on the outside
(approximation formulae for this are given in Ref. [8]). Heat spots in shells
produce corrugation for the same reason, and not smoothing as in the plane
case.

3.3.4 Residual stress source model

Residual stresses originate, as has been shown, as a consequence of in-
homogeneous permanent deformations in components which, apart from this,
behave elastically. In components with welding residual stresses, the permanent
deformations are limited to the weld and its immediately surrounding area. This
is where the large thermal and transformation strains occur in the course of the
welding process and, in their train, the plastic deformations. Only in special
cases do plastic deformations caused by welding also occur outside of the weld
zones, for example at cracks and sharp notches. Welding residual stresses in the
entire component can thus be attributed for the most part to permanent
deformations in the weld zone.

The, in modelling terms, extremely complex explanation of the residual
stresses based on the thermal and mechanical processes during welding can be
substituted for the sake of simplicity by a fictitious, purely elastic correlation
(which is independent of the stress and strain course during welding) of the
residual stresses with local “extra strains” (these being incompatible strain
components), “(macro) dislocations” (these being discontinuous displacement
components) or “residual stress sources” (these being the non-equilibrium stres-
ses which are assigned elastically to the extra strain). The possibility and single-
valuedness of the purely elastic model requires to be examined in the individual
case and assured by additional assumptions relating to the distribution func-
tions (according to Reissner [270] single-valuedness is not given in the case of
a general residual stress distribution).

Residual stress source distributions for weld seams also cannot be measured
directly, but must be calculated back from measured residual stress parameters.
The basis of this calculation is an elastic model for the component in question
under the effect of residual stress sources, i.c. in simple cases a rod, beam,
membrane, plate or shell model. This modelling and numerical processing is
comparable with that which requires to be performed for the residual stress
calculation based on the resilience values of the part from which material is
removed in layers. The theoretical bases of the residual stress source method
were developed by Reissner [270] and Rieder [271] and harnessed for welding
residual stress problems by Schimméller [272].

The solutions in Ref. [11,273] according to the residual stress source
method presented below have not proven to be generally practicable. The very
successful practical application of the residual stress source method in combina-
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tion with resilience measurements, on the other hand, is presented in Section
3.6.3.

According to Schénbach [273], a residual longitudinal stress source function
with cos?-profile can be assumed over the width of the plastic zone for longitud-
inal welds on plate strips made of mild or low-alloy steel. The value &g, €qual
0.001 to 0.004 has proven to be a realistic maximum value of the extra strain in
the weld longitudinal direction. The result of an analysis based on the residual
stress source method in combination with beam bending theory for a plate strip
manufactured from structural steel St37 with single-side edge surfacing weld is
presented in Fig. 177.

A special form of the residual stress source method is the analysis method
conceived in Japan and applied there to the cold cracking test specimen
(rectangular plate with two slot welds in Y groove arranged in alignment one
after the other, the Tekken weld test) [11]. Transverse strain dislocations
¢o, derived from transverse shrinkage measurements and longitudinal residual
stress sources oq derived from longitudinal residual stress measurements are
combined. The integral equations which occur in treating the related elastic
plate problem show an analogy to the aerodynamic wing theory and are treated
according to the methods developed there.

The linearized residual stress source method, described above in its basic
principles, has no practical significance for estimating unknown welding resid-
ual stresses in the absence of measurements. The residual stress source distribu-
tion is dependent to a complex extent on the material, dimensional, shape and
restraining conditions. Questions concerning single-valuedness and accuracy
remain open. The calculation of the residual stresses from the residual stress
sources is, in general, not elementary. The residual stress source does not,
therefore, lead to the desired information reduction.

This statement is not, however, intended to be generally disparaging of
analyses which proceed from residual stress sources or extra strains. The
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shrinkage force models described are a useful special case of residual stress
sources. The very successful determination of residual stresses from measured
resilience parameters of the part from which material is removed in layers (see
Section 3.6.3) is based on residual stress sources. And the incremental analysis
algorithms relating to non-linear finite element structural models are likewise
based on the concept of the residual stress sources or extra strains; in this case
termed initial stresses or initial strains.

3.4 Overview of welding residual stresses

3.4.1 General statements

The results of analysis presented in Sections 3.2 and 3.3 serve primarily to
demonstrate analysis methods without generally providing any coherent picture
for practice. A brief overview of the principal statements of relevance for practice
is possible, however, by including experimental findings.

The following statements apply irrespective of welding method, material
selection and design detail:

— Particularly high multiaxial residual stresses occur in the fusion or pressure
zone of the welded joint as well as in its heat-affected zone (zones of residual
stress sources).

— The maximum residual stresses generally reach the yield limit (without hard-
ening), although higher values are possible as a result of strain hardening as
well as stress multiaxiality, and lower values as a result of superimposed
transformation strains.

— The residual stresses may vary greatly from point to point in the fusion zone
and heat-affected zone.

— Greatly differing residual stresses may occur on the surface and in the interior
of parts particularly in the case of transforming alloyed metals.

— Considerable differences exist in respect of the residual transverse stresses
between the longitudinal weld of a plate strip and the circumferential weld of
a cylindrical or spherical shell, as a result of the constriction of the circum-
ferential weld.

- Particularly unfavourable welding residual stress states occur in many cases
at the weld ends.

— Considerable differences exist in respect of the residual stresses between the
single-pass and the multi-pass weld; only the first and last pass of the
multi-pass weld behaves similarly to a single-pass weld; the remaining passes
are preheated by the preceding passes and post-weld heat-treated by the
subsequent passes.

3.4.2 Weld-longitudinal residual stresses

Weld-longitudinal residual stresses arise as a result of the longitudinal contrac-
tion of the weld as it cools down, in certain cases superimposed by opposing
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Fig. 178. Weld-longitudinal residual stresses, stress profile variants: mild steel (a), aluminium alloy
(b), high-alloy structural steel with ferritic (c) and austenitic (d) filler metal

transformation processes. The different distributions presented in Fig. 178 can
be observed. The basis of the presentation is a plate strip with centric longitu-
dinal weld treated as a plane model. In mild and low-alloy steel, the simple
distribution occurs with high tensile stresses (reaching the yield limit) in the weld
and lower compressive stresses alongside to it (the W shape) (Fig. 178a). Such
a distribution also occurs in the case of titanium, whereby the maximum stress is
usually somewhat below the yield limit. In aluminium alloys, the maximum
stress is likewise below the yield limit, but with a slight superimposed trough in
the weld (Fig. 178b). In high-alloy steels with ferritic weld metal, the stress in the
weld centre is displaced into the compression range (the M shape) as a conse-
quence of the austenite-ferrite transformation at low temperature (Fig. 178c; see
also Fig. 10). If, on the other hand, an austenitic electrode is used, the yield limit
Oy Of the weld metal is reached in the weld. A compressive stress trough occurs
to the right and left of that in the heat-affected zone, caused by transformation of
the base metal after heating to above the transformation temperature A.;.
Further to the outside, the relatively high yield limit gy of the base metal is
reached as a consequence of heating to below A, (Fig. 178d). Even further to
the outside, an additional reversal into the low tension range may occur as
a consequence of the complex formation mechanism of residual stresses. The
zones of particularly high tensile stresses prone to cold cracking occur in or close
to the weld in accordance with the basic presentation of Fig. 178, depending on
base and filler metal combination and process parameters. The great differences
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in stresses caused by the different cooling conditions on the surface and in the
interior are shown for example in Fig. 140.

Longitudinal stress maximum values relative to yield limit based on prac-
tice-oriented experiments are summarized in Table 3. The reduction in max-
imum stress compared to the yield limit observed in the case of aluminium and
titanium alloys is attributed in Ref. [8] to the shear warping of the cross-section
as the heat source passes through. The warping, in turn, is the result of the
elasticity of the component. This effect is more severe if the heat source is
moving slower and the coefficient of thermal diffusivity of the metal is larger (it is
particularly large in the case of aluminium and titanium alloys). Further results
for aluminium alloys are presented in Ref. [286]. Stress levels up to the 0.2%
offset yield limit have been measured on various welded joints.

The longitudinal residual stresses drop to zero at the transverse plate edge or
the weld end. On the basis of elasticity theory, St Venant’s Principle applies to
such a stress drop, according to which the length of the drop range corresponds
approximately to the width of the plate. The reduction in longitudinal resi-
dual stresses in plastically deformed zones, by comparison, takes place more
rapidly.

Relatively short and narrow rectangular plates with a continuous or intermit-
tent, through-welded or surfacing longitudinal weld used as brittle fracture
specimens have been examined in respect of longitudinal residual stresses
(Figs. 8 and 179). The rectangular plate with intermittent slot weld used as a hot
cracking specimen has also been analysed (Fig. 151). The weld longitudinal

Table 3. Maximum value of longitudinal residual stress, 0,ny,,, in welds compared
with yield limit, oy, for different base metals; after Vinokurov [8]

Base metal oy[N/mm?] 0, 0 [(N/mm?]
Mild and low-alloy steels 210-240 210-240
Austenitic steels, non-hardened 280-300 280-350
Aluminium alloy AIMg6 160 80-120
Titanium alloy 500-700 300-400

Fig. 179. Weld-longitudinal
residual stresses in bead bend test
specimen of low-alloy structural
steel St52; experimental results after
Kléppel [275]
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Fig. 180. Weld-longitudinal
residual stresses in I section girder
with web-to-flange welds, low-
alloy structural steel St52;
experimental results after
Kloppel [275]

Fig. 181. Weld-longitudinal residual stresses in I section girder with web-to-flange fillet welds, mild
steel; experimental results after Vinokurov [8]
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residual stresses in I section girders display the profile known from the plate
strip (Figs. 180 and 181). In the case of multi-pass welds, the statements of this
section are approximately correct only in the case of the weld pass which is
deposited last.

3.4.3 Weld-transverse residual stresses

Weld-transverse residual stresses arise directly as a result of the transverse
contraction of the weld as it cools down, and indirectly as a result of its
longitudinal contraction. In addition, the different cooling processes on the
surface and in the interior as well as possible superimposed transformation
processes are influencing factors. The groove gap opening or closing, which can
be observed experimentally, takes place primarily at high temperature with
a correspondingly low yield limit, so that it has scarcely any influence on
residual stresses.

Transverse residual stresses at the butt weld in plates with unrestrained
edges are primarily caused by restrained longitudinal contraction. A weld
deposited instantaneously between two plates produces gaping in the middle
section of the weld length if the weld cools down without transverse restraint
(Fig. 182a). Accordingly, if the weld cools down transversely connected, trans-
verse compression arises at the weld ends with a change to transverse tension
when approaching the middle section of the weld length. The distribution which
results for short plates is shown in Fig. 182b. A weld produced with slowly
moving source, by contrast, results in high transverse tension at the weld end,
thereby possibly causing incipient cracking (Fig. 205¢). This is also true for the
ends of intermittent welds (see Fig. 151). The above transverse stresses which are
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constant over the plate thickness are superimposed by transverse stresses
varying over the plate thickness (compression on the surface, tension in the
interior) which result from different cooling conditions on the surface and in the
interior (Fig. 182d). The three-dimensional stress state in a welded joint with
V groove butt weld has been measured by Gunnert [4] (Fig. 183). The lack of the
triaxial tensile stress state in the interior of the weld cannot be generalized. The
applied method of measurement does not permit any all too accurate statement
in the case considered.

In plates with restrained edges, the restrained transverse contraction of the
weld and surrounding area determines the transverse residual stresses. Stresses
resulting from restrained angular shrinkage may be superimposed.

The conditions are more complicated with metals subjected to microstruc-
tural transformation, and a reversal of the stress signs may occur. Figure 184
shows by way of example the transverse residual stresses in the surface of an
electron beam welded plate made of an alloyed, martensitic-hardening steel,
measured by the X-ray method. The stresses vary greatly within a confined area
as a consequence of the concentrated high power heat input and large welding
speed. They are consistent in qualitative terms with the calculated profile
according to Fig. 140. The variety and complexity of possible distributions
shown in Fig. 178 in respect to longitudinal residual stresses is also true for
transverse residual stresses.

Fig. 183. Transverse residual
stresses (a, b) and longitudinal
residual stresses (c) in plate
with V groove butt weld;
experimental results after
Gunnert [4]
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Fig. 184. Weld-transverse residual stresses in surface of electron beam butt welded plate of steel
X2NiCrMo1885, thickness 6 mm, welding speed v = 65 mm/s, experimental results based on X-ray
stress measurement; after Wohlfahrt [277]

The transverse residual stresses in the circumferential weld of cylindrical or
spherical shells differ essentially from those in plane plates as a result of the
superimposed bending stresses caused by the constriction of the shell (see
Sections 3.2.3 and 3.3.3). A characteristic feature is the tendency to transverse
tension at the weld root. Experimental results are detailed in Ref. [290].

In multi-pass butt welds in accordingly thicker plates, residual stresses which
are irregularly distributed over the plate thickness occur to an increased extent.
The last passes to be deposited encounter high shrinkage resistance in the
longitudinal and transverse direction (in the plane of the plate), with the result
that not only high longitudinal residual stresses occur but also high transverse
residual stresses reduced somewhat by preheating as a consequence of the passes
deposited earlier. The passes deposited first are subjected initially to tension,
and then later to compression, superimposed by strong bending effects in the
transverse direction. Transverse tension occurs at the root of the multi-pass butt
weld deposited from one side where angular shrinkage is unrestrained, and
transverse compression occurs where angular shrinkage is restrained. The resid-
ual stresses in the direction of the plate thickness, by contrast, are negligibly
small. The triaxial tensile residual stress state is largely avoided by multi-pass
welding.

The rises and drops of the transverse residual stress during multi-pass
welding at the specimen of the rigid restraint hot cracking test is shown in
Fig. 185. The reaction stress in the weld results from relating the measured
reaction force to the weld cross-section which is enlarged pass-by-pass [7, 278].
The stress is highest at the third and fourth pass and exceeds the yield limit.
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Consequently, enlarged straining lengths are necessary only up to the fourth
pass in the components which are simulated in the test.

The multi-pass longitudinal weld with double-V groove and groove-sym-
metrical weld passes in the cylindrical shell displays a soft transverse restraint
behaviour. With V groove and thus single-sided asymmetrical welding, a bend-
ing moment occurs as a result of restrained angular shrinkage, which reduces the
tensile stresses at the weld root; particularly, however, the high plastic tensile
strains in this area. In the multi-pass circumferential weld with V groove in the
cylindrical shell, the shrinkage bending moment increases as a result of the
suppression of angular shrinkage.

Residual stress measurements on multi-pass butt welds (e.g. in Ref. [8, 228,
229, 235, 280, 289]) generally confirm the above qualitative statements. They
may also, however, show considerable deviations, which are caused by trans-
formation processes, by preheating and post-weld heat-treatment measures as
well as by altered welding sequence and restraint conditions. The residual
stresses of multi-pass submerged-arc welds are compared in Ref. [279] with
those of single-pass electron beam welds considering the transforming steel
20MnMoNi55. With the same plate thickness, the residual stresses in sub-
merged-arc welds are higher and more extended than in electron beam welds.

The transverse (and longitudinal) residual stresses in the top and bottom
surface of a MnNi-alloyed steel plate (1250 x 820 x 35 mm) with submerged arc
multilayer welded butt joint have been determined using the cutting method
with surface layer removal [289]. The filler metal in the single-bevel groove had
a yield strength 50% higher than that of the base metal. The tensile longitudinal
stresses reach the higher yield stress; the transverse stresses do so only on the
bottom side at the weld root. The transverse stresses on the top side remain
below or even change into compression. Fracture mechanics specimens trans-
versely cut from the welded plate have the above longitudinal stresses mainly
released.
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The capability of the neutron diffraction method for measuring longitudinal
and transverse residual strains on the surface and in the interior of welded joints
is demonstrated by Ref. [287, 288]. The measuring results are compared with
results from finite element analysis. A gas tungsten arc welded surfacing bead on
a 8 mm thick stainless steel plate is considered in Ref. [287]. A hollow section
made of a cold-formed channel section bar closed by a plate strip joined by
longitudinal edge welds is considered in Ref. [288].

In electroslag welding, relatively thick plates (b > 100 mm) are joined in a
single-pass operation by means of resistance fusion welding. The groove has a
square shape with a gap width of approximately 30 mm (independent of plate
thickness). The welding speed is small in accordance with the large cross-section
of the weld. This results in the qualitative distribution of the residual stresses
described for single-pass welding, the level of which depends, among other
parameters, on the ratio of plate thickness to gap width. Compression prevails
on the surface transverse to the weld, and tension in the interior. With a large
plate thickness, the restraint of shrinkage in the plate thickness direction is no
longer negligibly small. Tensile stresses build up in this direction. As a result,
the triaxial tensile stress state, which causes part of the low notch ductility of the
electroslag welded metal, arises in the interior of the weld. Further details of the
residual stresses of electrosiag welds in plane plates and cylindrical shells are
reviewed in Ref. [8].

3.4.4 Residual stresses after spot-welding, cladding,
and flame cutting

The maximum welding residual stresses in spot-welded joints manufactured
from metals which undergo no major microstructural transformation occur on
the inside surface of the plates at the weld spot edge in the form of triaxial
tension, whereby the tangential stress may be increased beyond the (uniaxial)
yield limit (see Fig. 137). These high tensile levels are partially reduced in
spot-welded joints manufactured from metals with microstructural transforma-
tion (these include martensitic-hardening steels).

As regards the residual stress distribution in cladded steel, which is used
in boiler and vessel construction in respect of corrosive media, path-breaking
investigations have been performed by Schimméller [272, 281] (see also Ref.
[282, 283]). The aim of the investigations was a statement regarding the cor-
rosion risk of the cladding and the proneness of the bounding interface to
incipient cracking in the as-delivered state (roll-clad or explosive-clad) and
following annealing (920 °C/0.5 h) or cold stretching (10%). Tensile residual
stresses on the cladding surface or in the bounding interface should be avoided.
The plane-hydrostatic residual stresses have been calculated from the measured
strains which result from the removal of surface layers (see Section 3.6.3.2). The
material investigated was boiler steel (plate thickness 9 mm) with austenitic
CrNi steel cladding (cladding thickness | mm). In the as-delivered state, high
compressive stresses were found on the cladding surface with a sharp drop to
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Fig. 186. Plane-hydrostatic residual
stresses, 6, = o), in ferritic mild boiler steel
with austenitic roll cladding, as-delivered,
after annealing and after cold-stretching,
experimental results; after Schimmoller
[281] (ibid. mean values of ¢, and o, of
specimen types 1.1 to 1.3)

a maximum tensile value in the bonding face of the cladding (Fig. 12). Sub-
sequent annealing produces an unfavourable reversal of stress distributions,
subsequent cold stretching a severe stress change on the outer surface of the
cladding (Fig. 186).

Knowledge also exists regarding the residual stresses in flame cut edges and
its change as a result of subsequent thermal or mechanical treatment [284, 285].
The longitudinal residual stresses in the flame cut edge have been calculated
from the elastic resilience of related plate strips resulting from the removal of
edge layers (see Section 3.6.3.1). Compressive residual stresses occur in the flame
cut surface of carbon steels (St60-1 in Ref. [284]) as a result of martensitic-
hardening (severe drop in compressive stress and in hardness over approxim-
ately 0.5 mm normal to the edge); further inside tensile residual stresses prevail.
The level of the compressive residual stresses in the flame cut edge increases with
the cutting speed and decreases with the heat output of the flame. No hardening
occurs in the case of soft iron (a-iron) and thus also no compressive residual
stresses in the flame cut edge, but only tensile residual stresses originating from
thermal strains.

The effect of subsequent thermal or mechanical treatments has been investi-
gated using structural steel StE36 [285]. The residual stress profile perpendicu-
lar to the flame cut edge is shown in Fig. 11. It changes little as a result of
preheating (150 °C) during flame cutting, but hardening is reduced. Stresses and
hardening are diminished as a result of subsequent annealing (650 °C/0.5 h); as
a consequence of cold stretching (5 or 10%) high tensile residual stresses occur
in the flame cut edge (Fig. 187). The stress reduction to be expected after cold
stretching of homogeneous material does not occur here because the yield stress
is heavily increased in the flame cut edge as a result of hardening. The machining
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Fig. 187. Longitudinal residual stress ¢, in flame-
cut edge of structural steel StE36 as-delivered,
after annealing and after cold-stretching,
experimental results; after Schimmoller [285]

of the non-post-treated flame cut edge, which is undertaken in practice for
various reasons, results in a stress reversal into the tensile range already at a low
machining depth (approx. 0.5 mm).

3.5 Welding distortion

3.5.1 Model simplifications

Depending on the type of deformation and component, welding distortion is
assigned to the following classes:

— distortion in the plane of the welded component, e.g. longitudinal and trans-
verse shrinkage of welded plates;

— distortion perpendicular to the plane of the welded component, e.g. plane or
axisymmetrical angular shrinkage of welded plates;

— bending distortion of girders with longitudinal and transverse welds;

— twisting distortion of box girders with longitudinal welds;

— distortion of axisymmetric shells with meridional and circumferential welds.

Welding warpage, the buckling of thin-walled components as a consequence of
shrinkage forces, represent a special class.

The primary consideration in welding residual stress analysis is the indi-
vidual welded joint. All the details of the complex thermomechanical process
should, if possible, be simulated. Shrinkage forces and shrinkage displacements
(translation and rotation) following completion of the weld are the result of this
analysis. By contrast, the primary consideration in welding deformation analysis
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is the entire structure connected by welded joints, proceeding from the shrinkage
forces or shrinkage displacements of the individual welded joints, introduced as
initial forces or initial displacements. To the extent that the latter can be
determined, the stresses and deformations of the structure resulting therefrom
can be calculated quasi-elastically according to the engineering formulae of
structural analysis or, in more complicated cases, according to the finite element
method. The warpages can also be determined approximately in this manner.
The individual welds are instantaneously deposited in the model (i.e. there is no
steady weld deposit). If the quasi-elastic analysis reveals that the yield limit is
exceeded in the weld area, corrective reductions require to be made on the
shrinkage parameters.
The considered shrinkage parameters of the welded joint are:

— the longitudinal shrinkage force F, of straight and curved, butt and fillet
welds;

— the transverse shrinkage 4, of butt and fillet welds, determined on non-
restrained plates;

— the angular shrinkage Af for butt and fillet welds, determined on non-
restrained plates;

— the groove misalignment Az perpendicular to weld and plate as a consequence
of groove off-set during welding, e.g. in the case of vessel circumferential
welds,

- the groove misalignment Ax in the direction of the weld as a consequence of
groove longitudinal off-set during welding, e.g. in the case of twisting distor-
tion of longitudinally welded box girders;

— the groove gap closing or opening Ay as a consequence of groove transverse
off-set during welding.

The different types of welding deformation are dealt with in Sections 3.5.2 to
3.5.4 and the shrinkage parameters, which form the basis for the approximative
analysis of the total structure, are stated there. Further data, formulae and
application examples can be found in Ref. [10, 299-301]. Finally, warpage is
dealt with in Section 3.5.5.

3.5.2 Transverse shrinkage and groove transverse off-set

The key for the quantitative description of transverse shrinkage lies in the
non-restrained transverse off-set of the groove edges as a consequence of the
heat source moving along the edges. This transverse off-set can be approximated
by an elastic solution [8]. The elastic field of the infinite plate with stationary or
moving heat source is known, see Section 3.1.2. The relevant equations are
enlarged by a term for the particularly strong heat transfer to the surrounding
air in the vicinity of the heat source, to improve modelling accuracy. The elastic
field in the semi-infinite plate with stationary or moving source in the plate edge
is gained by cutting the infinite plate in the centre line and cancelling the
(transverse) stresses in this line through opposed, equally large edge forces.
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Functional-analysis solutions are available for the semi-infinite plate subjected
to edge forces of the considered type.

A numerical result for the semi-infinite plate with a heat source moving
uniformly along the edge is presented in Fig. 188 for a specific practice-oriented
parameter selection. The (groove) edge transverse displacement A, rises rapidly
ahead of the heat source, achieves its maximum value at the source and drops
slowly after the source. The drop, however, only occurs with heat transfer to the
surrounding air. In the absence of heat transfer, the transverse displacement
remains constant despite the temperature equalization as a result of heat
diffusion. The maximum value of the transverse displacement gained by the
purely elastic solution is stated in Ref. [8] (with heat input g of the infinite plate):

Bomax = o (165)
The welding process is now considered with and without groove gap. With
groove gap, the transverse closing displacement of the groove 24, can take place
unrestrained. At the maximum value, 24.,,,, joining occurs through the weld
seam. If adequate strength existed directly after the welding heat source, the
transverse shrinkage would start immediately as a result of cooling. In reality,
transverse plastic yield prevails at high temperature, so that the transverse
shrinkage does not start within a small distance after the source (the distance
can be estimated on the basis of the temperature field and the temperature
dependence of the yield limit). The transverse shrinkage is thus reduced by
a plastic portion, which depends on the material properties and the intensity of
the heat transfer to the surrounding air. The transverse shrinkage 4,, after
welding with groove gap is therefore given with 24.,,, according to equa-
tion (165), g, = q/v and transverse stiffness factor p, = 0.75-0.85 (see Ref. [8]):

204,
coh’

A, = 1 (166)
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In welding without gap or with fixed gap, the two groove edges press against one
another ahead of the source, at first elastically, then elastic-plastically, so that
24.max 1 additionally reduced. At the same time, however, the transverse plastic
yield after the source is also reduced. According to Ref. [8], the transverse
shrinkage during welding without gap is somewhat less than the transverse
shrinkage during welding with gap. The lack of gap movability, however, may
also exist as a result of tack spots, tack welds or groove wedges. The transverse
shrinkage 4, after welding without groove gap or with fixed groove gap is
approximated by equation (166) with y, = 0.5-0.7 (see Ref. [8]).

An expression for the transverse shrinkage 4,, in the form of equation (166) is
obtained in a more simple manner from the unrestrained cooling shrinkage of
a plate strip (length [, thickness h) with transverse weld. The heat input per unit
length of weld gq,, produces the mean temperature increase

qw
AT, = 2.
> = o (167)

With 4, = aAT,l, it follows that:

4, =4 (168)
coh

The older approximation formulae used in practice (see Ref. [280, 291-295]) are
based partially on this formulation. After inserting the material characteristic
values for mild structural steel and substituting the heat input per unit length of
weld by the weld cross-section area (for example in accordance with equation
(143) or on the basis of the groove cross-section), the result for the butt weld with
a mean groove width w, is for example (see Ref. [280]):

Ay = 0.17w,. (169)

An alternative consideration, leading to equation (168), proceeds from the
maximum temperature Strain &rma, = %oy (Tmax according to equation (49))
and integrates this strain (understood as transverse strain) transverse to the weld
between weld and plate edge, while neglecting the temperature strains at
vanishing yield stress at high temperature (e.g. T, > 600°C). In addition,
a correction for the transverse restraint caused by the cooling weld after the
source is inserted as is also, as the case may be, an allowance for shrinkage of the
material in the groove. The relevant stiffness factor g, is, according to Ref. [2] or
[7] (ibid., e.g. equation (101)), dependent on the length of the plastic zone in
weld direction, I, relative to the weld length, I, (this is not the case for the
longitudinal shrinkage strain in equation (149)). This results in equation (166)
with

1
2 = —— + 0335 (170)
14+
3,
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In intermittent welding without a groove gap, the transverse shrinkage, 4,,, is
reduced in the ratio of the string weld length, I, to the sum of string length, I,
and string interspace length, I;, resulting in

Ly

Ay = Ay —2—.
' Tl +

171)
In intermittent welding with a groove gap, the transverse shrinkage, 4,,, occurs
without reduction.

The T joint with single-sided intermittent weld behaves in accordance with
equation (171) in respect of transverse shrinkage. The double-sided staggered
intermittent weld displays the transverse shrinkage of a continuous weld. The
double-sided non-staggered intermittent weld doubles the value of the trans-
verse shrinkage according to equation (171). The transverse shrinkage at the
beginning of the weld is significantly smaller than indicated by equation (166).
Welds placed alongside to each other or one above the other under unchanged
thermal and mechanical conditions result in a summation of the individual
shrinkages.

The transverse shrinkage of the first weld pass between thick plates has been
examined in more detail in respect of cold cracking problems in multi-pass
welding by Satoh [297, 266, 267] and Graville [298]. The relatively thin weld is
surrounded by an axisymmetrical temperature field as a result of heat diffusion
with temperature T in the weld centre plane at start of shrinkage. The
integration of the relevant thermal strains between r = 0 and r = oo results in
the transverse shrinkage

*
A = [DTm (172)
cQ

Originally, the melting temperature was inserted for T*. The transverse shrink-
age becomes effective, however, only after cooling to a lower temperature. For
this reason, T} = 800°C should be inserted for structural steel instead of
T} = 1500°C. Equation (172) applies in place of equation (168) for h > h, with

_ [ 4w
h = T (173)

In the range h > h, the transverse shrinkage 4,, in accordance with equa-
tion (172) independent of h, can be considered to be superimposed from 4,
according to equation (168) and 4,; = 4,, — 4,,. It consists of an early, short-
duration phase 1 with A,; resulting from weld-close heat diffusion and a later
long-duration phase 2 with 4,, resulting from weld-distant heat dissipation
(Fig. 189). The transverse shrinkage, 4,,, according to equations (168), (172) and
(173) is presented in Fig. 190 for structural steel dependent on plate thickness
h and heat input per unit length of weld, q,,. As regards the forces which are built
up with restrained transverse shrinkage, reference is made to Section 3.3.2.
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Fig. 189. Transverse shrinkage following transverse expansion, phases 1 and 2, for butt weld (first
layer) between thicker plates, schematic representation; after Satoh et al. [266, 267, 297]

Fig. 190. Transverse
shrinkage 4,, dependent on
plate thickness h and heat
input per unit length of weld,
q,, for structural steel:

A, = A4, for h<h,

A, = Ay + A, for h>h,
results from calculation; after
Satoh et al. [266, 277, 297]

In multi-pass welding, the transverse shrinkage 4., is all the smaller the more
passes are deposited in a given groove cross-section and the more intensive is the
cooling process between the passes [268].

The groove face transverse offset during welding has been determined on
large plates made from structural steel [234]. Groove opening occurred increas-
ingly, intensified by transformation strains. The degree of edge restraint of the
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Fig. 191. Groove face
movement during seam
welding; groove opening (a)
caused by inhomogeneous
longitudinal thermal strains,
high-temperature width wg
nearly free of stresses, groove
closing (b) caused by
transformation strains in
distance I over width wy; after
Vinokurov [8]

plates connected by welding had only a minor influence on the groove trans-
verse movement.

In long narrow plate strips, the groove faces, as shown in Fig. 191a may
temporarily bend apart ahead of the heat source. The cause of this is the
longitudinal thermal strain in the groove faces ahead of the heat source. The
high-temperature zone of width w, should be introduced as stress-free in the
approximation calculation relating to the size of the angular change. This
bending apart can only occur, however, with non-tacked or non-counter-
restrained grooves. After cooling, the transverse shrinkage is nevertheless rather
uniform, except at the starting point of the weld.

Groove face transverse offset in electroslag welding is of particular interest in
practice. In this case, the groove may close by several millimetres (with gap
widths of 30 to 40 mm), which increases the welding speed accordingly. In
addition, the groove edges alter their angular position; the groove opens or
closes. More accurate quantitative solutions of Russian authors are offered in
Ref. [8]. The accuracy is enhanced by the fact that the heat dissipated into the
surrounding air is introduced as a function of temperature. The principal
dependence of transverse shrinkage according to equation (168) is retained.
Considering the welding process, the heat input per unit length of weld, g,
referred to the plate thickness, A, is the decisive factor.

The data in Ref. [8] relating to groove face angular movement are partially
unclear in respect of the direction of the movement. Allowance is made not only
for the groove longitudinal strain ahead of the source but also for the non-
uniform transverse shrinkage after the source as an angle-changing element. The
groove angular change at the start of welding may occur opposite to that at the
end of welding. This can be presented in a particularly illustrative manner on the
basis of the transformation strain after the source (Fig. 191b). Transformation
strain as a consequence of ya-transformation during cooling occurs at the
distance /;; between the temperatures 7;, and T from initiation and end of the
transformation over the width w,,, in which heating over A, (mean value of 4.,
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and A.;) occurs, i.e. into the y mixed crystal range. The expansion of the above
transformation area results in groove gap closing, as long as this area is moving
within the first half of the weld length, and groove gap opening after this. The
former state exists at the beginning of the weld, the latter at its end (provided the
weld is sufficiently long).

3.5.3 Longitudinal and bending shrinkage

The longitudinal shrinkage Al of plates, bars or girders of length I with centric
longitudinal weld follows from equation (149) (with cross-sectional area A in-
stead of hw),

0qy!
Al =
1 cod (174)

or also proceeding from the (active) shrinkage force F;

F,l
" EA’
The longitudinal shrinkage force F, is, according to Section 3.3.1, dependent on
the heat input per unit length of weld, g,,, or on the weld cross-section area Ay,
on the elastic modulus E as well as on the material characteristic value a/co
(already expressed with equation (174)). Multi-pass welding as well as intermit-
tent welding reduce the value of F,.

With eccentric longitudinal welds, bending shrinkage is superimposed on
longitudinal shrinkage. End cross-section rotation ¢ and deflection w occur
in beams when subjected to the longitudinal shrinkage moment, M, = F.e
(Fig. 192) (formulae according to beam theory; weld eccentricity e, geometrical
moment of inertia I):

F.el

Al (175)

0= (176)
F.el?
w="2r (177)

Equations (175) to (177) apply to plate strips and girders. If the plate or girder
length is smaller than the width or height, this results in values which are too

Fig. 192. Bending shrinkage of beam caused
by eccentric longitudinal weld
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high. On the other hand, the cross-sectional moment of inertia should be
reduced if the cross-section is partially plastically deformed when subjected to
the shrinkage force.

Considerable bending shrinkage occurs in girders as a result of eccentric
transverse welds. The angular change Ag in the girder cross-section containing
the transverse weld follows from the weld transverse shrinkage A,,, the area
moment S of the cross-section part with the weld and the geometrical moment of
inertia I of the total cross-section:

Ao = A§ (178)

The shrinkage 4., is reduced by plastic deformation if the girder has a large
bending stiffness relative to the shrinkage force.

For the derivation of equation (178) an I section girder element of length
I with a transverse weld in the flange is considered (Fig. 193). The transverse
shrinkage force, Fy = 4,,EA¢/l, which acts in the flange cross-section area A,
within the flange distance 4 from the girder centre line and thus produces the
transverse shrinkage moment M, is derived proceeding from the transverse
shrinkage 4,,. According to beam theory it follows that

AL EAh

A¢ IEI

. (179)
Introducing S = Ak, this leads to equation (178).

When welding components which are subjected to load (as for example
during erection of structures, instant straightening or repairs) significantly
increased bending shrinkage may occur as a consequence of the enlarged
plastically deformed areas, while the residual stresses after load removal are
reduced (see Ref. [7]).

Longitudinal and bending shrinkage are of special relevance for cylindrical,
spherical and toroidal shells (Fig. 194) (see also Section 3.3.3). The longitudinal
weld in the short cylindrical shell deflects the shell locally to the inside, the

E

Fig. 193. Angular deformation
Ap caused by transverse
L4 shrinkage of transverse flange
weld
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Fig. 194. Longitudinal and bending shrinkage at longitudinal weld (a, b), circumferential weld (c)
and ring weld (d, e) of cylindrical and spherical shell

longitudinal weld on the long cylindrical shell may bend the entire cylinder and
the circumferential weld constricts the cylinder (Figs. 194a to 194c). These
shrinkage deformations are caused by the longitudinal shrinkage force. The
“drawing-in” of block flanges or nozzles into spherical or cylindrical shells or
also the flange tilting of a dished cover with circumferential flange weld, by
contrast, are explained from the effect of the transverse shrinkage force (Figs.
194d and 194e). If axisymmetrical shells of different radial stiffness are joined by
a circumferential weld (for example, a cylindrical shell joined with a shell of
different thickness or a cylindrical shell joined with a dished end), edge offset
may occur during welding because of a different, elastic-plastic deformation
behaviour of the jointed parts.

3.5.4 Angular shrinkage and twisting distortion

Angular shrinkage occurs at butt, lap, T, cruciform and corner joints as a result
of single-sided or also asymmetrical double-sided welding. The extent of angular
shrinkage depends on the width and depth of the fusion zone relative to plate
thickness, on the type of joint, on the weld pass sequence, on the thermo-
mechanical material properties and on the characteristic parameters of the
welding process (heat input per unit length of weld, distribution of heat source
density).

The variety of influencing parameters explains the greatly differing or inad-
equately specified data in the literature relating to angular shrinkage. The basis
for the sections which follow are the data derived on the basis of thermo-
mechanical models by Kuzminov (in Ref. [8]).

Unrestrained angular shrinkage Ap is considered first. The dependence on
welding speed v, heat input per unit length of weld g, and weld pass or plate
thickness h which results for the single weld pass in mild and low-alloy structural
steel, is shown in Fig. 195 (obviously compiled for conventional fusion zone
profiles). For multi-pass welding, the angular shrinkages of the passes on the two
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Fig. 195. Angular shrinkage Af dependent on heat input per unit length of weld, gy, and weld or
plate thickness h for different welding speeds v; after Vinokurov [8]

sides of the plate (indices i and j) are subtracted in accordance with:
AB =Y ABim; — Y AB;m;. (180)

The correction factors m; and m; for the pass number i and j, respectively, should
be inserted in accordance with Fig. 196a (m; and m; =~ 1.0 for the first passes on
each side). The thicknesses h; and h; for AB; and A;, respectively, according to
Fig. 195, should be selected in accordance with the respective weld pass total
thickness of deposited weld passes. This is illustrated in Fig. 196b for a four-pass
butt weld with X groove.

A distinction requires to be made in the case of fillet welds between the
angular shrinkage A of the through-plate and the tilting shrinkage AB*
between through-plate and butting plate. This is illustrated in Fig. 197 for the
flange of an I section girder with single-sided web-to-flange fillet weld. The
angular shrinkage Af is determined according to Fig. 193, whereby the heat
portion attributable to the through-plate under study should be estimated in
accordance with equation (150). The tilting shrinkage angle Af*, which is caused
by the shrinkage of the approximately triangular weld cross-section in the
direction of its hypotenuse, is largely independent of the dimensional parameters
according to Ref. [8] when tilting is unrestrained, Af* ~ 1.25°. Where tilting is
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Fig. 196. Correction factors m; or
m; dependent on layer number i or
j (a); layer total thickness h; or h; of
four-layer butt weld in double-V
groove and layer sequence i = 1,
i=2j=1, j=2 (b); after
Vinokurov [8]

Fig. 197. Angular shrinkage Af and tilting
shrinkage AS* at I section girder with single-
side web-to-flange fillet weld

restrained (with double-sided welds, restraint occurs by the fillet weld on the
opposite side of the plate) the back tilting shrinkage angle Af#¥ (according to
Ref. [8]) is

AB: = kb8y. (181)

The parameter ¢y is the yield limit strain, ey = oy/E. The factor k, depends,
according to Fig. 198, on the flange thickness kg, the web thickness A, and the
throat thickness a (Af¥ < 1.15°).

With intermittent welds the (mean) angular shrinkage Af (or Af*) is
reduced in the ratio of the string length [ to the sum of string length and string
interspace length /; to the mean value

l
AR — AR st 182

Allowance should be made for the restrained back tilting shrinkage in the case of
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Fig. 198. Back tilting factor k, dependent
on throat thickness a in relation to flange
thickness h; and web thickness h,,; after
Vinokurov [8]

double-sided (non-staggered and staggered) intermittent welds (not deposited
simultaneously).

Twisting distortion occurs on longitudinally welded girders with closed
cross-sectional contour as a result of shear deformation or shear stresses in the
weld direction in the welding zone which are caused by unequal longitudinal
deformation of the groove edges (e.g. of flange and web of a box girder). The
twisting angle after welding (welds pre-tacked) is likely to be all the larger the
longer the girder and the smaller the area enclosed by the cross-sectional
contour (in accordance with the Bredt formula for twisted thin-walled bars with
closed cross-section). In a box girder with four corner welds, the twisting
distortion is particularly large if the corner welds are welded alternately in
opposite direction (after pre-tacking). Twisting-like distortion also occurs in
girders with open cross-sectional contour if the individual parts of the cross-
section rotate relative to each other during welding.

3.5.5 Warpage of thin-walled welded components

Thin-walled welded structures (h <6 mm) may lose their stability under com-
pressive welding residual stresses. This is referred to as welding warpage.
Superimposed angular shrinkage may intensify the process, whereby, in terms of
theory of structures, a limit load problem has to be solved instead of a stability
problem. Examples are the buckling of plane vessel ends with circumferential
weld, the web or flange buckling of thin-walled girders with longitudinal weld,
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the warpage of plate strips with longitudinal weld and the buckling in the
outside area of patches inserted with ring weld into a plate.

Stability problems of this type concerning welded components can be treated
on the basis of conventional stability theory by proceeding from the shrinkage
forces. However, the degree of difficulty is increased by the following peculiari-
ties of these problems. Thus it is not sufficient to solely determine the critical
warpage or buckling stress. The acceptable compressive stress may be consider-
ably above (or below) the critical stress if the post-critical (e.g. post-buckling)
behaviour of the component is part of the phenomenon. What is of interest,
therefore, is the entire post-critical stress and deformation behaviour, in particu-
lar also the magnitude of the warpage or buckling deflections which ultimately
occur. This problem may be solved in simpler cases proceeding from shrinkage
forces which do not vary in direction. In many cases, though, allowance must be
made for the directional change of the shrinkage forces, which complicates the
solution of the problem. Four examples of a solution are now discussed from
Ref. [8]. Apparently, only Russian theoreticians have so far tackled the residual
stress-related stability problem of welded structures.

The first component which is considered is the plane end (without the shell)
of a vessel subjected to the longitudinal shrinkage force of the circumferential
weld (Fig. 199). The buckling process is presented in a counter-loading diagram,
in which, on the one hand, the drop of the radial shrinkage pressure o, in the
shrinkage-tensioned ring weld (circumferential stress o.;, width w,), and on the
other hand the rise of pressure resistance in the end plate (radius R), is plotted
over the radial displacement u, of the ring weld (positive-directed to the inside).
The equilibrium condition for the semicircular ring section subjected to the
internal pressure g, provides the relation between o, and o;:

W,

=g M
0= 0 - (183)

Fig. 199. Buckling of vessel end with circumferential weld (a), counter-loading diagram (b) and
buckling deflection Aw (c) dependent on radial shrinkage displacement u, of inner edge of plastic
zone (width wy,), analytical results; after Vinokurov [8]
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The reduction of o, as a result of radial displacement u, causes a simultaneous
reduction of a; (“stress relieving”). With a rigid end plate (u, = 0) the full radial
pressure occurs. With an elastic end plate (without instability) point 4, identifies
the state of equilibrium. If, however, the end plate buckles at o, (point 4,) and if
shape-hardening occurs in the post-buckling range, point A5 is then reached.
The shrinkage displacement u, is relatively large (with correspondingly large
buckling deflection Aw) and the circumferential weld is relatively strongly
stress-relieved.
The critical buckling stress of the circular plate with bending free edge
support is determined from
2
g.. = 0.385 ERh—z (184)
The buckling deflection Aw in the post-buckling range results, according to
Ref. [8], in:
Aw o,

o196 [T, (185)
h Ocr

Buckling deflections in the post-buckling range can also be determined by
a geometrical transformation of the radial displacement u, into a circular arc
deflection (subtracting the compressive strains).

The second component considered is a circular patch welded into a ring
plate (e.g. vessel end), which exerts the corresponding radial tension o, on its
(outside) surrounding area as a consequence of shrinkage with tangential ten-
sion g, (flange, nozzle or heat spot present a similar problem). For the infinite
plate with a circular opening (radius R) subjected to tension o,, this results (see
Ref. [8]), independent of the support condition at the edge of the opening, in:

Eh?

T = 41 =R

(186)
Two buckling waves (m = 2) form at the edge of the opening. If the infinite plate
with circular opening is substituted by the corresponding finite plate, i.e. a ring
plate, o, then rises as the radius ratio R,/ R; becomes smaller (Fig. 200). This rise
is accompanied by the formation of three, four and more buckling waves. The
influence of the support condition at the edge of the opening on the result is
relatively minor.

The third component considered is a thin-walled bar with cruciform cross-
sectional shape made from plate strips joined through longitudinal welds
(Fig. 201). The I girder with longitudinal welds may be analysed analogously.
The longitudinal shrinkage force F (which can be determined from wy, =
50 mm, 6y = 400 N/mm?, h = 2 and 6 mm respectively), divided by the cross-
section area A, results in the longitudinal compressive stress o, in the plate
strips. The instability study can be conducted for the plate strip transversely
rigidly restrained at one longitudinal edge (but longitudinally unrestrained) and
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Fig. 200. Buckling stress o, of ring plate subjected to radial tensioa at inner edge, two support
conditions, number of buckling waves m, analytical results; after Vinokurov [8]

Fig. 201. Buckling of thin-walled bar with cruciform cross-sectional shape made from plate strips
joined by longitudinal fillet welds; dimensions (a), buckling model (b), buckling waves (c), analytical
results; after Vinokurov [8]

subjected to longitudinal pressure. The result for this model is
n? Eh?
12(1 — v?)w?

with k = 1.328 and m = 3 for I/w = 10 (dimensions according to Fig. 201). The
buckling deflection Aw in the post-buckling range is calculated in accordance
with the approximation method stated in Ref. [8] and mentioned in respect of
equation (185).

The fourth component considered is a plane plate strip with centric longitu-
dinal weld, subjected to warpage as a consequence of the longitudinal shrinkage
force as shown in Fig. 202. This instability problem is solved in Ref. [8] (ignor-
ing the angular shrinkage) by minimizing the potential energy. The solution
shows that the plate strip deflects in a manner which reduces the shrinkage stress

0=k (187)
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Fig. 202. Warping of plate strip with centric longitudinal weld; longitudinal curvature (a) and
transverse curvature (b), centre of gravity 0 of cross section and shrinkage force F;; after Vinokurov

(8]

Fig. 203. Longitudinal curvature 1/p of warping plate strip with centric longitudinal weld (without
angular shrinkage transverse to weld) dependent on strip width w and shrinkage stress o, (a) as well
as dependent on width of plastic zone, wy,, and plate thickness h (b), analytical results; after
Vinokurov [8]

in the weld area. The bending moment required for the longitudinal curvature is
created as a result of the fact that the shrinkage force is offset relative to the
centre of gravity of the deformed cross-section. Instability already occurs at an
arbitrarily small but finite shrinkage force connected with correspondingly small
warpage. The longitudinal curvature 1/ is presented in Fig. 203 dependent on
plate thickness h, plate width w, shrinkage stress o, and width of the plastic zone
wy. The plate length [ is of no influence. The (longitudinal) shrinkage after
occurrence of instability can be presented in a similar manner (see Ref. [8]). The
analysis results have been confirmed by measurements.
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3.6 Measuring methods for residual stress and distortion

3.6.1 Significance of test and measurement

The presentation hitherto has been oriented to theoretical models with reference
to numerical solutions and experimental findings. Whereas the numerical
methods were dealt with in more detail in this connection, this is not the case for
the measurement methods. For this reason, methods of residual stress and
distortion measurement are presented separately below. They form a part-area
of the general methods of stress and deformation measurement [305, 322].
Finally, elementary similarity relations are stated for test welding in the reduced
or enlarged geometrical scale.

From what has been stated previously, it is clear that theoretical models and
numerical solutions include strong simplifications to limit the calculation effort.
The processes are approximated only in their principal characteristics. It is,
therefore, essential to examine the possible simplifications by testing and to
check to what extent the mathematical solution reflects reality. In many cases,
test and measurement are also preferred without an accompanying calculation
for reasons of the shorter time required, although the information gained in this
way can be transferred and generalized to a lesser extent only.

3.6.2 Strain and displacement measurement during welding

The need for measurement exists primarily in the high temperature zone of the
welded joint as this is where the maximum strains occur during welding.
Consequently, strain measurement methods are required which are executable
at high temperature. The feet of mechanically attached strain gauges must be
cooled. In the case of slow processes it is possible to repeatedly place the
uncooled detachable strain gauge for short time intervals on the markings
designating the measuring base. Also, high temperature resistance strain gauges
are commonly used. The arrangement of the measuring feet transverse and
longitudinal to the weld seam is shown in Figs. 204a and 204b; the marking of
the measuring base by means of balls in Fig. 204c. The temperature at the point

Fig. 204. Measurement of transverse and longitudinal strain at weld seam using measuring feet (a, b)
or measuring balls (c) and combined with thermocouple (b); after Vinokurov [8]
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of strain determination is also measured (thermocouple in Fig. 204b) in order to
distinguish the strain components and to draw conclusions regarding the
stresses. The thermal and transformation strains are then separated proceeding
from the dilatometer curve. The elastic stress follows from the measured total
strain g, after subtracting the thermal and transformation strain ¢y in accord-
ance with Hooke’s Law with temperature-dependent elastic modulus, while
observing the fact, however, that the temperature-dependent yield limit oy
cannot be exceeded. This process is illustrated in Fig. 205. The curve ¢ — &1
follows from the cooling curve &, and from the dilatometer curve 1. During the
initial rise of ¢, — &t the (tensile) yield limit strain ¢y = oy/E is not exceeded by

Fig. 205. Cooling strain profile at weld seam ¢, and in dilatometer ¢r, initial yield strain ¢y and
elastic strain profile at weld seam ¢, over temperature; after Vinokurov [8]

Fig. 206. Measurement of transverse and longitudinal displacements (a, b) as well as of deflections
(c, d) at weld; after Vinokurov [8]
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&;- During the subsequent drop of ¢, — &1, caused by the onset of transforma-
tion, elastic unloading occurs in which, in the considered case, the compressive
yield limit strain is not reached. The stress profile ¢ = Eg,, over temperature
follows from the corresponding elastic strain profile ¢,. This procedure for
uniaxial stresses, originating from Okerblom [2, 3], may be extended to biaxial
surface stresses using modern measurement and analysis techniques.

The displacement measurement in individual points of the high temperature
zone relative to a reference point in the cold area of the component or even
outside of the component is solved, adapted to the individual case. The trans-
verse and longitudinal displacement measurement at the weld seam as well as
the vertical displacement measurement perpendicular to plane plates and cylin-
drical shells (rotary inside ring with measuring instrument) are presented in
Fig. 206. The displacement measuring instruments act mechanically, optically,
inductively, capacitively or on the basis of electrical resistance.

3.6.3 Destructive residual stress measurement

A distinction is made between destructive and non-destructive residual stress
measurement methods [302-304]. The former are also termed “mechanical”, the
latter “physical”, which linguistically is unsatisfactory to the extent that mechan-
ics is a sub-sector of physics. In the case of destructive methods, a distinction
requires to be made between complete and partial destruction of the component.
The latter include small holes or ring grooves in the surface of the component,
which permit (restricted) further use of the part.

The principle of destructive (or partially destructive) residual stress measure-
ment is now explained, proceeding from the better known load stress measure-
ment [305]. Load stress measurement is relatively simple provided the material
can be assumed as elastic and only the surface of the component is to be
considered, which is generally adequate in practice. The elongation or shorten-
ing of a small measuring base on the surface of the component is determined
while the component is subjected to loading or unloading. The measurement
requires to be performed in at least three directions in order to completely
determine the biaxial stress state. The strains result from the measured displace-
ments, by relating them to the length of the measuring base; the stresses from the
strains by means of Hooke’s law. Resistance strain gauges, detachable strain
gauges and photoelastic surface layers are used primarily for such measurements
in practice. The measurement and analysis technique is simplified if the principal
stress direction is known, this being determined, for example, by means of brittle
lacquer. '

Residual stresses, just like load stresses, can be determined by relieving of
forces, not, however, by relieving the component of external forces (by definition
residual stresses are internal forces without external forces), but by relieving the
local material volume which comprises the measuring base of internal forces.
What is measured is the relieved strain or the resilience of the completely or
partially cut-out part or of the residual body. In the case of the cut-out part, an
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adequately large volume, as homogeneously stressed as possible, should be
available. The residual stress results from the relieved strain in accordance with
Hooke’s law. In the case of the residual body, material is removed in layers from
beams, plates or cylindrical bodies, also from the base of blind holes; and
a back-calculation made from particular locally relieved strains or from global
resiliences of the residual body to obtain the residual stress relieved during
removal as well as the residual stress originally existing in the removed part.
This possibility of back-calculation exists only for bodies of a relatively simple
geometry, for the elastic behaviour of which theoretical solutions are available
(e.g. beam, plate, cylindrical or spherical shell).

Temperature constancy is an absolutely essential requirement for precise
measurements with all residual stress measurement methods. Particular
measures for assuring temperature constancy are required during cutting, drill-
ing or layer removal. When measuring the resilience of the residual body, the
yield limit must not be exceeded if high accuracy demands are made. This limits
the resilience methods to residual stresses markedly below the yield limit.

3.6.3.1 Measurement of uniaxial welding residual stresses

In many cases it is acceptable to determine welding residual stresses assuming
a mainly uniaxial effect. In general, this uniaxial residual stress is distributed
inhomogeneously over the cross-section of the component, e.g. the weld longi-
tudinal residual stress in I girders with web-to-flange weld or the transformation
stress at flame cut plate edges.

In the strip cutting method shown in Fig. 207, which became more widely
known by the investigations of Thiirlimann [306], the component is cut in
direction x of the residual stress to be measured into a fairly large number of
narrow strips, from the relieved strain of which follows the stress:

oy = — Eg,. (188)

Cutting is performed by a saw. The relieved strain is measured by means of
detachable strain gauges or bonded resistance strain gauges. The robust detach-
able strain gauges act by means of measuring balls which are inserted into the
surface of the component at the end points of the measuring base. The measur-

Measuring

Fig. 207. Strip-cutting method applied on I section girder;
after Thiirlimann [306]
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ing base length of 100 to 250 mm is comparatively large, which makes it appear
desirable to have non-varying residual stresses within this length. The more
sensitive resistance strain gauges (but with connecting wires which may impede
the cutting process) permit a shorter measuring base length. One point to note is
that strain relief is already partially activated when cutting the component
transversely; all the more so, the narrower the component section which is to be
further cut into strips. Occasionally, the strips are also left connected with one
end in the cross-section (cut open in a comb-like fashion).

In the resilience method according to Stédblein [307] (Fig. 208), bars with an
inhomogeneous distribution of the uniaxial longitudinal residual stresses are
subjected to layer removal in the plane clamping condition (planing, grinding,
etching, spark erosion, or transverse saw cuts). The bars are unclamped between
the layer removal operations and the bar curvature which results from the
resilience is determined by means of the back-spring deflection, curvature or
strain measured on the side opposite to the removal side. The initial residual
stresses o, in the bar-longitudinal direction over the bar height direction z are
calculated according to the following equation, stated originally by Treuting
and Read [308], on the basis of the beam bending theory:

ho
ax=%|:h2%%+4hw—2£ w(z)dz]. (189)
In the above equation, h, is the initial height of the bar and h its variable height
following the removal of the layers, | the bar length over which the deflection
w occurs, and E the elastic modulus. Accordingly, the initial residual stress in the
distance h from the measurement side results from differentiation and integration
of the deflections w measured following the removal of the layers. Alternatively,
it is possible to proceed instead from the deflections w from the relieved strains
¢ on the measurement side. The relation between w and & is expressed by
elementary formulae of the beam bending theory.

The edge stress 6,9, Which is of particular significance in practice, follows
from equation (189) with h = hy and w = wy = O:

E [ ho\? [ dw
a3 () (3 )..0 .

Fig. 208. Resilience method, curvature measurement through dial indicator (a) or strain gauges
(b, ©), stress relief achieved by machining (a, b) or saw cuts (¢); after Stdblein [307]
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The differentiation and integration in equation (189) were originally performed
graphically [307, 308], and later numerically [284]. A significant increase in
accuracy is achieved by means of balancing and interpolation polynoms (nu-
merical smoothing according to Ref. [284]).

The above resilience method has been used with particular success for
determining residual stresses in flame cut plate edges [284, 285].

A special variant of the resilience method is the longitudinal cutting-open of
ring-shaped slices taken from thin-walled cylinder shells followed by measuring
the difference in outside diameter and calculating the local circumferential
membrane residual stresses on that basis [332].

3.6.3.2 Measurement of biaxial welding residual stresses

Determining biaxial welding residual stresses is a slightly more involved process.
In the block cutting method, the orthogonal directions x and y of the normal
stresses o, and o, to be measured are given (these may, but need not be the
principal stresses) and the stresses are assumed as non-varying over the plate
thickness which is an acceptable assumption in the case of thin sheet material.
The measuring bases or strain gauges are usually applied to both sides of the
plate. Following this, the plate is cut into rectangular blocks (approx.
30 x 30 mm?) [8, 309] (Fig. 209). The residual stresses o, and o, result from the
relieved strains ¢, and ¢,:

Oy = — (& + ve,), (191)

1—y?

E
g, = — T (&) + ve,). (192)
At least three measuring directions, combined in a three-element strain gauge
rosette, are required for determining the complete plane stress state [302]. The
method has been used for verifying the effectiveness of stress relieving measures
on large tanks.

Fig. 209. Block-cutting method applied on plate with butt weld; after Vinokurov [8]
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An extension of the block cutting method for thick plates and varying stress
level over thickness consists in an additional cutting-step releasing the surface
layer of the block with the strain gauge attached [289].

The method proposed by Peiter [328, 329] to separate edge strips from
a square plate in order to determine the residual stresses in the plate evaluating
resilience effects has no sound theoretical basis (see the commentary in
Ref. [328]).

In accordance with another already standardized method [312], i.e. the hole
drilling method according to Ref. [310-313], the relief of radial strain when
drilling a small through-hole into a plate is evaluated (Fig. 210) (the extension in
the form of the blind hole method is dealt with later). The measuring bases
extend across the drilled hole or are located outside of the hole.

In the original version, the relative displacements of the drilled hole edges
(drilled hole diameter d,) are measured applying detachable strain gauges with
measuring bases which bridge the drilled hole (end points on circle with
diameter d). A back-calculation is made from the relative displacements Ax and
Ay to the residual stresses o, and o, [321]:

s &) [ (8 (4
2L T o

s -fo-of) -8 (4o
{2 A e o

T—_——_+MeasJﬁn_g-— .« |
. ./Iballs | \: o |
| | oo |
| .Q (] } } O |
| |
——_ + —— +
a) b)
—_——— + —_——
! Strain |
| 1 '/If gauges i |
- O= 1™ Om|
R
+— —+ et +  Fig. 210. Hole-drilling method with measuring

c) d) balls (a, b) or strain gauges (c, d)
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In the case of dp = 12 mm, d = 16 mm and v = 0.3, the stresses 6, and o, follow
from:

o, = E[ 098922% 1 037824 (195)
d d
o, = E<0.9892%y + 037823") (196)

At least three measuring directions are needed for completely determining an
unknown biaxial residual stress state.

In the current version, the measuring bases are located radially outside the
drilled hole, and the detachable strain gauge is replaced by bonded resistance
strain gauges. The relation between the relieved radial strain &, under the angle
« relative to the x-axis at measuring points on a circle with diameter d outside
the drilled hole with diameter d, and the residual stresses relieved within the
drilled hole follows from the solution according to the theory of elasticity for the
infinite plate with a hole subjected to biaxial membrane stress o, and o,
(understood as principal stresses):

& = (A + Bcosa)o, + (4 — Beosa)a,, (197)
1+v do 2
a- -1 (7) , (198)

_ l+v 4 do 2 do 4
T [1+v<7> —3<7> ] (199)

Identical equations are incorrectly stated in Ref. [304] for the measuring base
bridging the hole.

To completely determine an unknown biaxial residual stress state (two
principal stresses o, and o, and the principal stress direction ) it is necessary to
evaluate the relieved radial strain ¢, in at least three measuring bases with
different measuring directions (e.g. by applying a three-element strain gauge
rosette).

It holds for the outside measuring base arrangement [312] with a = 0°,
o = 45° and o = 90° (appertaining &qq, €45 and ¢q) according to Fig. 211 (the
diagonal measuring element at bottom left can also be arranged at the top right)
that:

€90 + &
S =y 4 4{ VEs0 — 245)* + (645 — g00)?, (200)
€00 — 2645 + €90
tan2f = ——
an2p P (201)

An alternative form of equation (200) is:

€90 + €00 1

O12= “a4* Tip* \/(890 — £00)> + (2645 — €90 — €00)>. (202)
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Fig. 211. Three-element strain gauge rosette for use in hole-drilling method, angular positioning
and diameters; according to ASTM-Standard [312]

The constants 4* and B* are identical to 4 and B according to equations (198)
and (199) in the (fictitious) case of point-like acting measuring elements. In fact,
length and width of the measuring elements must be allowed for in 4* and B*;
corresponding formulae are stated for example in Ref. [312, 313]. The constants
A* and B* can also be gained from an experimental calibration of the measur-
ing setup in the uniaxial tensile test.

The measuring sensitivity of the hole drilling method is all the greater the
closer the measuring elements can be moved to the edge of the hole. Measuring
balls can be positioned at a distance of 1 mm from the edge. Strain gauges can be
applied with 2.5 < d/d, < 3.4.

The size of the drilled hole depends on the size of the measuring elements
(diameters d, of 1.5 to 3.0 mm and measuring base lengths of 1.5 mm are used).
The strain gauges can be positioned most accurately around the drilled hole if
available as three element rosettes.

The accuracy of the hole drilling method is impaired if the hole is drilled
close to component edges or other drilled holes, for the method is calibrated to
the conditions in the infinite or at least largely extended plate. Plastic deforma-
tions can likewise falsify the results of measurement. These occur in the case of
residual stresses close to the yield limit or if the drilling technique is improperly
applied.
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A variant of the hole drilling method (see Ref. [8]) determines the axisym-
metrical inhomogeneous residual stress state (e.g. in a spot-welded joint) as-
sumed as constant over the plate thickness, by reboring the hole to gradually
increasing diameter within the measuring base (arrangement according to
Fig. 210a). In a similar way as for the resilience method, a complicated back-
calculation is required from the changes in length of the measuring base to the
residual stresses in the initial state. This procedure is identical to the hole drilling
method for cylindrical bodies if, in place of the measuring base bridging the hole,
a tangentially arranged bonded resistance strain gauge is applied further to the
outside, i.e. attached to the outer edge surface in the case of circular plates.

The hole drilling method with plate membrane stresses can be extended to
superimposed plate bending stresses by applying strain gauge rosettes on both
sides of the plate and evaluating their strain signals [302]. It can also be applied
to larger plate thicknesses and body-like components with residual stresses
which may be constant or variable over the depth coordinate. Assuming that the
residual stress state below the surface of the component is not changing, or only
slightly, over the depth coordinate z (in respect of level, multiaxiality and
direction), hole drilling can be performed with minor modification of the
constants 4* and B* in the analysis equations, also with blind holes (blind hole
method). The blind hole depth should be slightly larger than the blind hole
diameter, ho = 1.2d,. This results in residual stresses averaged over the blind
hole depth.

However, the variation also in the residual stress level over the depth
coordinate z can be determined in cases of a marked stress gradient normal to
the surface [314, 315, 334, 340]. For this purpose, the profile of relieved strain
¢ = f(ho), at the component with depth-variable stress, is compared with that at
the tensile model or tensile specimen with depth-constant stress, calibration
curve &y = fo(ho) in accordance with Fig. 212, The ratio of the gradients
(de/dho)/(deo/dho) with identical hy/dy and d/d, results directly in the stress
just relieved at the bottom of the hole in the considered component relative to
the stress in the calibrating specimen. It is only approximately correct to equate
this stress at the bottom of the blind hole to the original residual stress. Despite
these positive statements, the method is not well suited for stress fields with
severe gradients normal to the surface or in the plane of the surface [330, 334].

An alternative to hole drilling procedure is the cutting-out method, according
to Gunnert [4] and Kunz [309], in which the relieved strain is determined from
cylindrical blocks cut out of thin plates using detachable strain gauges or
bonded resistance strain gauges. The ring groove method is used as an alternative
to the blind hole method for depth-independent and depth-dependent residual
stresses in body-like components (Fig. 213). The ring groove of adequate depth
(recommended values shown in Fig. 213) relieves the stress state in the surface
within the ring groove completely. Further enlarged ring groove depth no longer
alters the measuring signal. What applies to the measuring base arrangement
within the ring groove according to Fig. 213a (indexing of ¢ according to the
angle of inclination of the measuring base versus the horizontal direction)
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Fig. 212. Calibration

237

curves for stress relief by
blind hole in homogeneous
tensile stress field: after

Hausler, K6nig and
Kockelmann [315]

Fig. 213. Ring groove method according to Gunnert [4] (a) and Kunz [309] (b)

proceeding from Hooke’s law is:

oy +0,= — (€00 + €45 + €90 + €135);

E
2(1 —v)
E
1+

0y — 03 (800 — €90)* + (€45 — £135)%,

€135 — €45
tan2f = —.
€00 — €90

(203)

(204)

(205)

The ring groove in combination with the measuring base arrangement bridging
the groove according to Fig. 213b or outside the groove acts just as a blind hole.
Consequently, relations similar to equations (200) to (202) apply, modified
according to the changed number and position of the measuring bases, if outside
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strain gauges are used. Using identical equations for the evaluation of measuring
bases bridging the ring groove as stated in Ref. [304] is incorrect.

Hole drilling, blind hole, cutting-out and ring groove methods are wide-
spread in practice, hole drilling being supported by an application standard
[302]. But scientific investigations also are conducted applying these methods
[194, 286].

The resilience method extended from beam to plate problems is particularly
suitable for biaxial, homogeneous and depth-variable welding residual stresses.
Knowledge of the spring-back deflection alone, however, is insufficient for
solving the biaxial problem. Strain gauge rosettes are therefore used, which
indicate the complete biaxial state of relieved strain when the material is
removed in layers. Equations for evaluation have been stated by Treuting and
Read [308] for homogeneous plates and by Schimméller [272] for laminated
plates (in respect of cladded plates). The care which requires to be taken in the
case of the plate is even higher than in the case of the beam. Layer removal
without mechanical force effects by means of spark erosion and smoothing of
the measurement results by means of a balancing calculation are essential. As
the clamping forces increase as layer removal progresses and thus also the risk of
the yield limit being exceeded, it is recommended to remove layers only up to
approximately the centre plane of the plate, ie. to perform the removal and
measuring operations on two identical plates proceeding from the one and from
the other surface. The method is applied in Ref. [281] on cladded plates.

3.6.3.3 Measurement of triaxial welding residual stresses

Measurement of triaxial (welding) residual stresses encounters the fundamental
difficulty that the relevant material volume to be stress relieved is positioned
relatively inaccessible in the interior of the component. Nevertheless, certain
methods can be applied here also if the principal directions of the residual stress
state are known beforehand, e.g. if they coincide with the main directions of the
geometry of the body. These methods are presented below.

The simplest step for determining the triaxial residual stress state consists in
additionally measuring the change in thickness when applying the block cutting
method. It is then possible (see Ref. [8]) to conclude from this what the averaged
stress perpendicular to the plate plane is.

Another method from Ref. [8] which avoids averaging over the total plate
thickness consists in drilling narrow deep blind holes to the point of the residual
stress to be measured, positioning a miniaturized longitudinal strain measuring
element in them, then cutting out the relevant material volume together with
holes and measuring element and, in so doing, stress and strain relieving it
(three-dimensional cutting method) (Fig. 214).

The axial directions of the three holes coincide with the three principal
directions of the residual stress state. If the two holes in the plate plane become
impractically long, inclined holes are provided instead (Fig. 214a), from the
inclined extension strains of which, ¢, and &,,, the horizontal strains, ¢, and ¢,



3.6 Measuring methods for residual stress and distortion 239

Fig. 214. Measurement of the triaxial residual stress state in the interior of the component using
blind holes (a) fitted with measuring elements (b), strain relief by ring groove; after Vinokurov [8]

are determined with the vertical strain ¢, being known:

1

Exz = 5 (Sx + 82)9 (206)

1
fe = 5 (5 + £2). (207)

The ends of the holes with the measuring elements should be as close as possible
to each other; on the one hand, in order to be able to assign the three relieved
strains to a single stress state also in an inhomogeneous stress field. On the other
hand, however, they should not be too close because they will otherwise cause
mutual strain-relieving. The distance between the ends of the holes should be
approximately ten times the diameter of the hole in order to limit this interac-
tion effect. A slightly pretensioned bolt with measuring shank and measuring
gauge is a suitable measuring element (Fig. 214b). Drilling the hole and tighten-
ing the bolt cause measuring errors which should be minimized by calibration or
by comparative evaluations.

An attempt has also been made to use only a single hole instead of three and
to apply strain gauge rosettes to the bottom and wall of the hole.

According to the slice cutting method proposed by Ueda et al. [316, 317}, the
residual stress sources are determined as initial strains by dissecting the com-
ponent in order to elastically back-calculate from them the residual stresses by
means of the finite element method. For the special case of the welding residual
stress state in the centre part of a centric, double-symmetrical butt weld between
plate strips (residual stresses constant in longitudinal direction of the weld,
residual stresses symmetrical to the weld and to the plate centre plane, weld-
longitudinal residual stresses subject to the plane strain condition), the initial
strains are determined decoupled from each other in a slice cut-out perpendicu-
lar to the weld and in slices cut-out parallel to the plate surface. The thin slice
separated out perpendicular to the weld is further dissected while measuring the
relieved strains. The stresses corresponding to the plane strain condition result
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Fig. 215. Boring-out method (a) and turning-
off method (b) with measurement of the
circumferential and axial strains on the surface
opposite to the removal side

from the plane stress state of the slice dividing these stresses by (1 — v?). In
addition, a weld-longitudinal stress component is produced as a result of the
strain suppression in this direction. The thin plates separated out longitudinal to
the weld and parallel to the plate surface are dissected longitudinally in order to
determine the basic component of the weld-longitudinal residual stresses from
the relieved strains. The method, which has been verified in this form also by
means of measurements, proceeds in the general formulation of Ref. [316] from
the incorrect assumption that the “effective” inmitial strains determining the
residual stress state (these being the initial strains effective after elastic releasing)
remain unchanged when the transverse or longitudinal slices are cut.

The residual stresses in long solid and hollow cylindrical parts (rods, shafts,
tubes) can be determined in accordance with the boring-out or turning-off method
according to Heyn and Baur [318], Mesnager [319] and Sachs [320], assuming
axisymmetry and axial independence of the stress state (Fig. 215). The material
is removed in layers on the inside and outside, respectively, of the cylinder. On
the measuring side opposite the removal side, the relieved strains are measured
in the circumferential and axial direction with strain gauges. The initial residual
stresses are calculated back from the measured values in accordance with the
basic formulae of elastic cylinder behaviour. This relatively accurate and satis-
factory measuring method for triaxial residual stresses has been used in the case
of welded joints for the butt joint between cylindrical parts and for biaxial
residual stresses in circular plates (Fig. 9). The method variant for plates is
mentioned in Section 3.6.3.2 (enlarging a drilled hole to gradually increasing
diameter).

3.6.4 Non-destructive residual stress measurement

Residual stresses or strains are measured non-destructively by means of the
X-ray method. X-rays are diffracted crystal lattices and produce interference
phenomena, from which it is possible to draw conclusions relating to the
interplanar spacing of the lattice. The load stress or residual stress is determined
from the change in the interplanar spacing compared to the stress-free state.
The reflection method is used in practice [302, 324-327] (Fig. 216). An X-ray
striking the surface of the component produces, after reflection, interferences
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Fig. 216. Residual stress measurement by
X-rays, reflection method, Bragg angle 3,
azimuth angle ¢, angle of inclination y;
after Peiter [304]

which appear on a slewed film (according to Debye-Scherrer) as an interference
ring. More modern equipment uses a scintillation counter instead of the film.
The interference line, of the first order, satisfies Bragg’s law (with n = 1),
according to which the glancing angle depends on the interplanar spacing d, of
the atoms in the crystal lattice and on the wavelength A of the X-radiation
(practicable 0.002-2.0 A, 1 A = 10~ 7 mm):

2d,sin § = nd. (208)

The Bragg angle 9 can be determined with high precision from the radius r of the
interference ring and the spacing a; between specimen and film:

3 = % arctan <—— L). (209)

as

The biaxial stress state on the surface is determined from the change in radius of
the interference ring under three azimuth angles ¢ (for example ¢, ¢ + n/4,
¢ + n/2) and the radiographic elastic constants. The X-ray beam is applied in
each case at different angles of inclination y (relative to the surface normal) and
the lattice strain, is averaged linearly over sin?y (procedure according to
Macherauch and Miiller). Both the principal stress total and the individual
stress components are determined according to the sin?y method (basic equa-
tion of X-ray stress measurement [302]). At the same time, the first order
residual stresses can be separated from those of higher order. It is also possible
to distinguish between the stresses in the various components of the microstruc-
ture [333].
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The measuring area covered is 0.1 to 1 mm?, the measuring depth being
approximately 10 um. The stress distribution can also be determined approxi-
mately in a greater depth by locally removing surface layers. Modern diffrac-
tometers are transportable and centre free. They permit measurements on the
component, at least under laboratory conditions.

The main advantage of X-ray residual stress measurement is that it is
non-destructive. A focal point of applications on welded joints are surface
measurements with the maximum possible local resolution, particularly
measurements in the direct vicinity of weld seams (see Fig. 184). Measuring
problems may occur in the case of materials with a strong texture (e.g. produced
by cold forming).

Another more recently developed non-destructive stress or strain measuring
technique is the neutron diffraction method [331, 287, 288]. Neutrons are scat-
tered by the atomic nucleii, whereas X-rays are scattered by the electron shells,
with the consequence that neutrons penetrate far deeper than X-rays, i.e. up to
3cm in steel or 30 cm in aluminium alloys. Thus stresses or strains can be
measured in the interior of the components. Typically, a neutron beam from the
reactor core (approx. 50 x 50 mm?) is transmitted by a monochromator crystal.
Slits in absorbing cadmium masks are placed between the component and both
the incident and the diffracted beam in order to reduce the sampled volume of
residual stress (Fig. 217). Parallel scattered beams originate from the crystallo-
graphic planes which have the correct orientation for diffraction. By studying

Fig. 217. Residual stress measurement based on neutron diffraction, applied on electron beam
welded pipe sample; after Hosbons et al. [331]
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both the peak location and intensity of the diffracted beam, data on stress or
strain and texture can be obtained. The practical application of the method on
welded components is described in Ref. [287, 288].

Further non-destructive residual stress measurements are the ultrasonic
method and the magnetostriction method. Both are in the development stage and
are not yet mature enough for widespread application. One version of the
ultrasonic method [338, 339] is based on the (rather slight) speed dependence of
ultrasound on the stress state. The measurements performed are echo time
measurements with two transversal waves, which are orthogonally polarized.
The required measuring volume is relatively large for reasons of accuracy. In
most cases, the principal stress difference averaged over the component thick-
ness is evaluated. Another version of the ultrasonic method [336, 337] uses
Rayleigh waves and longitudinal waves in the surface of the component to
determine the residual stress there evaluating differences in velocity caused by
a slight nonlinearity of the strain-displacement relations. In the magnetostric-
tion or Barkhausen noise method [335] the stress state is deduced from the
value of the local magnetization restraint. Hardness measurements also contain
information regarding residual stresses. Tensile stresses reduce hardness propor-
tionally; compressive stresses leave it unchanged [302].

3.6.5 Distortion measurement after welding

Distortion in the post-weld cooled state is determined by applying length and
angular measuring techniques common in practice without any need for

Fig. 218. Distortion measurement; measurement of bending shrinkage on measuring plate (a) or by
means of a tensioned string (b), measurement of angular shrinkage by means of a straight-edge ruler
(¢), continuous measurement of deflection (d, ¢), measurement of constriction (f), measurement of
inclination (g); after Vinokurov 8]
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welding-specific adaptation. Application examples are shown in Fig. 218. Trans-
verse and longitudinal shrinkage is most easily determined using a measuring
tape. Bending or angular shrinkage can be measured on a measuring plate by
means of a tensioned string (measuring should be performed in the horizontal
plane because of the sag of the string) or by means of a straight-edge set against
the component (Figs. 218a, 218b, 218c). The deflection can also be measured
continuously in order to determine the bending or angular distortion profile
(Figs. 218d, 218e). On vertically extended components such as pillars, supports
and tank walls, inclination and deflection are measured by means of strings
hanging exactly vertically. The tensioning weight of the strings is immersed into
liquid in order to prevent oscillations (Fig. 218g). Circumferential measurements
on spherical and cylindrical shells are performed by means of a string wrapped
around the structure, the string being applied tightly to all sides by means of two
tensioning rollers which are twisted against each other by a constant spring
force (Fig. 218f). The change in circumferential length from which the deflec-
tions can be calculated follows from the twisting angle of the tensioning rollers
applied to the component with weld compared with the component without
weld.

3.6.6 Similarity relations

In the case of very large and thick-walled components, it is cost-saving to
conduct the welding tests on a model reduced in size. The opposite procedure
may also occur, namely that the welding tests are carried out on an enlarged
model when considering very small and thin-walled components. This is done in
order to be able to better handle the tests. In both cases, the question which is
posed relates to the similarity relations for forces and displacements, stresses
and strains during and after welding under the condition of geometrical sim-
ilarity of model and original component manufactured from identical materials.

The similarity relations are derived below in accordance with Ref. [8] for
identical temperature fields (i.e. identical temperatures in corresponding points).
It must be accepted that the time-related gradients of the temperature field
differ. This means that the creep and relaxation effects as well as the transforma-
tion processes, to the extent that they depend on the cooling rate or on the
austenitizing time, occur differently. Creep and relaxation can, at least in the
case of the single-pass weld, be ignored. The situation is different with
the transformation processes which depend on the cooling rate. The similarity
relations apply only to those materials for which transformation can be ex-
cluded. These include austenitic steels, steels with low carbon content as well as
many aluminium and titanium alloys.

Consideration is concerned first of all with (high-power) welding processes
on solid bodies in which the heat transferred to the surrounding air can be
neglected. Proceeding from equations (31) and (32) for the temperature field of
a moving point source on the semi-infinite solid, the following relations must be
satisfied in order to obtain identical temperature fields in the original com-
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ponent (without index) and in the model (index m):

9 \ _ 4
<2n/1R >m "~ 2miR’ (210)

vR vR
— ] =—. 211
<2a >m 2a 211)

The scale factor y of the geometrically similar model is introduced as

e
y=ﬁ=fﬂ=h=z_’“=_ (212)

R x y z h

Hence, there follow from this and from equations (210) and (211), respectively,
the similarity relations:

m _ (213)
q

U _ 1 (214)
[% v

The dwell time At is proportional to the heat input per unit length of weld,
dw = q/v, €.g in accordance with equation (102). Hence, it follows that
Aty
Ar
For the weld cross-section A,, (groove cross-section in the case of single-pass
welding, layer cross-section in the case of multi-pass welding), it holds that:

2, (215)

‘1wm 2

w

For the electrode feed rate v, the relation in the case of a similarly changed weld
cross-section is:

Dem _ . 217)
De

The stresses o result identically; the displacements u by contrast are modified
(however, with identical angles of rotation),

Om = 0, (218)
Uy = YU. (219)
With low-power welding processes on plates, particularly also with electroslag
welding, the heat transferred to the surrounding air plays a more important role

and should be allowed for in the similarity relation. Proceeding from equa-
tion (33) for the moving line source in the plate, what applies additionally to
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equations (210) and (211) is:
2 b 2
GL>=1< (220)

a a

It follows with b = 2(a, + ,)/coh assuming identical heat transfer coefficients
(a. + a;) in the model and in the original component and with r,,/r = y:

om 2, (221)

If the component dimensions change with y, the plate thickness must therefore
be changed with y2. The heat input g,, is proportional to the thickness:

Adm 2
. p°. (222)
The other equations, equations (214) to (219), remain valid.

Application of the above similarity relations to the stress and deformation
analysis in the case of electroslag welding is presented in Ref. [8] (ibid., p. 215).
The heat input which is altered in accordance with equations (213) and (222),
respectively, generally necessitates different welding methods on model and
original component. In the considered case, the model was gas tungsten arc
welded with the filler metal wire placed on the square groove.



4 Reduction of welding residual stresses and distortion

4.1 Necessities and kinds of measures

Welding residual stresses have a negative or positive effect on the strength of the
component depending on their type, sign, direction and distribution. Triaxial
tensile residual stresses in combination with cracklike defects promote brittle
fracture. Uniaxial or biaxial tensile residual stresses diminish corrosion resis-
tance and enhance the stability limit; compressive residual stresses improve
the fatigue strength. Details of this are provided in Chapter 5 and in Ref. [437]
(ibid., Sections 2.3.2 and 3.4). Components with welding residual stresses may
distort during subsequent machining, storage and service loading. A particularly
disturbing effect is the back-spring deformation during metal cutting. Welding
distortion reduces the fatigue strength and limit load of the components.
Specified manufacturing tolerances may be exceeded as a result of welding
distortion. It is therefore necessary to minimize welding residual stresses and
welding distortion or, as far as possible, to control them according to the
respective requirements.

A basic problem in this connection consists in the fact that welding residual
stresses and welding distortion to a large extent behave in a contrary way.
A component rigidly fixed when welded displays high residual stresses. If, by
contrast, it is welded without any restraint, the distortion is large and the
residual stresses are relatively smaller. It is not, therefore, readily possible to
manufacture a component which is at one and the same time low in residual
stresses and in distortion, as is often desired in practice. Consequently, it is
necessary to distinguish measures which keep residual stresses low (for example,
stress relief methods) and those which keep distortion low (for example,
straightening methods). Many of these measures relate simultaneously to resid-
ual stresses and distortion by way of a compromise.

The basic problem may indeed extend even further. Longitudinal and
transverse residual stresses of a weld also behave in a contrary manner if,
namely, the widely held view (e.g. in Ref. [5]) is correct that steeper temperature
gradients during welding cause higher residual stresses. This view cannot indeed
relate to the (global) transverse residual stresses of a weld, for these are certainly
reduced as a consequence of the lower, but more concentrated heat input. On
the other hand, the maximum level of weld longitudinal residual stresses, with
the exclusion of transformation stresses, always reach the yield limit or exceed it
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as a consequence of strain hardening, no matter the temperature concentration
with which welding is performed. The higher temperature concentration does,
however, produce larger plastic strains in the weld zone as it cools down, so that
higher demands are made in this case in respect of ductility and resistance to
aging. The higher temperature concentration is also likely to cause greater
variations in residual stresses in the weld thickness direction and, coupled to
this, in the transverse direction of the weld, so that at least locally increased
stresses and degrees of multiaxiality are conceivable (not confirmed in Ref. [279]
in respect of the transforming steel 20MnMOoNi55). An excessively high temper-
ature concentration should be avoided, however, not because of possibly local
increased residual stresses but because of undesired microstructural changes
which are connected to the temperature gradient over time.

A further problem in reducing welding residual stresses and welding distor-
tion consists in the fact that this involves exhausting the ductility of the
material. As a result, the stress-relieved or straightened component may be
closer to the failure limit than the as-welded component showing residual
stresses and distortion. Such critical conditions occur mainly at the root of sharp
notches and cracklike defects. Stresses and strains concentrate here locally, both.
the stresses and strains produced by the welding process as well as by the
external load. Only recrystallization annealing completely undoes such local
damage.

The measures for reducing welding residual stresses or welding distortion
may be further subdivided into those prior to, during and after welding. Prior to
welding, a decision is made regarding design and material measures. This can
involve preshaping, bracing or fixing. The welding sequence and the process
parameters are specified. Measures during welding may involve preheating or
cooling. Post-weld measures are related to stress-relieving or straightening. The
sections which follow below are arranged according to design, material and
manufacturing measures. The latter are subdivided according to measures prior
to and during welding and to post-weld measures.

Reducing welding residual stresses comprises the following possibilities:

— decreasing the level of the residual stresses, in particular the maximum tensile
levels,

— decreasing the zones or volumes with high residual stresses,

— decreasing high degrees of multiaxiality of tensile stress.

Reducing welding distortion refers to decreasing the most striking permanent
deformations.

4.2 Design measures
Welded structures should be designed in such a way that welding residual

stresses and welding distortion remain controllable during manufacture, thus
assuring the welding feasibility. Design measures are those specifications which
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are the sole responsibility of the design engineer. These include configuring and
dimensioning the structure and subdividing it by welded joints, selecting the
type of joint (butt, overlap, cruciform and T joint, corner, inclined-T and edge
joint) and specifying the throat thickness to the extent that this can be selected
irrespective of the plate thickness. Deciding on the material of the welded
structure is treated in a separate section. All wider-ranging decisions, parti-
cularly also those relating the groove shape and welding sequence as well as the
choice between continuous and intermittent welds, are assigned to manufactur-
ing. This delineation of responsibilities does not always completely conform to
organizational commitments in companies.

The principal design measures for limiting welding residual stresses and
welding distortion are:

— smallest possible weld length,

— smallest possible plate thickness,

- smallest possible throat thickness,

— intermittent weld more favourable than continuous weld,

— fillet weld more favourable than butt weld,

— large straining length of the parts connecting to the butt weld,
— favourable subdivision into assemblies.

A statement in favour of the smallest possible weld length is the well-known
slogan: “The best welded structure is the one which does not even have a weld”.

A practical application of the principle of the smallest possible weld length is
shown in Fig. 219. The least distortion is displayed by the girder (a) assembled
from two channel sections joined by butt welds, whereas the girder (b) assembled
from chord and web plates joined by four fillet welds distorts to a greater extent,
but is characterized by the possibility of increasing the chord thickness com-
pared to web thickness. The girder (c) assembled from two angle section bars is
less suitable because of asymmetrical distortion.

Weld accumulations and weld crossings are regarded as particularly detri-
mental. Where weld seams are accumulated in parallel, welding residual stresses
acting in the same direction and plastically deformed areas superimpose to some
extent. Where weld seams cross, high residual stresses are built up in two
directions. In both cases the twice applied thermomechanical cycle may exceed
the ductility of the material locally, for instance at notches and defects.

Fig. 219. Smallest possible weld length
demonstrated for box girders: little
distortion with two symmetrically
positioned butt welds (a), medium
distortion with four symmetrically
positioned fillet welds (b), heavy
distortion with two asymmetrically
positioned corner welds (c); after
Malisius [5]
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Fig. 220. Avoidance of weld crossings and favourable welding sequence: plate panel with staggered
pattern of transverse welds (to be manufactured first) and continuous longitudinal welds (to be
manufactured last) (a); plate stiffened by rib, transverse welds to be manufactured first and
longitudinal welds thereafter, weld crossings to be avoided by cutouts (b); I section girder joint with
staggering of chord and web welds, the staggered transverse welds to be manufactured first and the
longitudinal welds thereafter (c); after Malisius [5]

A counter-measure is to arrange the transverse welds in a staggered pattern
between continuous longitudinal welds, for instance in plate panels, (Fig. 220a),
or in I section girder joints (staggering of chord and web weld) (Fig. 220c). The
amount of staggering should be at least twenty times the plate thickness.
Another counter-measure is cutting-free the weld seam intersection points so as
to avoid intersecting overwelding (Fig. 220b). Cutouts of this type, however,
cannot generally be recommended without reservations in respect of fatigue
strength.

The smallest possible plate thickness is called for in order to limit the level
and extent of the triaxial tensile stresses which promote brittle fracture. Only
with a larger plate thickness can the third principal stress in the plate thickness
direction acquire major proportion. That is why specifications often prescribe
stress relief annealing for welded components exceeding a certain plate thick-
ness. As another counter-measure, however, it is also possible to replace thick
chords by lammellar packs and thick-walled cylindrical vessels by multi-layer
designs. In the latter case, the metal ring packs are joined together by a common
circumferential weld.

The throat thickness of fillet welds can be freely selected whereas it is the
same as the plate thickness for butt welds. The throat thickness of fillet welds
should not be greater than necessary on the basis of static dimensioning, for the
weld heat input and thus the shrinkage force and the distortion increase with the
throat thickness.
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Fastening welds (these being welds which do not serve for direct transmis-
sion of forces according to design) may be executed as intermittent welds in
order to reduce the total heat input. The weld strings of the double fillet
intermittent weld can be arranged in a staggered pattern. Where there is a risk of
corrosion, the weld strings should be closed through cutouts. Reservations exist
in connection with intermittent welds and cutouts in respect of fatigue strength
and they are therefore permissible only in the case of fastening welds. A further
low-distortion type of fastening, e.g. in the case of stiffening ribs, is (oblong) plug
welding (which can also be replaced by spot welding). The plug welded rib
mentioned is compared in Fig. 221 to the version with intermittent fillet welds.

The fillet weld in the cruciform, T, corner and lap joint is superior to the butt
weld in respect of residual stresses and distortion (not so in respect of fatigue
strength). The gap and force flow diversion in the case of the fillet weld reduce
the stiffness of the joint with the result that the transverse residual stresses build
up to a lesser extent. Particularly in older literature, butt welded structures are
termed “monolithic” and therefore more prone to brittle fracture. It is preferable
in view of the statements above to overlap subsequently attached patches and
not to weld them flush. The fillet weld is also superior to the butt weld in respect
of the required dimensional tolerances of the components to be joined. A higher
degree of transverse and angular misalignment is acceptable than is the case
with butt welds, the groove of which must be particularly accurately aligned
(which, in practice, leads to prestressing by pushing out or drawing in). The
stiffness drawback of the butt weld can be countered in design terms by an
adequately large component length transverse to the weld (“straining length”).
In respect of the angular shrinkage of the T joint, the weld between three
members is superior to the more common double fillet weld (Fig. 222), although
this is achieved at the expense of higher (i.e. butt weld like) transverse residual
stresses.

Finally, the subdivision of the structure, particularly well known from
shipbuilding and bridge construction, into assemblies (or sections) prefabricated
to specified dimensional accuracy, is a particularly effective measure for con-
trolling welding residual stresses and welding distortion in the total structure (in
addition, the construction time is reduced as a result of parallel fabrication). The
dimensional accuracy of the assemblies is a guarantee of dimensional accuracy

Fig. 221. Reduction of distortion with fastening welds: panel plate on top of channel section bar,
heavy distortion with intermittent fillet welds (a), little distortion with plug welds (b); after Malisius

[5]
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Fig. 222. Reduction of distortion in plate with rib: heavy distortion (sharp bends) with continuous
fillet weld (a), medium distortion with intermittent fillet weld (b), little distortion with slot weld or
three-plate weld (c); after Malisius [5]

for the total structure. In addition, the assemblies can be manufactured in the
shop, and only the total structure is welded in the open. In bridge building and
structural engineering, welding of joints on-site is avoided to the maximum
possible extent. On-site joints are joined with high-strength bolts. In any case,
the aim should be to achieve the highest possible degree of symmetrization of the
assemblies and thus of the weld positions in the total structure.

4.3 Material measures

4.3.1 Starting points

The material for welded structures should be selected to a large extent on the
basis of welding engineering requirements. It should be suitable for welding
under the respective design and manufacturing circumstances, i.e. the resulting
welded joints should prove to be free of cracks, resistant to fracture and
adequately deformable when subjected to service loads. Strength is reduced if
hot or cold cracks form during the metallurgical and thermal processes of
welding or if the crack formation potential when subjected to subsequent
loading is drastically increased. Welding residual stresses play an important role
in crack formation and crack formation potential. Compressive residual stresses
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impede crack formation, whereas tensile residual stresses, particularly those of
a multiaxial nature, promote it.

In view of the special theoretical and experimental problem of sufficiently
reliably determining welding residual stresses in a concrete application, welding
residual stresses scarcely emerge in appropriate professional discussions and
testing techniques in an explicit and quantified form. They are contained only
implicitly and unquantified in the specifications relating to specimen size,
specimen geometry and weld heat input in hot and cold crack test procedures.
This state of affairs is the cause of the deficient transferability of test results
obtained from hot or cold crack specimens to the welded component. Only the
occasionally encountered verification by measurement of compressive residual
stresses in the weld of the test specimen seems to be convincing for a favourable
strength forecast, although, in this case also, the question of transferability
remains open. It is likely, however, that a fundamental improvement in the
situation will occur with the progressive improvement in numerical welding
residual stress analysis. Nevertheless, welding residual stress fields, notably in
the case of microstructural transformation, are so complex that general state-
ments will be difficult. It will only be possible to conduct a detailed analysis of
individual cases.

It was not hitherto possible to state in single-valued quantified terms the
principal material parameters for welding suitability from the aspect of welding
residual stresses and welding distortion, quite apart from the even more difficult
question relating to crack initiation and crack propagation. This results from
the fact that longitudinal and transverse residual stresses and longitudinal and
transverse distortion are generated according to different mechanisms, that the
process proceeds in a strongly non-linear manner, that the thermomechanical
material characteristic values are greatly temperature-dependent and that, in
addition to thermal expansion, the transformation processes may play a signifi-
cant role.

4.3.2 Material characteristic values in the field equations

The field equations for the linear-elastic basic models of transient thermal stress
during welding are known, from which the decisive material characteristic
values are evident to the extent that the linear-elastic solution determines the, in
fact, greatly non-linear elastic-plastic behaviour. The latter is the case because
the welding operation proceeds in a highly localized manner and is elastically
supported. In the sections which follow, known plate solutions are evaluated
and regarded as representative also for compact section rods (with butt joint)
and solid bodies (with surfacing weld), which is not strictly the case. The thermal
diffusivity a, decisive for transient heat conduction processes, is also in these
cases introduced, in order to achieve formal uniformity, where more briefly the
coefficient of thermal conductivity A could be used (a = A/cp).

For the transient temperature field in the infinite plate with momentary line
source perpendicular to the plate plane (model for spot welding) according to
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equation (25) (with T, = 0, b = 0), the radial stress is known from equation
(110). For the quasi-stationary temperature field around the line source perpen-
dicular to the plate plane moving uniformly and linearly in the infinite plate
(model for seam welding) according to equation (33) (with T, =0, b = 0),
equation (112) applies to the longitudinal stress and equation (174) to the (mean)
longitudinal shrinkage. The maximum transverse displacement of the edge of
the semi-infinite plate with line source perpendicular to the plate plane moving
uniformly upon the edge (model for welding with open groove) is given by
equation (168). The transverse stress follows from this according to equation
(151) introducing the elastic “straining length”.

Although these equations do reveal material characteristic values which are
decisive for welding residual stresses and welding distortion, the situation is,
nevertheless, unclear because the process characteristic values Q and q,, = g/v
(heat input per unit length of weld) are determined to a not inconsiderable extent
by material characteristic values.

The influence of the material on Q or q is first clarified. The welding heat
serves to fuse base and filler material. During this process, heat also passes into
the surrounding base material, is transferred to the ambient air and radiated to
the surroundings. If @ and g are understood as weld-effective heat, the ambient
loss (3 to 80%, depending on welding method, see Table 1) remains disregarded.
The weld-effective heat is diffused for the greater part and for the lesser part (up
to 48%, see Section 2.3.1.3.2) contributes to fusion. The fusion-effective part of
Q or g may be set proportional to coT,, (T, melting temperature, co averaged
between 0 °C and T,,) if the latent melting heat and also workpiece temperatures
below or above 0°C remain disregarded. The thermal diffusion part of Q or
q may, on the other hand, in a first approximation be set proportional to acoTy,
(equations (25) and (33) with T = T, and T, = 0). For a general assessment of
welding suitability, it may suffice to set the entire weld-effective heat propor-
tional to acoT,,. In equations (110), (112), (174), (168) and (151) the expression
aT,, then replaces Q/co or g/cg, respectively (apart from the proportionality
factor). From the thus transformed equations, it is clear that «, E, a and T,,
together are the decisive material characteristic values and not «, E, 4 and ¢, as
seemed to be the case on the basis of the original form of the equations.

In view of the fact that the derivations to the stress and deformation
equations referred to above are based on elastic material behaviour, the mech-
anical material characteristic value characterizing the maximum residual stress
level, the yield limit gy, does not yet occur. It should be added to the above
characteristic values.

4.3.3 Traditional consideration of the influence of the material

The influence of the material on welding residual stresses and on welding
deformations can be comparatively assessed essentially on the basis of the
familiar material characteristic values T, a, o, E, oy (see Table 4), the temper-
ature dependence of a, a, E, oy being initially disregarded.
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The melting temperature, Ty, acts in the same direction on welding residual
stresses and welding deformations. A higher melting temperature results in
higher stresses and deformations. The same holds true for the volume-specific
fusion heat. From the aspect of T, aluminium would be relatively suitable for
welding and titanium relatively unsuitable.

The thermal diffusivity a, which characterizes the rate of temperature equal-
ization with transient heat conduction, acts in the same direction on stresses and
deformations, the effect of A, ¢ and g being combined in a. Small A with high co
would be particularly favourable from the aspect of a, which speaks in favour of
steel or titanium and against aluminium or copper. A high temperature concen-
tration should be aimed for, provided undesired microstructural transformation
does not preclude this.

The coefficient of thermal expansion « acts in the same direction on stresses
and deformations in a particularly pronounced manner, although this may be
confined by the occurrence of transformation strains acting in the opposite
direction. From the aspect of «, titanium would be relatively suitable for welding
and aluminium relatively unsuitable.

The elastic modulus E, including the less varying Poisson’s ratio v, acts in the
same direction on welding residual stresses and in the opposite direction on
welding deformations. Instability phenomena (warpage), in particular, are re-
strained by a high elastic modulus. From this aspect, aluminium would be low in
residual stresses and high in deformations. Steel, titanium and copper would be
higher in residual stresses and lower in deformations.

The yield limit oy, including the hardening modulus, likewise acts in the
same direction on welding residual stresses and in the opposite direction on
welding deformations. A higher yield limit makes higher residual stresses pos-
sible, both in respect of peak values as well as in respect of the average stress
level. The deformation energy stored in the welded structure may thus be
increased, promoting the risk of brittle fracture. On the other hand, the deforma-
tion, including offset groove edges ahead of the weld pool, is diminished by the
smaller and less extensive plastic strains. These statements also apply in respect
of increasing the yield limit at elevated temperature (for example, for high-
temperature steels). The latter increases the risk of cracking at elevated temper-
atures. This must be countered by high-temperature ductility (i.e. forgeability).
Cast iron is less suitable for welding because of the lack of high-temperature
ductility.

4.3.4 Derivation of novel welding suitability indices

From the preceding discussion of the principal material characteristic values
determining welding residual stresses and post-weld deformations according to
Table 4, the tendencies which are revealed are in some cases contradictory. For
example, aluminium from the aspect of T,,, is relatively suitable for welding, from
that of a and o relatively unsuitable and, finally, from that of E and oy, requires
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to be assessed differently regarding the requirements of “low residual stresses”
and “low welding deformations”. An overall evaluation can be made using the
welding suitability indices A, (for welding residual stresses relative to brittle
fracture) and A, (for welding deformations), which include a multiplicative
superimposition of the individual characteristic values relative to a reference
material, indicated by an asterisk [343]:

TXa*a*E*K,,

o= TmaoEK (223)
T* * *E

=l 20X (224)

e * %
TnaaE*c¥

In 4,, the determining factor on the materials side for the level of residual
stresses is introduced with T,aoE, which must be set in proportion to oy
because higher residual stresses should be sustainable at a higher yield limit. The
higher yield limit, however, can only be exploited without brittle fracture if the
fracture toughness K. (or for less brittle materials the critical crack opening
displacment J.) rises in the same ratio. Hence there follows in equation (223) the
factor oy /0¥ [(Ki./K{)/(oy/0%)] = K. /KF. In A, the determining factor on the
material side for the level of welding deformation is stated with T,aa, which is
modified in the opposite direction by the material elasticity E and the yield limit
gy in respect of components subjected to residual stresses. In the case of the
values of 4, and 4, in Table 4, low-alloy steel with ¢y = 450 N/mm? is selected as
reference material. The average values of the material characteristic values,
which are stated in ranges, are used in 4, and 4,. The melting temperatures 7T,
and TF are introduced relative to a working temperature of 0 °C.

It should be noted that the indices 4, and 4, identify welding suitability only
from the aspects of welding residual stresses (relative to brittle fracture) and
post-weld deformations. The processes at elevated temperatures during welding
which lead to hot or cold cracks or to offset groove edges, which are likewise
important for welding suitability, are not yet covered with these welding suit-
ability indices. It is conceivable, however, that the temperature-related plotting
of A, and A, (with T, relative to the considered temperature in each case) permits
more extensive statements. Transformation influences are not, yet, covered in A,
and .. Hardening and ageing, by contrast, can be allowed for in the strength
values introduced.

From Table 4 it is clear that aluminium and copper alloys appear on average
to be less suitable for welding, whereas titanium alloys come off well (the
possible embrittlement of titanium as a result of gas absorption is not covered).
High-alloy steel is on average as suitable for welding as low-alloy steel; the
possible embrittlement of steel as a result of hydrogen, ageing or hardening is
not covered. Nickel alloys are on average considerably less suitable for welding
than steel. The individual alloy may, however, vary greatly from the average
values of 4, and A, included in Table 4.
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The welding suitability indices can also be used to quantify the influence of
preheating on residual stresses and distortion; see Section 4.4.2.4.

The welding suitability indices 4, and 4,, which characterize the welding
suitability of the material group regarding welding residual stresses and distor-
tion, supplement the weldability indices or hardening equivalents which are
used for steel in respect of undesired hardening in the heat-affected zone [344].

4.4 Manufacturing measures

4.4.1 Starting points

The range of possible manufacturing measures for reducing welding residual
stresses and welding distortion is large, but yet limited in its applicability and
effectiveness. Incorrect design or material decisions cannot be remedied, or only
partially, by manufacturing measures. However, on the other hand, the design
and material possibilities are considerably enlarged by sophisticated manufac-
turing techniques. ‘

Just as welding residual stresses play a determining role regarding weldabil-
ity even during the welding process, this applies equally to welding distortion. If
the edges of the welding groove are offset too strongly as a result of distortion
(opening, closing, off-set), manufacturability may be restricted or rendered
impossible. Consequently the measures presented below relate not only to
residual stresses and distortion in the completed welded structure, but equally to
residual stresses and distortion during the manufacturing process.

Organizational formalism of manufacturing measures is first of all con-
sidered. For welded structures, the residual stresses and distortion of which are
controlled by well established production measures, it suffices to have a welding
schedule with, by way of example, the following tabular data (after Ref. [5]):

- welding method,

— weld types,

— shop or assembly welds,
— base materials,

— filler materials,

— test methods,

— heat treatment.

For structures more complicated to manufacture with numerous mutually
influencing welds, this should be supplemented by a welding sequence schedule,
which, by way of example, contains the following additional data (after Ref. [5]):

prefabrication of the parts,

- dimensional inspection of the parts,
straightening of the parts,

— tacking or fixing of the parts,

— layer sequence in the weld cross-section,

|
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— welding sequence over the weld length,

— welding direction in the weld sections,

— back-step welding,

— sequence of welds,

— application of jigs and fixtures,

— simultaneous assignment of several welders.

Welding schedule and welding sequence schedule are jointly compiled by the
design and welding engineer.

The multitude of possible manufacturing measures are explained in detail
below. In this connection, a distinction is made between measures prior to and
during welding and post-weld measures. In manufacturing practice, such a dis-
tinction is only conditionally correct because welding manufacture proceeds as
a multiply staggered process. Semi-finished parts are joined to form compon-
ents, components to form assemblies, assemblies to form structures. The indica-
tion “prior to and during welding” or “post-weld” can therefore only relate to
the particular manufacturing stage in question.

4.4.2 Measures prior to and during welding

4.4.2.1 Overview

The principal manufacturing measures prior to and during welding are first of
all listed, then combined to form subsections, explained there in detail and
finally demonstrated by taking the examples of three typical applications—
a girder joint, a plate panel and patch welding:

— prefabrication,

— dimensional accuracy,

— groove cross-section and groove shape,
— multi-layer welding and layer sequence,
- tandem-welding,

— weld sequence,

— back-step welding,

— symmetrically simultaneous welding,

- tacking,

— preheating,

- simultaneous cooling,

- counter-aligning,

— preshaping,

— bracing,

— fixing.

4.4.2.2 General measures

The prefabrication of structural components and assemblies which are then
joined to form the total structure (see Section 4.2) is a precondition for limiting
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the residual stresses and distortion of the total structure on the basis of
effectively controlling residual stress and dimensional accuracy after each fabri-
cation step. Construction time is reduced as a result of parallel manufacture.
Components and assemblies can be manufactured in the shop.

The dimensional accuracy of the parts to be joined by welding is a prerequi-
site for limiting residual stresses and distortion. Lack of dimensional accuracy of
the parts usually necessitates pressing and fixing prior to welding until the weld
can be laid in the desired manner. This causes prestresses and predeformations
which are superimposed on the welding residual stresses and welding distor-
tions. The German Standard DIN 8570 [345], which specifies different classes of
dimensional accuracy for manufacture, can be used to specify the permissible
dimensional deviations for welded structures.

4.4.2.3 Weld-specific measures

The groove cross-section should be dimensioned as narrow as possibe to permit
the smallest possible heat input combined with the strongest possible heat
concentration of the welding method (by analogy to the tight dimensioning of
the fillet weld according to Section 4.2). As a result, the fusion zone and the
plastically deformed zones remain small, which reduces residual stresses and
distortion. The selected groove shape has a considerable influence on the groove
cross-section. The square groove permits the smallest possible groove cross-
section. The U shape is more favourable than the V shape. Symmetrical weld
grooves reduce angular shrinkage while residual stresses are increased. For this
reason the butt weld double-V groove may be used in place of the butt weld
V groove (or Y groove). By analogy, the double-sided fillet weld may be selected
in place of the single-sided fillet weld. The reduction in angular shrinkage is only
fully achieved, however, if the welds are laid simultaneously on both sides or if
alternate multi-layer welding is possible.

Multi-layer welding is applied on thick-walled components primarily be-
cause of the limited heat output of the welding processes, and has the advantage,
compared to single-layer welding, from the point of view of residual stresses that
no appreciable tensile residual stresses are built up in the direction of plate
thickness, which enhances the brittle fracture resistance. Transverse residual
stresses and transverse and angular distortion, by contrast, are generally in-
creased by multi-layer welding. The longitudinal residual stresses of the layers
deposited first are relieved, however, by the layers placed over them. In multi-
layer welding in the asymmetrical V or Y groove, the transverse residual stresses
depend considerably on whether angular shrinkage is permitted or not. If it is
permitted, high transverse tensile residual stresses occur at the weld root. In
two-layer welding in the symmetrical double-V groove, angular shrinkage can
be held at a low level by simultaneous single-layer welding on both sides.
Moreover, the better heat efficiency achieved as a result of this is advantageous
(an important aspect especially for gas welding of aluminium and copper).
Alternate multi-layer sequences on the two sides are also used for reducing
angular shrinkage, although these require easy-to-use turnover jigs for the
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Fig. 223. Reduction of angular distortion by alternating weld pass deposition in double-V groove:
turn-over after each pass (a), turn-over twice with symmetrical double-V groove (b), turn-over twice
with asymmetrical double-V groove and grooved-out root (c); after Malisius [5]

component. Layer sequences for double-V groove welds which have proven
satisfactory in practice are shown in Fig. 223. The asymmetrical double-V
groove is used where the weld root is grooved out. For the T joint with
double-sided weld, the connected parts are inclining in the direction of the first
weld. The weld on the opposite side can only partially compensate for the
inclination caused by the first weld, which has already cooled down. Aligning in
opposite direction prior to welding is common practice. In the case of the corner
joint with internal and external fillet weld, the inclination as a result of the
internal weld is greater than that resulting from the external weld. High shape
accuracy is, therefore, achieved by laying the external weld first. Longitudinal
shrinkage is reduced in multi-layer welding compared to single-layer welding;
transverse and angular shrinkage, on the other hand, are increased.

Tandem welding designates welding processes in which two or even more
heat sources are arranged in series and move together one after the other
producing the weld seam. Such a procedure is well established in submerged arc
welding. Up to three electrode wires may be used, melting into the same
longitudinally extended weld pool or connected with separate weld pools. In
laser beam welding the tandem effect is achieved by splitting the laser beam
[395]. The effect of tandem welding into a single weld pool is, besides higher
welding speed, a lower cooling rate connected with better evaporation. The
thermal control effects of multilayer welding are available if separate weld pools
are used. Aspects of preheating and post-weld heat treatment are put into effect
to some extent in tandem welding.

The welding sequence may have a considerable impact on residual stresses
and distortion. It is, therefore, precisely specified in the welding sequence
schedule for high-quality welded structures. The supreme principle is to assure
“unrestrained transverse shrinkage” or “large straining length” for butt welds. In
the case of plate panels with transverse welds arranged in a staggered pattern to
avoid weld intersections (Fig. 220a), the discontinuous transverse welds are
welded first, followed by the continuous longitudinal welds. A similar procedure
is adopted for cylindrical vessels where the longitudinal welds are executed first,
followed by the circumferential welds. In plate assemblies with stiffeners, the



262 4 Reduction of welding residual stresses and distortion

butt welds between the plates and between the stiffeners should be welded first,
and only then the fillet welds between plate and stiffener (Fig. 220b). In girders
prefabricated for field assembly, a section of the longitudinal weld in the joint
area is initially left unwelded in order to at least partially observe the above
principle (Fig. 220c). The unwelded girder plates act as the available straining
length.

Back-step welding is a measure to counteract the wedge-shaped opening or
closing of the weld groove ahead of the weld pool, which may especially occur
with long welds and low welding speed. If the groove displacement is sup-
pressed by pretacking or by rigid lateral restraint, this may result in a permanent
roof-shaped arching of the weld joint. A layer sequence which has proven
satisfactory in practice for back-step welding is shown in Fig. 224. First of all,
short tack welds of length | & 2.5h are executed, spaced e* > 25h apart. Spacing
should be all the closer, the slower the welding speed in order to reliably prevent
groove edge displacement. The first weld layer is subsequently deposited in
back-step from tacking point to tacking point opposite to the global weld
direction. Finally, the remaining layers are applied continuously, alternating the
direction. Back-step welding also reduces transverse and longitudinal shrinkage
of the weld joint as a whole. Welding residual stresses remain limited if the
welding operations are performed in succession without the part cooling down
completely in between. This is of significant benefit compared to the section-wise
joining of the structure with the (unavoidable) complete cooling down of the
welded sections before the remaining groove openings are closed. Back-step
welding is a wide-spread method for large structures such as ships or tanks.

Symmetrically-simultaneous welding reduces distortion. Welds arranged sym-
metrically in the component reduce distortion only if they are laid for the most
part simultaneously. Consequently, the circumferential welds of large vessels or
tubes are executed symmetrically-simultaneously by several welders (the first
layer in the back-step method). As cylindrical parts of the type considered do not
react locally soft, but only stiff as a whole, welding, if not performed simulta-
neously, would cause the first layer to tear and result in unacceptable misalign-

Fig. 224. Reduction of transverse shrinkage as well as groove gap distortion by back-step welding,
practicable only with arc welding: tack weld sequence (a), back-step welding sequence in first layer
(b) and cover pass (c¢); after Malisius [5]
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ment. Two welders are assigned to the top and bottom of large I section girders
(especially of girders without a straining length provided by unwelded longitud-
inal welds) to execute the chord joints symmetrically-simultaneously. If the
bottom chord is welded overhead, it is then necessary for two welders to work at
the bottom, compared to one welder at the top, because of the slower overhead
working speed. The symmetrically opposite longitudinal welds of slender girders
are welded simultaneoulsy to reduce distortion. The longitudinal curvature
caused by a longitudinal weld on one side of the girder is only partially
compensated for by a weld seam which is later on welded on the opposite side.
In the case of groove cross-sections of appropriate symmetry (e.g. double-V
groove weld), layers arranged symmetrically to the centre plane of the plate
should likewise be welded simultaneously. This rules out angular shrinkage and
improves heat efficiency.

The tacking of the aligned parts of a structure, mentioned above in respect
of back-step welding, before actual seam welding, has the purpose of achieving
particularly accurate manufacture in terms of shape and dimensions. Tacking,
however, must be employed with care. First of all, tacking must not be per-
formed at those grooves where high transverse residual stresses can be avoided
by unrestrained shrinkage. The tack welds must then be sufficiently long in
order to reliably transmit the shrinkage forces which will in other cases occur.
A weld length equal to two to three times the plate thickness is recommended
[5]. As relatively small-volume tack welds are applied to relatively large-volume
components, the cooling rates which occur with tacking are high and, as
a consequence, hardening and cracking are frequently accompanying phe-
nomena. These undesired phenomena are countered by preheating when tack-
ing. Finally, the formation of cracks and defects is possible when overwelding
the tack welds. The counter measures used in multi-layer welding, such as
preheating, slag removal, removal of defects, are also common practice in the
case of tacking.

4.4.2.4 Thermal measures

Welding residual stresses (in level and extent) and welding distortion can be
reduced by preheating. That this is so (ignoring transformation influences and
influences by the temperature gradients over time, see Section 4.1) is revealed
most clearly from the welding suitability indices according to equations (223)
and (224), in which the temperature difference T;,, — T, with preheating temper-
ature T, should be introduced in place of the melting temperature 7;,. The
remaining material characteristic values (without asterisk) should also be intro-
duced for the preheating temperature, but they vary less strongly relative to
T, — T,. In this way, 4, and 4, increase with higher T, and lower T,,. The heat
input of welding and the width of the fusion zone are diminished. Preheating
from this aspect is important for materials with a high thermal diffusivity such as
aluminium and copper alloys (preheat temperature < 200°C and < 700°C,
respectively). Preheating may also be necessary for reducing residual stresses at
elevated temperatures during welding of materials with a low ductility at high
temperature (cast iron, cast light metal). This consideration is correct, however,
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only for global preheating with unrestrained cooling down. Local preheating
may involve additional residual stresses and distortion (shown, by way of
example, for the preheated circumferential weld of a tube by Kd&ppel and
Reuschling [390]). It is recommended to preheat largest possible surface areas,
i.e. wide areas on both sides of the weld. For the present, the conditions involved
in the additional occurrence of influences from microstructural transformation
are unexplored. Local preheating cannot, therefore, be unrestrictedly termed as
beneficial from the aspect of welding residual stresses and distortion.

By contrast, preheating in the case of steel may, for metallurgical reasons, be
necessary [357]. In this case, it is a matter both of the reduction in cooling rate
in the heat-affected zone which improves the microstructure as well as of the
decrease in hydrogen diffusion which prevents cold cracking (hydrogen for
example from a moist electrode covering). The preheating temperature T,
necessary to obtain a definite cooling time Atg;s in single-pass welding is
determined from the relations in Section 2.4.3.3, e.g. on the basis of equations
(98) and (99) introducing T, = T, [391].

The heat-affected zone of low-alloy ferritic higher-strength structural steels
(they contain strength-enhancing alloying elements including CMn and are
partially supplied in a heat-treated condition) is jeopardized by cold cracking
which occurs in martensite hardened zones in the presence of diffusible hydro-
gen and may lead to brittle fracture. Frequent types of cold cracks are under-
bead cracks. Hardening and hydrogen diffusion can be decreased by preheating.
Preheating slows down the cooling process. A lower cooling rate means a more
ductile microstructure. Degrees of hardness < 350 HV are aimed at. The
preheating temperature for welding steels (up to 300 °C) is selected dependent on
carbon equivalent and ratio of (single-layer) weld thickness to plate thickness (or
a more precise cooling parameter). Preheating to at least 20°C is common
practice to reduce the risk of brittle fracture if the working temperature is below
5°C. Preheating is not necessary for austenitic steels because martensitic hard-
ening does not occur in these steels.

Preheating of the weld zone is performed locally with gas torches, heating
mats or induction coils. Asbestos mats are used for reducing the heat losses and
as a protection for the welders. The aimed-at preheating temperaure is checked
by means of temperature indicating crayons or adhesive thermometers. Global
preheating in a furnace is only occasionally performed. The regulations of the
codes in respect of preheating are summarized in Ref. [351]; the terms and
processes in Ref. [346].

Gas welding, compared to arc or beam welding, may be considered as
a process with a kind of local preheating in view of the heat input over a larger
area. As a consequence, residual stresses occur in a less pronounced manner.

Cooling simultaneously with heating by welding is employed in order to limit
the width of the fusion zone. The weld surface in electroslag welding is shaped by
water-cooled copper hoops. In flash butt welding, the workpiece is grasped by
water-cooled copper rings bridging a short working length. Water-cooled cop-
per electrodes are used for resistance spot welding. Welding on a root-shaping
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copper bar is also performed from the aspect of better heat diffusion (i.e.
cooling). Reducing the size of the weld pool has a reducing effect on residual
stresses and distortion. Nevertheless, the triaxial tensile stress state occurs to an
increased extent in thick-walled components. Unacceptable hardening may also
be an argument against cooling.

The circumferential weld of pipes made of austenitic stainless steel are
multipass-welded applying cooling with flowing or sprayed water inside the pipe
(“heat sink welding”) in order to prevent the axial tensile stresses at the weld
root and convert them to compressive stresses. Cooling is applied during all
weld passes following the root pass or only during the last pass. The objective of
the procedure is to prevent stress corrosion cracking in cases of sensitive
materials and high oxygen content of the medium in the pipe.

The residual stresses after heat sink welding have been analysed using an
axisymmetrical ring element model [426], the object being to optimize the
process. The heat input per pass should be kept low and axial restraint during
welding is recommended. The temperature at the cooled inside of the pipe
should not exceed 200 °C. Further results based on residual stress measurements
[427] refer to heat sink welding, last pass heat sink welding, induction heating
stress improvement (see Section 4.4.3.3.4) and other stress improving measures.

4.4.2.5 Mechanical measures

Distortion-compensating aligning (counter-aligning) prior to welding is pos-
sible to a certain extent in respect of angular shrinkage. It is possible, in this way,
to counteract the tilting of the chord with successively welded double-sided
longitudinal fillet welds by inclining the chord relative to the web prior to
welding. Likewise, it is possible to proceed with single-sided or double-sided
fillet welds in the case of corner joints. Plate strips joined with a longitudinal
weld in V groove can be aligned in a roof shape to compensate for angular
shrinkage. The distortion-reducing measures also include wedge-shaped align-
ing of the gap of the weld groove and control of this gap by a progressively
withdrawn wedge at the end of the groove, which ensures that the welding
groove is held open. This procedure can be applied on not excessively long welds
with transversely movable groove edges. It is widespread practice in the case of
gas welding of copper and aluminium, in this case replacing back-step welding,
which is not practical here because of the high heat losses. The various counter-
aligning measures are presented in Fig. 225.

Preshaping is employed as roof shaping of girder chords in order to compen-
sate for their angular shrinkage. The heart-shaped kink, which is produced by
angular shrinkage and directed inwards at the longitudinal welds (V groove
open to the outside) of cylindrical tanks, is most simply countered by leaving the
ends of the sheet plates plane when rounding the rest. It is possible to counter
the “drawing-in” of patches, block flanges or nozzles inserted with ring weld into
vessels or pipes by reverse predeformation (i.e. reverse bulging) of the cylindrical
or spherical shell. Local preheating can act in the same direction. Pipe ends may
be slightly bulged at the circumferential weld joint in order to obtain after
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Fig. 225. Reduction of distortion by counter-aligning measures with girders (a, b) and plates (c),
pre-welding position traced in solid lines, post-welding position in broken lines; fixing of groove gap
by wedge in single-pass gas welding (d); after Malisius [5]

Fig. 226. Reduction of distortion by preshaping, pre-welding shape traced in soild lines, post-
welding shape in broken lines: roof shaping of girder chords (a), plane end sections of cylindrical
shells (b), outward bulging of spherical shell with block flange (c), outward bulging of pipe with
circumferential weld (d), inward drawing of pipe at plane end (e); after Malisius [5] and Vinokurov

(8]

welding the (internally streamlined) smooth shape without any kink to the
inside. The weld misalignment to the outside in the case of circumferential welds
between cylindrical shell and end plate can be countered by drawing-in the end
of the shell. The various preshaping measures are presented in Fig. 226. They are
employed for relatively thin-walled structures. In such cases, shrinkage occurs to
a larger extent. On the other hand, the required forces for cold preshaping can
still be produced with common workshop presses.

Elastic positive-contact bracing is employed for hollow girders with single-
sided longitudinal welds in order to compensate for bending shrinkage
(Fig. 227). The magnitude and direction of the bending deflection are selected so
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Fig. 227. Elastic bracing of hollow girders with single-side longitudinal welds (a, b, ¢) or transverse
welds (d) during welding in rotary device (e); after Malisius [5]

that the girder springs back into the straight shape after welding. The weld is
placed on the convex girder side. Bending with positive contact is necessary
because the girder cross-section is “softened” during welding. The bending must
be selected slightly larger than the likely bending shrinkage when the girder is
not braced. Bracing can be achieved in a particularly economic manner by
counter-bracing two girders in a rotary device for applying a suitable sequence
of layers in the gravity position. Bracing on a curved surface is also employed for
compensating angular shrinkage, e.g. in sheet metal plates with welded stiffening
ribs (in shipbuilding). The heart-shaped kink to the inside at the longitudinal
welds (V groove open to the outside) of cylindrical tanks, which is caused by
angular shrinkage, is countered among other things by fixing measures taken at
the groove. With overlapping or butt welded thin sheet metal plates, the purpose
of bracing on a slightly curved surface is to avoid corrugation in the direction of
the weld and a corresponding misalignment of the groove edges during welding,

Fixing the parts to be joined by welding in a frame as rigidly as possible is an
effective countermeasure against angular and bending shrinkage. In many cases,
the load from the weight of the connected parts is sufficient without any special
fixing elements. However, it is only possible to reduce relatively slightly the
back-spring shrinkage when the component is released (approximative analysis
in Ref. [8]). The arching of thin sheet metal plates at the weld pool is minimized
by fixing measures close to the groove. Fixing is a largely unusable practice in
respect of transverse and longitudinal shrinkage. The very large forces which
occur in this connection rapidly exceed the frictional locking limits of the fixing
elements. The transverse displacement of the groove edges is minimized better
by groove gap inserts than by fixing.
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4.4.2.6 Typical applications

The first typical application considered according to Ref. [5] is the I section
girder joint shown in Fig. 228. As the cross-section acts as a whole and thus very
stiffly, even when welding short weld sections, the aim must be to lay the welds
simultaneously as far as possible. First the web is joined, and then the chords. As
the web cross-section is significantly smaller than the chord cross-section, the
restraint on shrinkage exerted by the web on the chords is not very large. The
top and bottom chord welds, by contrast, are deposited largely simultaneously
by two welders (numerals without and with prime in Fig, 228 for the layer
sequence). The two executions shown differ in the shape of the groove of the
chord weld. Shape (a) with double-V groove requires a rotary device (rotation
around the axis of the girder) to permit the gravity position for the entire
welding operation. Shape (b) with U groove is intended for joints with no rotary
facility. The gravity position is ensured with the exception of the root layers. In
both cases, a rounded cutout is provided between web and chord weld to ensure
defect-free welding over the entire width of the chord. The cutouts, however,
have a negative effect on fatigue strength so that it may be advisable to groove
out and weld the transition between web and chord. In compact I cross-
sections, the chord weld may also be welded first (Fig. 220c). The compressive
residual stresses which occur transverse to the chord weld as a result of this

Fig. 228. Groove shape and layer sequence for I section girder joint welded in rotary device (b); after
Malisius [5]
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Fig. 229. Fillet welded joint with cross plate
used in compression loaded I section girder (a)
or tube (b); after Malisius [5]

increase its fatigue strength. Rolled I section girder joints subjected to static
compressive load are better manufactured with a cross plate and fillet welds
(Fig. 229). The fillet weld is easier to manufacture free of defects, and shrinkage
and transverse residual stresses are less pronounced. It is not necessary to
observe a particular welding sequence.

The second typical application considered according to Ref. [5] is the
manufacture of large plate panels of tank bottoms, ship decks or ship bulkheads.
The sheet metal plates including the weld grooves are cut to shape with a high
degree of dimensional accuracy. The plates should be free of corrugations or
dents. In rectangular bottoms or walls the plates are arranged so that the
longitudinal welds run continuously parallel to the long edges whereas the
transverse welds are arranged in a staggered pattern (see Fig. 220a) in order to
avoid the crossing of the welds with the particularly unfavourable superimposi-
tion of tensile residual stresses. The shape and arrangement of the metal plates
and the welding sequence for a tank bottom are shown in Fig. 230. The
transverse seams are welded first. The outside plates are provided with radial
weld grooves, which are initially half-filled and are not fully filled until the
shell-to-bottom fillet welds have been executed. They are thicker than the
interior plates in order to diminish warpage and to reinforce the lower edge of
the shell. The flat bars placed under the butt welds also serve for reinforcement
besides backing the melting bath. The longitudinal welds of slightly tapered
bottoms are exclusively radial. They tend to form circumferential corrugations
as a consequence of the radial residual stresses. This is countered with the flat
bars placed underneath. The use of high-performance welding is recommen-
ded to keep the transverse and angular shrinkage to a relatively low level. In the
case of the octagonal panel with the welding sequence shown in Fig. 231, each
radial weld is completed before the next joint is tacked and welded in back-step.
Unrestrained transverse shrinkage is thus possible. Where warpage may occur
as a result of angular and longitudinal shrinkage, this can be avoided by
hammering the weld before the next plate is joined by welding. Thin plates
(h < 3 mm) tend to warp more easily than thick plates. Edge welds may produce
dents in the interior, interior welds may produce corrugations on the edge side.
It is widespread practice to brace thin plates on a slightly curved surface for
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Fig. 230. Joint design and welding sequence for plate panel of tank bottom; after Malisius [5]

Fig. 231. Layer sequence (a), joint design (b) and welding sequence (¢) for octagonal plate panel; after
Malisius [5]
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welding. Hammering after welding is advisable. Welding on a root-forming
copper backing has proven satisfactory in practice.

The third typical application considered according to Ref. [5] is patch
welding in which dimensionally precise cutting to shape and favourable welding
sequence play an important role. Patches are inserted or placed overlapping in
order to close cutouts which have arisen as assembly openings, as a consequence
of design modifications or by removing defective material. Patches placed
overlapping, which represent no problem in respect of distortion and residual
stresses, have the drawback of a low fatigue strength, are prone to crevice
corrosion and interrupt the smooth wall surface. Patches inserted flush, by
contrast, require a well reflected welding sequence if residual stresses and
distortion are to remain under control. The basic principle is to subdivide the
circumference of the patch into two halves, which are finish-welded in turn, each

Fig. 232. Welding sequence for inserted patches: circular and square patch (a, b), circular patch with
two welders simultaneously acting (c), circular patch with multi-layer weld (d) and rectangular edge
patch (e), after Malisius [5]
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in back-step. This assures relatively unrestrained transverse shrinkage of the
first circumferential half without interfering twisting of the patch. The tack
points on the opposite side should indicate the transverse shrinkage by tearing.
Suitable welding sequences for circular and rectangular patches are presented in
Fig. 232. Larger patches are best welded simultaneously by two welders
(Fig. 232c). Thicker patches are welded in the first layer with a small back-step,
in the subsequent layers with a large back-step in alternating direction
(Fig. 232d). For double-V groove welds, one side of the circumferential half is
completed first. Rectangular patches are well rounded at corners to enable
continuous welding around. The slight bulging of the patch, which is occa-
sionally employed, does not offer the aimed-at gain in compliance. Stretching
the weld zone by hammering is a useful means of reducing residual stresses in
a ductile material. Local annealing, by contrast, does not offer any major
improvement.

4.4.3 Post-weld measures

4.4.3.1 Overview

Possible post-weld manufacturing measures aimed at reducing (macroscopic)
tensile welding residual stresses and welding distortion are:

— annealing for stress relief,
— cold stretching,

- flame stress relieving,

— vibration stress relieving,
- hammering,

- rolling,

— spot compression,

- spot heating,

— hot straightening,

— cold straightening,

flame straightening.

Reference is made to Ref. [15] in respect of the presentation of (macro- and
micro-) residual stress reduction from a more metallographical viewpoint and
not restricted to welding residual stresses. A stimulating overview of stress
relieving measures is offered by Ref. [349].

4.4.3.2 Hot stress relieving (annealing for stress relief)
4.4.3.2.1 Hot stress relieving in practice and relevant codes

Welding residual stresses can be reduced while simultaneously improving the
microstructure, and the risk of distortion and cracking can be diminished
(stabilization) by heating the component to above recrystallization temperature
[347-358, 392]. The elastic modulus and the yield limit are substantially reduced
at this temperature and creep processes occur to a greater extent. The recrystal-
lization temperature is approximately half the melting temperature, measured in
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degrees [K]. The tensile stress areas are stretched as a result of yielding during
heating and the compressive stress areas upset accordingly. During subsequent
annealing, stress relaxation occurs as a result of creep, with then only minor
deformation and stress redistribution. Of importance for stress relief as a result
of yielding is the fact that the yield limit decreases to a greater extent during
heating than the elastic modulus, which occurs when the temperature ap-
proaches recrystallization temperature, so that the thermal strains are not
directly transformed into elastic stress relief, for this purely thermoelastic pro-
cess is reversed during cooling. Subject to this condition, the residual stresses are
reduced not only for the period of annealing but also after cooling down.

Heating and cooling must proceed slowly in order to avoid major temper-
ature differences between the surface and the interior of the component. Related
thermal stresses may otherwise cause cracks and prevent the desired reduction
in residual stresses as a result of new residual stresses being generated. The
related distortion would also be prohibitive. A prolonged warming-through and
annealing or holding time, in turn, is necessary to allow stress relaxation to
progress sufficiently uniformly and completely. Stress relief annealing reduces
not only the macroscopic residual stresses considered here, but also the micro-
scopic residual stresses. The residual stresses in markedly heterogeneous mate-
rials (e.g. flame cut edges or cladded plates) cannot be reduced easily by
annealing, see Section 3.4.4.

Post-weld heat treatment with stress relieving and microstructural recovery
or recrystallization is performed on mild and low-alloy steels in the temperature
range of 450 < T < 700°C with annealing times of 1 h < t, < 3 h. The heating
rate is selected depending on plate or shell thickness h, e.g. 5°C/min for
h = 10 mm and 1 °C/min for & = 50 mm. The cooling rate should only be half as
great. Alloyed austenitic steels may require higher temperatures (up to 1050 °C)
combined with a shorter annealing time and rapid heating and cooling in order
to produce sufficient relaxation and a favourable microstructure without crack
formation. This particularly applies to high-temperature steels, which do not
relax until the elevated temperature is reached and may embrittle beforehand as
a result of precipitations. Precipitation hardening aluminium alloys (e.g.
AlMgSi-type alloys) are first solution annealed at 500°C and then aged at
150°C.

Post-weld heat treatment can be performed on not too large components
globally in the annealing furnace or, in the case of a component size in excess of
this, locally in the weld area, with gas torches, heating mats or induction coils in
addition to asbestos mats for heat insulation [350]. Large vessels can be
annealed globally by global heat input combined with external insulation. Local
annealing is also applied on smaller components following repair and site
welding. The desired temperature profile at the component for global or local
annealing is presented schematically in Fig. 233. Thermocouples or pyrometers
are necessary for reliably monitoring the temperature. In multi-pass welding, the
deeper passes are post-weld heat-treated by overwelding. The related temper-
ature patterns are presented in Section 2.4.4.



274 4 Reduction of welding residual stresses and distortion

Fig. 233. Temperature profile over time of post-weld heat treatment, schematic representation

In the case of global post-weld heat treatment the residual stresses, the
maximum values of which are at or above the yield limit, can be reduced under
most favourable circumstances to approximately 15% of their initial value, i.e.
approximately to half the hot yield limit at annealing temperature. This reduc-
tion is acceptable in practice especially as the permissible load stresses remain in
some distance from the yield limit. The limited annealing time and annealing
temperature, the triaxiality of the stress state, the inhomogeneous cooling and
the elastic resilience are responsible for only limited stress relief. If a welded joint
consists of different materials, this alone may result in considerable cooling
stresses being again built up following annealing for stress relief (see Sections
3.4.4 and 4.4.3.2.6 concerning cladded components). If only the cold and hot
yield limits in the weld and heat-affected zone of an otherwise homogeneous
material differ (e.g. as a consequence of hardening), the cooling stresses, in
contrast, are not increased.

With local post-weld heat treatment, it is by no means possible to reduce
residual stresses to the favourable value of approximately 15%, stated above in
respect of global annealing. What can be achieved in the individual case depends
on the design, material and process parameters. Whereas large-area annealing is
generally recommended, arguments are presented in Ref. [389] in favour of
a locally concentrated heat input combined with simultaneous cooling of the
surrounding areas.

To achieve large-area annealing, a minimum width 2w, of the heated zone
with adjoining gradual temperature drop should be obeserved, e.g. a multiple of
the wall thickness & or, in the case of circumferential welds of pipes or vessels,
a multiple of the square root on cylindrical shell radius R times shell thickness
h [351, 356]:

2w, > 5./Rh. (225)

As is generally known, the circumferential weld is subjected to the post-weld risk
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Fig. 234. Local post-weld
annealing with narrow and wide
heating zone, circumferential
weld in pipe; after Vinokurov [8]

of bending stresses transverse to the root. Post-weld heat treatment of the
narrow weld zone would only, after cooling, produce a similar stress state as
welding itself. If, however, the post-weld heat treatment zone is selected wide, the
high transverse bending stresses are shifted to an area in some distance from the
weld where the temperature drop occurs (Fig. 234). In applying local post-weld
heat treatment on multiply connected structures, heating and cooling should be
performed as symmetrically as possible in order to avoid high and widespread
cooling stresses.

The value of local post-weld heat treatment is thus based in a certain
controllability of the residual stress state and in the improvement of the
microstructure. Local post-weld heat treatment is performed to reduce the risk
of brittle fracture in the weld zone. It is less suitable for improving dimensional
stability because the residual stresses are, in most cases, only relocated.

In view of the practical significance of global and local hot stress relieving,
mandatory relevant data are presented in codes. In the German codes, for
example, they are found in the Steel-Iron Material Sheets of the VDEh and of
the VATUV, in the DIN Steel Standards, in AD Instruction Sheets, in the
Technical Rules for Boilers, Pressure Vessels and Piping, in the DVS Instruction
Sheet, in the Regulations of the Germanischer Lloyd for ships and in the KTA
Rules for Nuclear Reactor Components [347, 3517. These codes specify, depend-
ing on material, material composition, plate or shell thickness and service
temperature, in which cases post-weld heat treatment is necessary and provide
data relating to annealing time and annealing temperature, heating and cooling
rate as well as minimum annealing and insulation width. The annealing temper-
ature in the German regulations ranges from 530 to 800 °C, the annealing time
being at least 15 to 60 minutes. Heating and cooling rates are prescribed
dependent on plate or shell thickness. It is unjustified, however, to make the
annealing time (after deducting the warming-through time) dependent on the
plate or shell thickness, as is the case in many non-German regulations (e.g. in
the ASME Code).

Inspection and supervision authorities often see themselves confronted with
the question of when it is possible to do without post-weld heat treatment in
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borderline cases. An assessment table [354] has been proposed for the require-
ment of vessel construction according to which the following circumstances
favour forgoing post-weld heat treatment: Carbon content or carbon equivalent
low; primary parts normalized by annealing; plate or shell thickness small;
structure flexible; welding area preheated; defect inspection optimal; material
particularly ductile.

4.4.3.2.2 Stress relaxation tests

More precise insights into the effect of stress relieving depending on material,
initial stress, annealing temperature and annealing time (identical with holding
time) can be gained on the basis of stress relaxation tests on rod-like specimens.
The particular type of loading applied to the specimens (tension, torsion or
bending) requires a method for transferring the test results to different loading
conditions in the welded structure. If rough assessments are not adequate, it is
necessary to perform a detailed analysis in accordance with Section 4.4.3.2.6.

In the simplest case, the stress relaxation test is performed isothermally at
the annealing temperature envisaged for the structure as a long-time test with
uniaxially loaded tensile specimens [359]. Different stress relaxation curves over
(annealing) time are obtained for different initial stresses while keeping the total
strain fixed (Fig. 235). The stress drop designates the conversion of elastic into
viscoplastic strain.

The isothermal long-time test described above is not fully satisfactory for
assessing hot stress relieving in so far as the initial stress is not applied until after
the annealing temperature is reached, whereas, in the structure, the initial stress
already drops during heating. Measuring the stress reduction during heating is,
however, difficult insofar as the thermal strain, which occurs simultaneously,
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Fig. 235. Stress relaxation curves in isothermal long-time tensile test, NiCr-alloy steel, annealing
temperature T, different initial stresses o; after Maildnder [359]
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must be eliminated. The anisothermal types of test described below overcome
this difficulty, each in a characteristic manner, whereas the test results have been
found to harmonize with each other [348, 364].

In the anisothermal tensile relaxation test [361, 365-367, 385], the elastic-
viscoplastic total strain in the loaded test specimen is maintained at a constant
level by means of an extensometer and servo mechanism, proceeding from an
unloaded compensator specimen applied in parallel (Fig. 236). The thermal
strain displacement of the compensator specimen controls the rotation of the
spindle at the crosshead which generates the load. It is necessary to set the
temperature at the specimens with an accuracy of + 1°C in order to achieve
useful results even after severe relaxation. The advantages of this test are the
homogeneous distribution of stress in the specimen and the single-valued
determination of stress and strain.

In the anisothermal torsion relaxation test [358, 360, 363], the torsional
shear stress which is unaffected by the thermal strain serves as the test basis. The
shear stress is generated in a torsion rod (normally a solid rod; in special cases

Fig. 236. Anisothermal tensile
relaxation test; tensile specimen TS,
compensating specimen CS, furnace FU,
silicon rods SR, displacement gauge DG
(extensometer), force measuring device
FD, frame FR, cross head CH, servo-
motor SM, gearing GE, spindle SP; after
Murry [367]
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Fig. 237. Anisothermal torsion relaxation test: specimen SP, furnace F, mechanical drive D,
pendulum P, weight W, measuring wire M, slide S; after Wellinger [360]

also a hollow rod), the thermal expansion manifests itself as (unrestrained)
longitudinal displacement (Fig. 237). The mechanical drive produces a certain
twist of the initially cold specimen, the maximum shear stress 7., remaining
below the shear yield limit 7y, i.€. T & 0.75 7y. This twist is, in terms of forces,
in equilibrium with the swing of a weighted pendulum. The swing, once set, is
maintained constant during the test (heating, annealing and cooling phase) by
a measuring wire, the tension of which is a measure for the unloading moment.
The specimen end at the pendulum side is mounted on a slide, which can move
longitudinally, to permit unrestrained thermal strain. The expenditure for the
torsion test presented is low provided solid rods are used. A drawback is that
the torsional shear stress cannot be calculated sufficiently unambiguous from
the torsion moment. The values which result are slightly different depending on
the assumed radial stress distribution (between elastically linear and plastically
constant). Hollow rods with the unambiguous stress calculation, on the other
hand, considerably increase the expenditure for conducting the tests with the
result that it is then preferable to remain with tensile tests. The relaxation curves
of solid and hollow rods differ only slightly according to Ref. [360].

In the (outdated) anisothermal bending relaxation test, two bending bars are
mutually braced by a certain amount of deflection generating a transverse
bending force and subjected in this state to annealing treatment. Following
annealing and cooling, the remaining elastic spring-back deflection is measured.
Bending stresses are calculated from the deflections before and after annealing,
the distribution of the stresses over the cross-section height being assumed to be
linear (as in the purely elastic range). The difference of these stresses designates
the stresses relieved by annealing. This very simple test has the disadvantage of
the lack of a measuring facility during the test and of the inaccurate determina-
tion of the stresses.
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Two relaxation curves of a fine-grained structural steel obtained in the
anisothermal tensile relaxation test are shown in Fig. 238. Proceeding from the
(lower or higher) initial stress, heating is performed to a (lower or higher)
annealing temperature; this is maintained for one hour, then recooling is
performed. The initial stress is reduced slightly at first with increasing temper-
ature (corresponding to the temperature dependence of the elastic modulus),
then more strongly after the high-temperature yield limit is reached (corres-
ponding to the temperature dependence of the yield limit). The stress reduction
can be intensified by microstructural transformation processes [367]. The re-
duction without yield of the initial stress o, to the final stress ooy according to
the elastic modulus E,q at 20°C and Ey at T [°C] follows from the equation:

O-OT =O'0_. (226)

In this connection, a minor deduction for long time relaxation requires to be
taken into account in Er from approximately 200 °C onward if E; has been
determined in a short-time test. Following the stress decrease according to
elastic modulus and yield limit the viscoplastic stress decrease takes place, which
is relatively small in the considered case of low annealing temperature and
annealing time. The rise in stress during recooling is likewise relatively small in
Fig. 238 and does not fully correspond to the temperature dependence of the
elastic modulus during heating. Too high a recooling stress, on the other hand, is
measured in Ref. [366]. The same temperature dependence of the elastic
modulus during heating and cooling is required according to traditional con-
cepts.

Relaxation curves determined in the anisothermal torsion relaxation test
according to Ref. [348, 362] for different steels are shown in Figs. 239 and 240
(see also Ref. [360, 361]). The increase of stress reduction with annealing
temperature and annealing time is shown in Fig. 239. Individual curves from
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Fig. 239. Stress relaxation in torsion loaded circular rods with fixed twisting angle subjected to
a temperature profile over time typical for post-weld heat treatment; after Lange [362]

Ref. [348] for heating and annealing starting from different initial stresses in
some cases are presented in Fig. 240. Different steels of the same steel group may
display different relaxation behaviour. The conversion of the offset yield limits
from g, into 1, 4 is of interest for assessing the level of the initial stress relative
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Fig. 240. Stress relaxation in torsion
loaded circular rods with fixed partly
different twisting angles subjected to
heating and annealing; after Tummers
[348]

to the yield limit. The following formula is used in this case:

To.s = 0.59 3¢ 5. (227)

A further family of relaxation curves obtained in the torsion relaxation test with
a structural steel, which was used in the numerical simulation of stress relieving,
is shown in Fig. 243a.

Figures 238, 239, 240 and 243 show that, during heating, a reduction in stress
occurs principally as a result of the reduction of elastic modulus and yield limit
and, during annealing, then mainly as a result of creep. Complete reduction in
stress is not possible as annealing time and annealing temperature are limited.
After an annealing time of 1 h at an annealing temperature of 600 °C, though,
the stress of common steels is already greatly reduced.

4.4.3.2.3 Microstructural change during hot stress relieving

The process described is termed hot stress relieving in distinction to cold stress
relieving, which is dealt with in Section 4.4.3.3. Its common designation is “stress
relief annealing” (in former times also incorrectly termed “stress-free anneal-
ing”). The designation is selected too narrowly insofar as hot stress relieving is
linked to microstructural recovery (at T~ 0.5T;,) or even microstructural recon-
stitution (at T > 0.57;,), and this effect may be more important than that of
stress relieving. In the English language, consequently, the term used is the more
comprehensive one of “post-weld heat treatment”. In the German language, the
name “recrystallization annealing” is also used, if there is a one-sided interest in
microstructural recovery. In reality, recrystallization annealing is always linked
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to stress relieving. For the reasons stated, stress relief annealing is considered
here from the general aspect of post-weld heat treatment.

The purpose of post-weld heat treatment is to reduce macroscopic residual
stresses and to change the microstructure in a favourable direction including
reduction of microscopic residual stresses, hardness, strain ageing and hydrogen
content of the weld (in the case of ferritic steel). As a consequence of the
reduction of (tensile) residual stresses, of hardness, ageing and hydrogen content,
the brittle fracture strength, the creep fracture strength and the resistance
against (stress) corrosion cracking are enhanced. At the same time, the shape
stability of the welded component is assured during machining and when sub-
jected to service loads. As a result of the microstructural change, the ductility of
mild and low-alloy steels can be recovered after cold forming with strain ageing;
for example, at cracks and defects in the heat-affected zone or at folded edges
and other cold-formed areas. The microstructural change of higher-alloy steels
applies to the recovery in ductility in the hardened zone or the reduction of
hardness peaks. Coarse grain in electroslag welding is eliminated by (normaliz-
ing) heat treatment. The desired improvement of the microstructure is often
ranked higher in respect of brittle fracture than the reduction in residual stresses
obtained [353].

But there are also limits to the positive effects of post-weld heat treatment
and, if ill-considered use is made of the process, this results in a deterioration of
the welded joint in place of the desired improvement. The reduction in residual
stresses may only be slight in the case of triaxial tensile stresses or restrained
cooling distortion. Too high an annealing temperature or too long an annealing
time, on the other hand, impairs the mechanical material characteristic values,
particularly those of low-alloy CMn steels. Tensile strength and yield limit of
C and CMn steels are decreased by up to 10%; the transition temperature in the
ISO-V-notch impact test is increased by up to 30 °C [369]. In higher-alloy steels,
particularly high-temperature steels containing molybdenum and vanadium,
annealing may result in precipitation in the heat-affected zone, which leads to
a loss in ductility of the grains and shifts the deformation into the grain
boundaries with the risk of intercrystalline cracking (relaxation or creep embrit-
tlement, reheat or stress relief cracking).

4.4.3.2.4 Equivalence of annealing temperature and annealing time

In practice, the possible annealing time is limited for reasons of economy, and
the annealing temperature, on the other hand, must also not be too high because
of the negative effects already stated. As regards the reduction in residual
stresses, annealing time and annealing temperature are equivalent quantities
within the range of annealing temperatures recommended in Ref. [106, 110,
111]. At a lower temperature, it is necessary to anneal for a significantly longer
period than at a higher temperature in order to achieve comparable stress
relieving. It is irrelevant in this connection whether annealing is performed in
a single operation or in several stages; it is the total annealing time which is the
decisive factor [366].
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The curves presented in Fig. 241 according to Ref. [355] apply to tensile
specimens made of CMn-alloyed steel (g0, = 215 N/mm?, oy, = 426 N/mm?),
which, after being heated to temperatures between 500 and 650 °C, were sub-
jected to a fixed strain of 0.15% and then given over to relaxation. The initial
stress ranged from 146 N/mm? at 500°C and 43 N/mm? at 650°C. It was
assumed that the stress achieved in the hot state after several hours of relaxation
is largely independent of the choice of the fixed strain or initial stress level. The
stress achieved after relaxation in the hot state was calculated back to the
residual stress in the cold state on the basis of the temperature dependence of the
elastic modulus. From the diagram, it is clear that stress relieving, e.g. to
38 N/mm?, can be achieved alternatively by 600 °C for 1 h, 575 °C for 4.5 h or by
550°C for 22 h. The required annealing time thus rises progressively with
a dropping annealing temperature and is uneconomically high below 575 °C. It
should be noted, however, that heating temperatures around 500°C in the
structure subjected to residual stresses have a marked stress relieving effect
alone as a result of the reduced yield limit.

As a further numerical example, the equivalence of 575 °C for 3 h and 625 °C
without duration applying to the CMn steel in Ref. [3807] is mentioned.

The equivalence of annealing temperature 7, and annealing time f, in
respect of the stress relieving effect is also reflected by the Holloman-Jaffe index
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H, [369, 371], considering in ¢, an allowance both for the heating and cooling
phase according to Eriksson (see Ref. [372]), Fig. 242.

H, = T,(20 + logt,) 103, (228)
P

T,
"~ 2.3d7/dt(20 — logdT/dt)”

The Holloman-Jaffe index H,, (with d7/d¢ [K/h], T, [K], t, [h]) was used in
Ref. [371] for describing the change in hardness as a consequence of heat
treatment for a group of carbon steels. Later, test results were presented for hot
stress relieving dependent on this index [372]. Finally, it was possible to verify
the correlation with the reduction in yield limit, ultimate tensile strength and
notch impact toughness caused by annealing [353]. Reduction in hardness and
residual stress have comparable significance in practice.

The equivalence of annealing temperature and annealing time is not con-
firmed in respect of brittle fracture of large plates with transversely notched
longitudinal weld in Ref. [324]. The level of annealing temperature alone
determined the reduction in the brittle fracture transition temperature; the
reduction in hardness, not the reduction in residual stress, being decisive.

s (229)

4.4.3.2.5 Creep laws and creep theories relating to hot stress relieving

The term “creep” designates the permanent strain which increases with time for
fixed stress or to the permanent strain which increases with time at the expense
of elastic strain for fixed (total) strain (stress relaxation). Creep is thus a kind of
viscosity of solid bodies. Creep in metals occurs to a greater extent only above
the recrystallization temperature. Creep (primarily at high temperature) can be
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regarded as a process with time-dependent permanent strain in contrast to
yielding (primarily at low temperature) as a process with time-independent
permanent strain. Whereas, in creep, the viscous strain rate is controlled by the
shear stress, in yield, the plastic strain is directly dependent on the shear stress.
The momentary creep or yield process can be influenced by the entire strain
prehistory (material memory). This is neglected in simplified creep theories, in
which creep is made dependent solely on the momentary state variables.

The close connection between creep and yield is accentuated if creep occurs
only after the yield limit has been exceeded, creep thus not being possible below
the yield limit (untypical for hot stress relieving). The related deformations are
designated as viscoplastic. Whereas the plastic deformations occur instan-
taneously, viscous deformations need time to take place. Plastic deformations
predominate at the start of heating for hot stress relieving, whereas only viscous
deformations occur during actual annealing [379]. Plastic and viscous strains
can be kept separate in the creep theories, with yield laws on the one hand and
creep laws on the other, but they can also be united to viscoplastic strains, with
creep-yield condition, creep-yield law and creep-yield hardening law. The tem-
perature-dependent form of these laws is required for modelling hot stress
relieving processes.

The creep laws and creep theories were developed originally for designing
and dimensioning components made from metal (operated at high temperature),
concrete and plastic, which are at risk of creep deformation and creep fracture
[373-377]). The prime consideration, therefore, was the material behaviour at
a given (constant or variable) stress. The starting basis was the creep curves
g, = f(t, 6) determined dependent on time for differently fixed stresses 6. More
suitable for application to hot stress relieving, however, are stress relaxation
curves ¢ = f(t, ¢) recorded for differently fixed strains ¢ [1].

Creep laws for uniaxial stress ¢ are applied in combination with the rod
element model to stress relieving processes [383]. What applies in the simplest
case with a constant uniaxial stress is:

e =f(o)g(®)h(T) (230)
or alternatively:
& = f(a)g() h(T). (231)

The stress-, time- and temperature-dependent functions in equations (230) and
(231) are defined according to Norton:

f(6) = Bo", (232)
according to Bailey:
g(t) = Ft™ (1/3=m<1)2), (233)

according to McVetty:
gty=G6G(1 —e ")+ Dt (234)
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and according to Arrhenius:
h(T) = Ce AH/RT (235)

introducing the material characteristic values B, F, G, D, C, n, m, q, the creep
activation energy AH and the gas constant R. The constants B, F and C when
inserted in equation (230) are also condensed to a further constant K:

K = BFC. (236)

For the high-tensile steel HT80 it was found n = 2.4-3.0 and m = 0.4-0.5 at
500 < T < 600°C [385]. For the chromium steel ANS5616 used in aeroengines
it was found that K = 1.29x 107 '*, n =24 and m = 0.31 at 500 < T < 560°C
[389]. The material characteristic values of other materials are reviewed in
Ref. [378].

The temperature influence is usually not separated according to equation
(230) but is introduced as temperature dependence of the material characteristic
values. In respect of variable uniaxial stress o, the question arises how the
transition takes place between the (different) creep curves (which depend on o),
with ¢ being fixed (if time-hardening) with ¢, being fixed (if strain-hardening) or
according to another hypothesis.

Creep laws for multiaxial stress are required when applying the finite
element method to hot stress relieving processes. The creep law most often used
is the (yield-independent) creep law after Norton:

2 3 n—1

eij = EBo-eq O4ij- (237)
In this power function law, the creep rate . = de./dt is set dependent on the
deviatoric stress o4 [154, 194, 379, 380, 386] (von Mises equivalent stress o,
material characteristic values B and n). A corresponding exponential function
law (used for structural steel at T < 550 °C [117], material characteristic values
A, a) reads:

Ae“o"‘adij. (238)

Ecij = 204
The uniaxial version of equation (237) is identical to equation (232), and that of
equation (238) reads:

& = Ae. (239)

A complete multiaxial creep-yield law on the basis of the Bingham model is used
in Ref. [248].

From the yield and creep laws it follows that stress relieving is controlled by
the deviatoric stress portion and therefore reduces directly deviatoric stresses
only. The volumetric stresses are reduced only indirectly and to a considerably
lesser extent as a consequence of the stress redistribution occurring in parallel to
the reduction of the deviatoric stresses. The volumetric stresses occur as purely
triaxial tensile stresses only in inhomogeneous stress fields, particularly ahead of
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crack tips, for instance, but also in the interior of electroslag welds. Relieving the
global deviatoric stress state, therefore, also means relieving the local volumetric
stress state. This fact is confirmed by the analysis results in Ref. [8] for the
triaxial tensile stress state in the interior of an electroslag weld (Fig. 243). The
triaxial volumetric stresses in the interior are, after finishing the (long-time)
annealing treatment, higher by the factor 2.0 to 2.5 than the predominantly
deviatoric uniaxial stresses on the surface of the weld. A direct reduction of the
volumetric stresses is admittedly not possible according to the yield and creep
laws of the macroscopic theories mentioned, but is, nevertheless, conceivable to
some extent in the realm of microstructural reality. For the present, no basic
investigations into this question exist.

From the considerations of the paragraph above, it can also be concluded
that stress relieving is simulated only in a rough approximative manner when
fixing the local total strains (and thus suppressing global deformation), as is
occasionally proposed for analysis. The final aim of hot stress relieving, namely
the reduction of the local triaxial tensile stresses, is achieved only through

Fig. 243. Residual stress relaxation by annealing of electroslag weld in structural steel (no. 30
according to SSR Standard); octahedral shear stress t* from tensile test (¢ = 2.12t*), experimental
result (a), uniaxial surface stress (transverse to weld) and triaxial interior stress in weld, analytical
result (b); after Vinokurov [8]
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a stress redistribution (connected with local and global deformation). A corres-
ponding statement applies to the constancy observed in Ref. [386] of the ratio of
the local stress components which must remain on the yield surface during stress
relieving.

4.4.3.2.6 Analysis examples and experimental results relating
to hot stress relieving

The analysis of the thermal and viscoplastic processes during hot stress relieving
is performed using finite elements and time-incrementally linearized algorithms
[190, 373]. The starting basis, as for welding, is the temperature field. Compared
to the better known plastic analysis with only formally time-dependent load
increments, an essential element of viscoplastic analysis is the computational
control via real time steps. Modelling follows the possibilities presented for
welding processes applying rod elements, ring elements, plate and shell elements.
Calculations of this type can assist in verifying specifications regarding anneal-
ing temperature and annealing time in practice.

The rod element model [383] is used to observe the reduction of weld
longitudinal residual stresses in austenitic stainless steel 304 and in ferritic
high-strength steel HY 130. The heating and cooling phase is simulated as purely
(elastic-)plastic, the annealing phase as purely viscous. An exponentially time-
dependent uniaxial creep law is used. After annealing for several hours at 593 °C,
only moderate stress relieving is determined numerically for the high-temper-
ature creep-resistant steel 304 (the measurement indicates more).

Elastic-plastic hot stress relieving of a cylindrical shell is simulated in Ref.
[388] by means of layered ring-type shell elements. The basic investigation
relates only indirectly to welding residual stresses. In fact, the inhomogeneous
residual stress state is considered in a cylindrical shell of finite length, which had
been stressed by removing a longitudinal strip and joining the longitudinal shell
edges together again. It is verified that the residual stress after stress relieving is
10 to 20% higher than the yield limit at the applied maximum temperature.

With a ring-type solid element model, the residual stresses in the single- and
multi-pass circumferential weld of a pipe made of micro-alloyed fine-grained
CMn steel were determined by Josefson [379-381] (material characteristic
values similar to Fig. 114, 6y = 360 N/mm?, rising to 640 N/mm? in the 50%
martensitic part of the heat-affected zone). The processes during welding are
simulated as (elastic-)plastic with transformation (Atgs = 13 s), those during
annealing as (elastic-)viscoplastic (with creep law after Norton [375]). The weld
profile and finite element model for single-pass welding are shown in Fig. 244;
the residual stresses after welding and after annealing in Fig. 245. A remarkable
fact is the rough consistency of the results with those in Ref. [226, 227] (initial
strain model) in the transformation-free cross-section areas. Weld profile and
symmetrized finite element model for multi-pass welding are shown in Fig. 246.
The residual stresses in the weld centre plane after welding and after global or
local annealing are plotted in Fig. 247. The residual stress distribution is
fundamentally changed compared to single-pass welding. High tensile residual



4.4 Manufacturing measures 289

Fig. 244. Finite element cross-section model of single-pass circumferential weld in pipe made of
CMn-alloyed steel; after Josefson [379]

Fig. 245. Axial and circumferential residual stresses, o, and o, in outer and inner surface of pipe
made of CMn-alloyed steel, as-welded and after annealing, analytical results; after Josefson [380]

stresses occur in the intermediate layers. They are significantly reduced after
global annealing (annealing temperature 575 °C; annealing time 2 h). They are
less significantly reduced after local annealing on a width of w, = 50 mm on
both sides of the weld (maximum annealing temperature on the outer surface of
the weld in the weld centre plane 600 °C; annealing time 0.5 h). A remarkable
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Fig. 246. Multi-pass
circumferential weld in pipe made
of CMn-alloyed steel (a) and finite
element cross-section model
approximated as symmetric (b);
after Josefson [379]

Fig. 247. Welding residual stresses, 6,, 0., 6,, in weld seam centre plane of pipe made of
CMn-alloyed steel, as welded (a), globally annealed (b) and locally annealed (c) (annealing temper-
ature T,, ambient temperature T, = 0°C, width of annealing zone w,), analytical results; after
Josefson [379]
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fact is the relatively marked change in stress during cooling. The investigation
was extended to cover steel A508 (oy = 460 N/mm?, in the heat-affected zone up
to 1060 N/mm?, steel known as relaxation-embrittling), also calculating the
local damage dependent on the equivalent stress (according to the creep fracture
theory proposed by Kachanov). In accordance with the analysis result, the
damage occurs initially in the martensitic layer of the heat-affected zone, which
undergoes a local plastic strain of approximately 0.1%. A high heating rate and
annealing temperature prove to be favourable according to comparative anal-
yses.

An early finite element analysis of single- and multi-pass welding and
subsequent stress relief annealing of thick-walled CrMo-alloyed steel plates with
large thickness has been performed by Ueda [245, 386, 387] (including trans-
formation strain and creep relaxation) (Fig. 248). The investigation by Fidler
[384], in which creep relaxation is connected with longtime annealing, is related
to austenitic steel.

Measuring results related to the stress relief heat treatment of clad plates and
flame-cut edges are referenced and discussed in Section 3.4.4.

The residual stresses after slow heating (7., = 690 °C) and slow or quicker
cooling of a brick-shaped solid consisting of a low-alloy steel base with single-
side austenitic cladding have been investigated using a solid element model
[393]. Creep effects are neglected in respect of the missing holding time. The

Fig. 248. Transverse residual stresses in multi-pass weld, CrMo-alloyed structural steel A336F22,
plate thickness 200 mm comparison of experimental and analytical results; after Ueda, Fukuda and
Nakacho [245]
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residual stresses and strains after cooling are highly dependent on the cooling
rate. The heated model is instantaneously exposed to ambient temperature
introducing different heat transfer coefficients. There are tensile stresses in the
cladding after slow cooling and compressive stresses after applying higher
cooling rates. In the latter case, marked plastic zones occur on the inner and
outer surface of the base metal with cladding.

4.4.3.3 Cold stress relieving (cold stretching, flame and vibration
stress relieving)

4.4.3.3.1 Rod element model for cold stretching

Whereas the theory of hot stress relieving was explained by proceeding from
practice, the reverse order is adopted with cold stress relieving, the reason being
the routine nature of hot stress relieving compared to certain problems involved
in cold stress relieving. Cold stress relieving includes cold stretching (mechanical
cold stress relieving), flame stress relieving (thermal cold stress relieving) and
vibration stress relieving. The presentation starts with theoretical ideas regard-
ing cold stretching.

The (welding) residual stresses can be changed by (sufficiently high) loading
of the component, especially by overloading (mechanical cold stress relieving,
cold stretching). In the (frequent) favourable case they are reduced, in the (less
frequent) infavourable case, however, they are also again built up. Consequently,
a component containing residual stresses generally displays a reduction of
residual stresses, at least of the maximum values, after being subjected to a load.
A component originally free of residual stresses, by contrast, displays local
residual stresses at least in the notch areas after loading. Residual stresses may
also be built up with an inhomogeneously distributed yield limit, e.g. in
components with hardened layers or claddings.

The (welding) residual stress reduction by cold stretching can be illustrated
as follows. If the load stress field is superimposed on the generally in-
homogeneous residual stress field, the yield stress is prematurely reached (i.e.
earlier than without residual stresses) at points of particularly high residual
stress and equidirectional load stress superimposition. The material is deformed
at these points elastic-plastically. The yield zones enlarge with increasing load.
Following unloading from the elastic-plastic state, the residual stresses are
generally reduced. The cause of the reduction can be explained from the residual
stress sources which should be imagined as being located in the region of the
residual stress maximum values. As a consequence of the premature yield in
these areas, the intensity of the sources is reduced or (to express it differently) the
compatibility of the continuum is enhanced.

The more precise quantitative investigation of the process of cold stress
relieving proceeds initially from a uniaxially defined rod element model which,
in the simplest case, consists of a compound structure of three mutually pre-
stressed rods manufactured of the same non-work-hardening material (after
Riihl [396], Soete [397] and Erker [398]). In accordance with the typical
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distribution of weld-longitudinal residual stresses in non-transforming steels,
high tensile stress o is set in the inner rod, and half as high compressive stresses
d. in the two outer rods (Fig. 249d). When applying an external load to the rod
compound structure characterized by the tensile stress o, the yield limit is soon
exceeded in the tension rod, whereas the stress in the compression rods can be
further increased elastically (up to the yield limit) (Fig. 249a). After unloading
before the yield limit has been reached in the tension rod, the residual stress state
remains unchanged. After unloading from yielding in all three rods, the residual
stresses are completely eliminated. After unloading from yielding in the tension
rod only, the tensile residual stress is reduced directly (down to o*) and the
compressive residual stress indirectly (down to ¢¥, as a consequence of the
reduction of the tensile residual stress). The rod compound structure with
residual stresses reacts less stiffly than the compound structure without residual
stresses after yield has started. After stress reduction, a residual strain remains.

The process of stress relieving described above may also be represented in
a diagram in which the rod stresses are plotted over the external load stress
oy (external load related to total cross-section) (Fig. 250). Here, however, the
strain information, is lost.

Further effects, which play a role in practice, can be observed on the
prestressed rod compound structure under consideration. If the structure is

Fig. 249. Three-rod compound structure, prestressed similar to longitudinal stresses in welded joints
(residual tensile and compressive stresses, o, and o, ) and subsequently loaded (load stress o, strain €)
(d), tensile and compressive loading and unloading resulting in residual stress relief (residual stresses
o and o¥) (a, b), loading process with strain hardening, ie. rising yield limit (c); after Vohringer
[401]
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subjected to an external compressive load, the compression rods yield first
(at a relatively high external load), and the tensile residual stress is reduced in-
directly, as a consequence of the elimination of the compressive residual stress
(Fig. 249b). Hence, upsetting as well as stretching produces a reduction in
residual stresses. If, on the other hand, different yield limits and work hardening
capabilities are assigned to the rods in the tensile loaded compound structure (in
approximation of the conditions in the weld and heat-affected zone), complete
stress relieving as a result of cold stretching is no longer possible (Fig. 249c).
Different yield limits may be due to different materials, microstructural states or
stress multiaxiality. In practice, therefore, cold stress relieving, like hot stress
relieving, never results in a complete elimination of residual stresses.

Plate strip specimens configured according to the three-rod prestressing
principle, with transverse or longitudinal weld in the inner strip (the related
transverse weld specimen is also termed H specimen according to the arrange-
ment of longitudinal slots and transverse groove), are widespread for investiga-
tions into cold and hot stress relieving or into cold and hot crack susceptibility
[385, 268].

The (in practice significant) influence of the heterogeneity of the material on
stress redistribution following yielding can be represented as follows considering
the two principal loading directions, namely transverse and longitudinal loading
of the weld (Fig. 251). The mechanical behaviour of a tensile loaded mild steel
plate with transverse and longitudinal butt weld is considered in a uniaxially
simplified form. The yield limit of the weld oy, is higher than the yield limit of
the base metal oy. Work-hardening and heat-affected zone are ignored. Initially,
the weld-longitudinal residual stress oy is set equal to zero. When a load is
applied transverse to the weld, the same stress ¢ occurs in the weld and base
metal. The base metal yields finally, whereas the weld metal remains elastic.
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Fig. 251. Stress-strain curves of
weld and base metal in tensile
loaded mild steel plate with
transverse and longitudinal weld,
respectively; different yield limits in
base metal, oy, and weld metal,
0y, influence of weld-longitudinal
residual stress; actual stress and
strain states after loading marked
by black and white dots

After unloading, no residual stresses remain. Brittle fracture is more likely in the
base metal. When the load is applied longitudinal to the weld, the same strain
¢ occurs in the weld and base metal. The base metal yields first although
a relatively small plastic strain is sufficient to also cause yield in the weld metal.
In this case, the stress in the weld metal is increased compared to the base metal.
Following unloading from the partially or fully plastic state, residual stresses
remain (in weld-longitudinal direction). Brittle fracture is more likely in the weld
metal because of higher stresses in the weld metal. Now, longitudinal welding
residual stresses (high tension in the weld metal, lower compression in the base
metal) are additionally allowed for. Nothing is changed by the residual stresses
when the transverse tensile load is applied. Neither does reduction in the
residual stresses occur. When the longitudinal tensile load is applied, the weld
metal yields first and then the base metal, followed by a reduction in residual
stresses to the values of the originally residual-stress-free plate after loading and
unloading. This simple consideration can also be applied to flame cut edges and
to claddings.

It is an obvious next step to simulate stress relieving of more complex
(uniaxial) weld-longitudinal stress patterns in oblong longitudinally welded
components by a compound structure with many rods (in place of only three
rods). The methods presented in Section 3.2.2 for calculating longitudinal
welding residual stresses can then be applied to the considerably simpler
conditions of fixed temperature in cold stress relieving. The loading process is
performed numerically in steps (incremental methods); in simpler cases also in
a single step. Equilibrium of the rod element forces, compatibility of the rod
element strains and observance of the material law (in the simplest case elastic-
plastic behaviour without work hardening) are achieved by functional-analysis,
graphical and numerical methods.
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With the combined graphical and numerical method of Tesar [399], it is
possible to reliably determine the reduction of the longitudinal welding residual
stress (also with yield stress variable from rod element to rod element, but
initially without work-hardening), as is verified by comparison with the results of
measurements. The uniaxial model used is also regarded as meaningful for the
biaxial welding residual stress state assumed as more realistic by introducing the
yield condition after Tresca-Guest-Mohr. That the residual stresses in the yield
zone are reduced to the value of “yield stress 6y minus load stress oy and in the
adjoining elastic zone are increased by the position-independent stress in-
crement Ao (value dependent on extent of stress relief) is highlighted as a result
which can be generalized (Fig. 252). The previously widespread assumption of
geometrical similarity between initial and final stress pattern is incorrect.

A (more exact) numerical solution is offered by Schimméller [400] for the
special case of a parabolic residual stress distribution, og, over the width 2w of
a plate strip (Fig. 253). The pressure maximum at the strip edge is twice as large
as the tensile maximum in the strip centre. The superimposed tensile stress
oy reaches the triple value of the maximum tensile residual stress oy s . It is thus
just below the yield stress oy (o = (12/13)ay). The (greater) tensile and (lesser)
compressive residual stress reduction is clearly shown from the results plotted in
Fig. 253. Of particular significance is the offset of the zero line penetration point
of the residual stress curve in the direction of the edge with increasing stress
relief, which is not taken into account in the solution of Ref. [399].

If the rod element models are applied to bending instead of to tensile load,
this reveals that a reduction in residual stresses in no way always occurs. For

Fig. 252. Residual stress reduction down to the level of “yield stress gy minus load stress o.”
(61 = o1, oy Or oyy) in yield zone and by the amount of Ag, (Ao, = Aoy, Aoy, or Agyy,) in elastic zone;
after Tesar [399]
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Fig. 253. Parabolic residual stress profile over strip width 2w, residual stress oy prior to loading,
elastic superimposition of residual stress og and load stress g , elastic-plastic stress redistribution
oge, unloading resulting in residual stress of ; after Schimmoller [400]

example, bending overload on a plate free of residual stresses causes residual
stresses to be produced. However, high residual stresses close to the yield limit
may generally be reduced.

4.4.3.3.2 Notch and crack mechanics of cold stretching

Despite their differentiation, the rod element models previously described do
not state enough regarding the practical problems which are characterized by
the presence of design notches and manufacturing defects (including pores,
shrinkholes, cracks). The usual reservation of these theoretical derivations,
expressed by the clause “provided the yield stress in the opposite direction is not
reached during unloading”, is not met at notches or cracks. What happens
during cold stress relieving at such more or less sharp notches? The elastic-
plastic stress state at the notch or crack root has been the subject of functional-
analysis and finite-numerical investigations. In particular, fracture mechanics
has been used to investigate the problem of the triaxial tensile stress state below
crack tips in thick-walled components. Unfortunately, there are no such invest-
igations available in respect of cold stress relieving; in particular also there exist
no finite element solutions, with the consequence that this complex must be
considered for the present as being insufficiently cleared. A few fundamental but
unquantified notch and crack mechanical considerations are provided below.

The stresses at sharp crack-like notches are distributed as shown in
Fig. 254a for the elastic (with maximum stress equal to the yield limit) and
elastic-plastic state. As a consequence of triaxial tensile stress underneath the
notch root, the stress here may rise to far beyond the uniaxial yield limit (in the
case of a crack to a maximum of 2.80y with large plate thickness). During
unloading from the elastic-plastic state, the purely elastic notch stress state with
reverse sign is initially effective. Following tensile loading, compressive residual
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Fig. 254. Stress state at root of crack-like notch subjected to cross tension for elastic conditions
(6 < gy), for elastic-plastic conditions and after unloading (residual stress ¢,) (a), stress-strain
hysteresis loops in areas far from and close to notch root (b); after Wellinger, KuBmaul and Krigeloh
[404]

stresses develop at the notch root which, with appropriate sharpness of the
notch, cause elastic-plastic compressive yield. In the stress-strain diagram shown
in Fig. 254b, unloading and reloading are presented for the slightly plastically
deformed area far from the notch root and for the heavily plastically deformed
area close to the notch root. In the former case, purely elastic reloading occurs
(strength-favourable behaviour); in the latter, a marked hysteresis loop with
premature initiation of yield when subjected to reversed loading (Bauschinger
effect) is passed through (strength-unfavourable behaviour). The strong plastic
deformation at the notch root also causes (under tension) a certain (strength-
favourable) increase in the notch radius.

The conclusion from this consideration is that components with notches or
cracks, which were initially free of residual stresses, display residual stresses in
the notch root area after being subjected to loading with elastically supported
local yield and subsequent unloading. In other words, what has occurred is
the opposite of stress relieving. Even if the yield at higher load covers the entire
cross-section and extensive stress equalization has taken place, the elastic notch
stress is again fully effective during unloading, with the result that even then
notch residual stresses remain. On the other hand, a positive element is that
sharp notches are rounded by plastic (tensile) deformation.

Components containing global residual stresses show locally increased re-
sidual stresses at the notches. When a load is additionally applied, the tradi-
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tional notch stresses are superimposed on them. Depending on the sign and
magnitude of the superimposed stresses, local yield occurs prematurely or
delayed. Following unloading, residual stresses remain, which may be increased
or diminished. When subjected to reloading, the favourable elastic behaviour
without damaging hysteresis loop occurs only in the case of a weak notch effect.

The conditions at the notch root should be assessed particularly from the
aspect of the triaxial tensile stress state. The latter occurs below the notch root
or crack tip in the (in this area) greatly inhomogeneous load stress or residual
stress field, particularly with a large plate thickness. However, the triaxial tensile
stress state may also be due to residual stresses within the notch- and crack-free
continuum, e.g. in the interior of an electroslag weld. The triaxiality of the
stresses produces the local stress increase beyond the yield limit in the interior of
the yield zone (up to 2.8y in the case of a through-crack in a plate with large
thickness). Triaxiality and stress increase together are the reason for the risk of
cracking (cold cracking and brittle fracture). The stress relieving measures must
therefore be oriented, above all, to eliminating the triaxial tensile stress state.
Obviously, though, the triaxial tensile stress state can only be diminished
indirectly, namely by reducing the equilibrium stresses of lower degree of
multiaxiality in the adjoining areas, because a high degree of multiaxiality
impedes direct yield; the situation is in this respect similar in the case of cold
stress relieving to that of hot stress relieving. A small plate thickness with an
accordingly low degree of stress multiaxiality at the crack tip facilitates stress
reduction.

To sum up, it can be stated that uniaxial cold stress relieving is reliably
quantified by the rod element model but that only very unreliable statements are
justifiable on that basis for the notched and possibly cracked component. In
particular, the conditions at crack tips with large plate thickness remain unclear.
Plastic deformation which occurs in areas with residual stress concentrations
during cold stretching does generally have a stress relieving effect although
unfavourable residual stresses may also be generated at notches which were
initially free of residual stresses.

4.4.3.3.3 Cold stretching in practice

These theoretical investigations and considerations are not sufficient for assess-
ing cold stretching in a practical situation. They simplify too greatly and
quantify too little. In particular, the dependence of the triaxial tensile stress state
on the yield and work-hardening properties of the material, on the geometrical
parameters and stress state conditions including their limit values, is unknown.
The practitioner must therefore proceed from empirical knowledge gained from
traditional material and brittle fracture testing when assessing cold stretching,
including theoretical considerations, only as an aid in this process. He will take
into consideration not only the change in residual stresses as a result of the
elastic-plastic deformation, but likewise the change in the mechanical material
properties (strength, ductility, fracture toughness) which occur simultaneously.
The decision which he is required to take relates not only to the type and level of

L
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loading but also to the working temperature during cold stretching. Moreover,
defect and crack inspection prior to and following the operation are also
a matter for discussion.

The influence of temperature requires to be taken into consideration, espe-
cially in the case of metals with a marked temperature embrittlement (and
correlated impact embrittlement). Temperature embrittlement occurs only with
a cubic body-centred structure of the crystallites, which is connected, moreover,
to the phenomena of a marked yield limit and strain ageing, This group of
metals includes the common ferritic structural steels.

In order to cold-work a temperature-embrittling metal without the risk of
fracture, the temperature must not drop below the transition temperature, which
depends not only on the material and its microstructural state but also on
component geometry and size (especially plate thickness), type of crack or defect
(especially size and sharpness) as well as on the loading speed and residual stress
state. The transition temperature of the component is usually unknown because
appropriate fracture tests are too expensive. The transition temperature is
determined, by contrast, for different specimens and (brittle fracture) test
methods. The problem then consists in drawing conclusions from the transition
temperature of the specimen on to the (usually higher) transition temperature of
the component.

The most extensive statements in this respect can be obtained from the
brittle fracture diagram according to Puzak and Pellini [406, 407, 411] (Fig.
255). It should be possible to transfer the rupture nominal stresses determined as
a function of temperature by means of certain specimens and test methods
(impact load) to the component, assuming the same plate thickness of specimen
and component. The curves are graduated according to crack size. The temper-
ature embrittlement appears correspondingly marked, a large (through-)crack
size resulting in a relatively high transition temperature and relatively low
fracture stresses below the transition temperature (low-stress fractures). The
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reference points required for drawing the diagram are identified by combina-
tions of upper case letters relating to the relevant test method. The most
important and reliable reference points are marked as NDT (nil ductility
transition) and CAT (crack arrest temperature).

The NDT temperature is determined in the drop-weight test in conformity
with ASTM Standard [408, 411]. A steel plate with or without a jointing weld,
but in any case with a semicircular saw cut on the tension side, artificially
embrittled by a surfacing weld, is deflected by the impact from a dropping
weight. The deflection is limited by a mechanical stop so that the yield limit is
just reached on the surface of the plate. What is evaluated is the maximum
temperature at which the saw cut acting as an initial crack propagates into
a complete brittle fracture of the plate (NDT temperature). The test results
therefore indicate the temperature below which small cracks propagate in
a brittle manner at nominal stresses close to the yield limit.

The CAT curve is determined in the Robertson test [409-411]. In an oblong
large-scale specimen, with or without a jointing weld, subjected to transverse
tension, an initial crack longitudinal to the specimen and transverse to the
tension load is made to propagate. The crack propagates (in the gradient test) in
the direction of increasing temperature, proceeding from the undercooled speci-
men end with the initial crack (— 196 °C) to the other specimen end held at
ambient temperature (or even heated). The temperature at the forwardmost tip
of the arrested crack (it runs ahead in the interior of the plate and thus forms
a “tongue”) is the crack arrest temperature. It is usually determined with a large
plate thickness and a transverse stress of 0.67¢y. The CAT curve of the brittle
fracture diagram is obtained from performing tests with different transverse
stresses or by estimation, proceeding from the observation of a minimum
(temperature-independent) rupture stress below NDT temperature. The CAT
curve indicates the temperature at which long (through-)cracks are arrested.

The FTE (fracture transition elastic) and FTP (fracture transition plastic)
points of the diagram are determined in special large-scale notched specimen
impact tests or large-scale specimen explosion tests as proposed by Pellini [406,
407, 411].

The brittle fracture diagram is normally compiled for the (possibly aged)
base material by means of specimens without a (jointing) weld. It can also be
determined, however, for the heat-affected zone, which may be embrittled or
aged. Curve field and transition temperature are shifted in the direction of
higher temperature in the case of embrittlement or ageing.

Proceeding from the CAT curve of the diagram described, it is recommended
for the considered group of temperature-embrittling steels to observe a specified
temperature difference AT, which depends on the load stress level, relative to the
NDT temperature Typr, when applying this stress on the structure. AT = 32°C
is recommended for stress levels in the range of the yield limit and for only minor
plastic strains. AT = 64 °C is recommended for stress levels above the yield limit
and major plastic strains. These values apply if large cracks are likely and if these
are to be reliably arrested. If major defects can be reliably excluded by non-
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Table 5. NDT temperatures of structural steels, values for design; after
Pellini [407]

Base metal Heat treatment NDT temperature

Low- and high-strength  As-welded —20-+20°C
steels, low-alloy Normalized —50- —10°C

High-strength steels, As-welded — 70— —40°C
medium-alloy Normalized — 100~ — 60°C

destructive inspection techniques, a smaller AT value suffices for stress levels
close to the yield limit.

These AT values can be applied directly to cold stress relieving. If only
a moderate overload is applied in order to verify a sufficiently high ultimate load
or in order to reduce residual stress maximum values by local yield, AT < 32°C
(depending on the maximum possible defect size) plus an allowance for the
embrittlement or ageing of the heat-affected zone is then sufficient. If more
extensive cold straining is applied, e.g. for shape correction, a AT value of twice
as much plus allowance must be provided. The NDT temperature depends on
the steel group and the steel quality class (Table 5). A fine-grained microstruc-
ture is favourable. Large components may be less favourable. From the Typr and
AT values stated as well as from the recommended additional temperature
allowances, it is clear that cold stress relieving should be performed in many
cases with preheating. The load, of course, should be applied slowly.

Temperature-embrittling steels are regarded as susceptible to ageing; this
means that work-hardening with a reduction in elongation at rupture occurs
after cold stretching and storing. Ageing should be regarded as a positive
element because further plastic deformations are suppressed as a resuit of the
ageing-related increase in yield stress provided that repeated overload (and
likewise a different load) can be excluded. Ageing should be regarded as
a negative element if repeated overload or a different load is likely because the
crack arrest capability of the steel is reduced due to ageing (the CAT curve is
shifted toward a higher temperature).

Cold stress relieving should be assessed significantly differently with metals
which are only weakly temperature-embrittling. This group includes high-
strength steels. Here, no significantly higher crack arresting capability is at-
tained as a result of increasing the temperature. Cold stress relieving in this
material group is only possible with the risk of instantaneous fracture. Reliabil-
ity for operation is verified if the part has not fractured during cold stress
relieving and is not subjected in service to a higher or different load. This
reliability verification is intensified in many cases by applying an overload at
a particularly low temperature. In the considered group of high-strength (and
mostly relatively brittle) materials, the conditions at crack-like defects during
cold stress relieving can be assessed on the basis of fracture mechanics, parti-
cularly effectively in combination with non-destructive inspection techniques.
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Overloading with the cold stress relieving effect may have different objectives
in practice [403-405]:

— Overloading as a control method serves as a verification of ultimate load.
Defects are indicated as abnormally large local deformation, or, in the most
unfavourable case, also as a crack or fracture. The service load remains
distant from this by a certain safety margin. The important point is to
completely cover the possibly critical service load cases; this means not only
the primary loads but also certain secondary loads. The degree of stress
relieving which is achieved by overloading is of secondary importance. The
pressure test in the case of vessels belongs to this type of overloading.

— Overloading as part of the manufacturing process is aimed at enhancing
strength. Local yield produces local hardening and reduction in residual
stresses. At service load, no, or only slight, plastic deformations occur as
a consequence of overloading. It is important to ensure that an adequate
residual deformation capability is retained.

— Severe overloading as part of the manufacturing process serves for shape
adaptation (straightening) or shape generation (shaping). Hardening and
stress reduction are intensified. High ductility of the material is a prerequisite
of the method. This is why the component is usually preheated. Only largely
notch-free components are suitable for such treatment. Vessel out-of-round-
ness can be eliminated or even multi-layer vessel elements adapted in this way.

Practical experience with cold stretching is reported in Ref. [402—-404]. The
method is only permitted to a restricted extent, at least in Germany [347, 405].

Cold upsetting instead of cold stretching is proposed for the circumferential
weld of austenitic steel pipes [427]. The pipe is compressed by clamps from the
outside. The hydraulically operated clamps are positioned alongside the weld,
i.e. not on the weld itself.

4.4.3.3.4 Flame and induction stress relieving

High weld-longitudinal residual stresses can be reduced more advantageously
by thermal than by mechanical cold stress relieving. The current thermal cold
stress relieving method is known as flame stress relieving [415].

Flame stress relieving was developed in the US and used initially in that
country in marine and large vessel construction around 1950. The reduction in
residual stresses which can be achieved with this method was more precisely
investigated in Germany [416-419], and was increasingly used, particularly in
shipbuilding and large tank construction [347, 419-422].

The plate (or shell) with butt weld which is to be stress relieved (typical plate
thickness 20 to 40 mm) is heated to between 150 and 200 °C on both sides of the
weld in a 100 to 150 mm wide strip using gas flames from pipe torches which are
continuously moved (torch spacing 120 to 270 mm) (Fig. 256). The temperature
of the weld zone is increased as a result of this to between 50 and 100 °C. The
temperatures on the rear side of the plate are 20 to 30°C lower and slightly
shifted opposite to the movement of the torches. At a distance of 150 to 200 mm
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Fig. 256. Flame stress relieving of butt weld:
arrangement of pipe torches and water spray;
moving direction, spacings and temperatures

after the pipe torches there follows a transverse water spray which cools the
plate back to the initial temperature. Pipe torches and water spray are moved at
a speed of 1 to 10 mm/s.

As a result of combined flame heating and spray cooling, delimited heat
zones are produced on both sides of the weld. The thermal expansion of the heat
zones impresses longitudinal tension and transverse compression on the weld
area (assuming adequate transverse restraint of the plate). During this process,
the yield limit is exceeded, the weld is plastically elongated and the residual
stress reduced after cooling. The stress reduction is rather good in the plate
surface which undergoes treatment (Fig. 257), but considerably poorer in the
plate surface of the opposite side.

In practice the process parameters require to be adapted to the conditions of
the respective individual case in order to achieve good results. These measures
should be checked by residual stress measurements.

Flame stress relieving displays a decisive advantage compared to mechanical
cold stress relieving, due to which the main problem addressed in cold stretching
is largely eliminated. Flame stress relieving takes place under transverse pres-
sure provided adequate transverse restraint exists, whereas cold stretching, e.g.
in the case of widening of a vessel by internal pressure loading, occurs under
transverse tension. Flame stress relieving occurs at a moderately increased
temperature, whereas cold stretching is generally performed at the service
temperature which is lower. Crack initiation and crack propagation during
flame stress relieving can be avoided even with low ductility and high suscepti-
bility to ageing because plastic deformation occurs under transverse compres-
sion with significantly smaller tensile stress than under transverse tension. The
minimum tensile stress necessary for crack initiation and crack propagation is
then not exceeded. Brittle fracture resistance is therefore reliably enhanced even
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Fig. 257. Longitudinal residual stress reduction in butt weld resulting from flame stress relieving:
longitudinal and transverse residual stresses, o; and o, before and after treatment (indices b and a)
(a), dimensions in cross-section (b); experimental results; after Wellinger, Eichhorn and Loffler [418]

in the case of steels with low ductility or high susceptibility to ageing by reducing
the residual stresses without any additional material damage.

Flame stress relieving has the disadvantage, compared to hot stress relieving,
that no recrystallization takes place.

Induction stress relieving is the term given to a process in which the circum-
ferential weld area of a pipe is inductively short-time heated on the outer surface
and simultaneously cooled with water on the inner surface. Provided the process
parameters are appropriately selected, it is possible with this method to reduce
the longitudinal and transverse tensile stresses at the weld root which enhance
the risk of crack initiation or to transform them into compressive stresses. This is
verified by Rybicki and McGuire [423] in continuation of Ref. [228, 229] by
means of finite element analysis for austenitic steel 304 (Fig. 258). As the high
temperatures are reached only for a short time, it is justifiable to ignore the creep
strains in the analysis model. As stress relieving occurs in the critical area (of the
weld root) in the cold state (in this case with or without plastic strain), induction
stress relieving is a special form of thermal cold stress relieving.

4.4.3.3.5 Vibration stress relieving

Vibration stress relieving is used in practice occasionally for reducing residual
stresses for stabilizing dimensions and shape during subsequent machining. The
component which has cooled down after welding (sometimes it is still hot) is
vibrated on an oscillation table or by means of an attached vibrator close to
higher natural frequencies of the part (10 to 100 cps) for 5 to 20 min at
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Fig. 258. Circumferential residual stress reduction on inner surface of pipe with circumferential weld
resulting from induction stress relieving: pipe outer surface induction heated (different heating
widths w,), pipe inner surface water cooled; analytical results; after Rybicki and McGuire [423]

a relatively small amplitude, whereby the damping of the component, measured
by the power consumption of the vibrator, is reduced. The method is controver-
sially assessed because its principles are insufficiently clarified and contradictory
results have been published. The literature and the results have been sum-
marized by Gnirl3 [428] (see also Ref. [429-434]).

A reduction in macroscopic residual stresses (residual stresses of the first
order) is a prerequisite for the often verified shape stabilization. Reduction is
only possible if the yield limit is exceeded, at least locally. Exceeding the yield
limit is enhanced by the following influences:

- high residual stresses, superimposed by equidirected load stresses;

— local increase of load stresses and residual stresses as a result of notches,
cracks and defects;

— temporary load stress increase in certain areas as a result of resonance
excitation;

— yield from the 0.1% offset yield stress on, which can be significantly lowered
both by microscopic residual stresses (residual stresses of the second and third
order) and by vibrations (at least for metals which undergo cyclic work
softening).

Stresses close to the cyclic 0.1% offset yield stress must obviously at least be
achieved in order to effectively reduce the macroscopic (and microscopic)
residual stresses. Relaxation processes of a different nature, which are speculated
in the literature (e.g. special dislocation mechanisms in Ref. [433]) are, to the
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extent that they actually occur, already contained in the locally reduced 0.1%
offset yield stress. Residual stress reduction is greatest in the first vibration cycles
and then rapidly flattens off. A high total number of vibration cycles should be
avoided because of the fatigue damage which then occurs.

Global vibration of complex welded components, without knowledge and
checking of the residual stress fields before and after stress relieving, is not
a particularly promising procedure. An additional impediment to success in the
case of welded components are hardened areas of the heat-affected zone in
which the 0.1% offset yield stress is greatly raised. Nevertheless, practical
application of the method in series production may be possible in individual
cases by virtue of the empirically assured findings.

Provided vibration stress relieving is successful, it offers numerous advant-
ages compared to hot stress relieving: low time and energy expenditure, lack of
thermal distortion, freedom from mill scale, unchanged mechanical material
characteristic values.

4.4.3.4 Hammering, rolling, spot compression and spot heating

Provided the metal is sufficiently ductile, both when cold and when hot,
stretching the (butt) weld by hammering (progressing in direction of welding) in
the cold or still hot state is an effective measure for removing longitudinal and
bending shrinkage. At the same time, by reducing the tensile residual stresses the
risk of cracking is diminished [412]. Hammering is performed layer after layer
with an electric or pneumatic chisel hammer adapted to the weld shape or also
by hand with a square set hammer. In the case of flush-welded patches (assembly
and repairs) or for fill welding (repair of defects), hammering can be decisive for
the feasibility of the measures. Sheet metal dents subjected to radial boundary
compression can be removed by hammering the boundary zone and stretching it
tangentially. Hammering of less ductile metal, though, enhances the risk of
cracking. Crack initiation is promoted by inhomogeneous and locally high
impact stress. The cold work ductility of the metal may, therefore, already be
exhausted before the first service load is applied. As a counter-measure, preheat-
ing or interpass temperature during hammering is recommended. Hammering of
welds is common practice in shipbuilding [347].

The warpage and residual stresses on thin sheet metal with butt weld are
reduced more gently by cold rolling than by cold hammering. The pressure load
under the relatively narrow steel rollers (approximately 10 mm wide) acts more
evenly and less as an impact. The first rolling operation is performed on the
weld; further rolling operations are performed close to and alongside the weld in
case of a wide heat-affected zone. The stretching effect produced by rolling while
reducing the thickness mainly counteracts the longitudinal and bending shrink-
age as well as the longitudinal residual stresses. The optimal compressive force
F, of the roller depends on the roller diameter d,; and the plate thickness h, as
well as on the yield limit oy, and the elastic modulus E of the metal. The
influence of the roller width w, on F, is negligible in practice. An approximation
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formula according to Ref. [8] reads:

3
F= | %. (240)

Sufficiently small thin sheet components may also be shape-corrected in a press
between flat or shaping plates.

Shot peening can produce a favourable compressive residual stress state in
the weld toe notch which results in a strong increase in the fatigue strength of the
welded joint [413, 414]. A similar effect is achieved by local rolling of the notch
root.

Compressing a plate between two dies with a circular cross-section (spot
compression) produces after unloading the axisymmetrical (in case of the infinite
plate) residual stress state shown in Fig. 259, characterized by continuous radial
compressive stresses and alternating tangential stresses. The method is suitable
for safeguarding weld ends if there is a risk of fatigue failure [414] (Fig. 260), but
is scarcely tested in practice. Only longitudinal welds, not transverse welds, can
be improved in this way. In the case of spot-welding, this method is known as
post-weld compression. A very effective process improvement consists in mak-
ing the dies to act between hold-downs which prevents a thickening next to the
dies and thus permits a higher transverse pressure in the compression spot. The
fatigue strength for infinite life of spot-welded joints can thus be increased to the
four-fold value.

Short-time flame heating of a circular area (spot heating) in the plate to above
recrystallization temperature produces compressive yield and, after cooling,
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Fig. 260. Compression spot at weld end
notch, longitudinal residual stress after
unloading; after Gurney [414]

Fig. 261. Residual stresses after spot
heating and cooling (yield limit oy,
radius of heat spot, R); after Gurney
[414]

axisymmetrical (in case of the infinite plate) radial tensile residual stresses as
a consequence of contraction of the cooling area and tangential compressive
stresses as a consequence of supporting the radial tensle stresses (Fig. 261). The
tangential compressive residual stresses can be used to increase the fatigue
strength of weld ends [414]. The most effective distance between heat spot and
weld end in the case of steel can be set with the red annealing colour ring
(280 °C). Good experience has been gained with positioning this ring at 10 to
20 mm distance from the weld end. The heat spot, in contrast to the compression
spot, should be positioned at the weld end at right angle to the direction of
tension in order to permit the tangential compressive stress to be strength-
effective (Fig. 262). The radial tensile stress which occurs simultaneously does
not act favourably. Adjustment tests for peak temperature, rate of heating,
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Fig. 262. Heat spot at end of longitudinal weld of gusset plate specimen, longitudinal residual stress
after cooling; after Gurney [414]

heating area and distance to weld end are essential when using this method
which has been tested little in practice. Use of spot heating to eliminate bending
distortion on thin sheet metal (flame straightening) is described in Section 4.4.3.5

4.4.3.5 Hot, cold and flame straightening

Hot straightening after the metal is heated to forging temperature is used for
removing abnormally large shape deviations, e.g. for straightening work after
cases of catastrophic damage. In this connection, large-area local heating is
generally sufficient to eliminate bends or wrinkles.

Cold straightening is performed applying a tensile load (cold stretching) or
bending load (see Section 4.4.3.3.3 for cold stretching). Straightening with tensile
load is only occasionally applied, e.g. for section bars with longitudinal welds.
Post-weld bending-straightening, by contrast, is widespread practice. It is per-
formed using fixed-installation straightening presses or by means of mobile
winches or pressing devices. The structural member is upset on the side of
bending-compression stress and stretched on the side of bending-tension stress.
Because of the spring-back, the member must be bent beyond the specified
shape. Cold-straightening requires adequately good cold-work ductility of the
metal in the welded joint. The residual stresses following bending-straightening
may be increased or reduced depending on the initial state. Disturbing distor-
tion occurs during subsequent machining. Cold-straightened components also
tend to later gradual warpage. In both cases residual stresses are released.

Cold straightening also includes hammering and rolling (see Section 4.4.3.4).

In flame straightening [415, 424, 425], spot-, strip- or wedge-shaped narrowly
delimited areas (heat areas) of the structural member affected by distortion are
heated with the flame to a red heat, they are thereby locally hot-compressed and
correspondingly shortened during cooling (Fig. 263). If the heat areas are
arranged so that they counteract the welding distortion, the latter can be fully or
partially compensated by the shrinkage of the heat areas. Flame straightening is
thermomechanically a process similar to weld heating and weld cooling. Occa-
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Fig. 263. Flame straightening by means of spot shaped (a), strip shaped (b) and wedge shaped (c)
heat areas; after Malisius [5]

sionally, surfacing welds are also used with no other function than to compen-
sate for shrinkage.

The principal fields of application of flame straightening are dents in thin
sheet metal and bending shrinkage of girders and other section bars. Dents in
thin sheet metal can be eliminated by relatively small heat spots or relatively
large circular or ellipsoidal heat rings, occasionally supported by hammering
plane in the hot state. Girders or bars with bending shrinkage can be shape-
corrected by exterior heat strips in the direction of the bar or by heat wedges
perpendicular thereto. Flame straightening has the advantage of only a slight or
completely missing additional cold straining in the distortion-causing weld. The
welding residual stress state at the weld is left unchanged. The method can also
be employed on large components and structures in which mechanical shape
correction measures are not possible.

A precondition for successful flame straightening is the rapid and locally
delimited heating of the heat areas to a temperature at which the yield limit is
greatly reduced (600 to 800 °C for low-alloy steel) so that the heated metal is
hot-compressed in the plate plane between the cold surrounding areas resulting
in an increase in plate thickness. By contrast, the heat areas can cool down
slowly, achieving a temperature balance to the surrounding areas.

Heating with the (acetylene) flame satisfies the demand for rapid and concen-
trated heating only to an incomplete extent. Electrical heat sources would be
more optimal in this respect. However, the flame has the advantage of flexible
heat control, visual temperature monitoring (bright red heat) and restricted
microstructural change (which does not rule out other types of heat sources in
the future). Flame heating can be performed with appropriately perforated
shielding plates to enhance the heat concentration.

Only a minor number of theoretically substantiated approximative ap-
proaches to flame straightening exist. For instance, the question is posed in
restoring dents in thin sheet metal whether heat spots or heat strips are more
effective assuming identical heat input. According to Ref. [8] (ibid., p. 282), the
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question is answered on the basis of the shrinkage areas which are calculated
proceeding from the residual stress field at a heat spot (approximative solution)
and proceeding from the transverse and longitudinal shrinkage of a heat strip
according to equations (168) or (175) and (141). The heat strip according to this
analysis is approximately 2.5 times as effective as a heat spot, whereby the
transverse shrinkage predominates. The explanation for the greater effectiveness
of the heat strip is to be found in its greater transverse shrinkage as well as in the
lesser degree of multiaxiality of the related residual stress field. It must remain to
be investigated to what extent the ring-shaped heat strip around a sheet metal
dent retains its advantage compared to the heat spot.

The question which is posed initially for bending-distorted girders is whether
girder-parallel or girder-perpendicular heat strips are more effective (Fig. 264a
and 264b). The question is answered according to Ref. [8] (ibid., p. 285) proceed-
ing from equations (176) and (178) for the bending angle ¢ with F, according to
equation (141) and 4,, according to equation (168) as well as with the heat strip
eccentricity e = [* in the case of the longitudinal heat.strip or e = [*/2 in that of
the transverse heat strip. Assuming the same heat input, the transverse heat strip
is approximately 1.5 times as effective as the longitudinal heat strip and addi-
tionally undergoes lesser cold straining. This behaviour, confirmed in practice, is
explained by the relatively large and less restrained transverse shrinkage of the
transverse heat strip. The effectiveness of the transverse heat strip is enhanced by
a wedge-shaped strip because the wedge strip centre is displaced to the outside
compared to e = [*/2. In practice, heat wedges according to Fig. 264c and 264d
are also encountered. The plate area which requires to be heated, in other words
the optimal wedge angle, is determined by trial and error.

Fig. 264. Flame straightening by means of heat strips and heat wedges (a, b, ¢, d) in different
arrangement on bending-distorted girders; after Vinokurov [8]
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Fig. 265. Flame straightening of bending-distorted I section girder (a) by means of heat strip at

flange edge A (girder turned from vertical to horizontal in order to save space), resulting bending
plane I-1I (b); after Vinokurov [8]

Bending shrinkage caused by longitudinal heat strips can be approximately
determined according to equation (177). If the longitudinal heat strip on the
double-symmetrical I section girder is positioned asymmetrically (point A at the
flange edge), bending shrinkage vectors occur proportional to y,/I, and z,/I, in
the two principal directions y and z and are superimposed as such (Fig. 265).
The resulting bending plane I-I does not approximately coincide, as often
maintained, with the connecting plane I'-I’ between heat strip and girder axis. In
order to eliminate a certain bending distortion (bending plane I-I specified),
what follows therefrom, in a back-calculation, is the distance y, on the flange. If
the flange width is exceeded in this connection and the heat strip, thermally
intensified, is placed on the flange edge instead, the bending distortion in the
web direction is then over-compensated. The over-compensation can be rever-
sed by a further heat source in the left-hand flange-web intersection point B.
A precondition for the correctness of the approximative calculation according to
the beam bending theory, equation (177), is that the girder cross-section remains
undeformed, i.e., flanges and web are not displaced or rotated relative to one
another. In girders with a general asymmetrical cross-section contour, it is first
of all necessary to determine the direction of the principal axes of the cross-
section to which the further calculations are then related.

Flame straightening is primarily used on mild and low-alloy structural steels.
It can also be performed on stainless alloyed steels provided this does not impair
their corrosion resistance. When using the method on aluminium alloys one has
to overcome the tendency of this metal to absorb gas at elevated temperatures as
well as its particularly intensive heat diffusion. A different type of heat source
could partly solve the problem.
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5.1 Methodical and systematical points of view

The non-detachable joining or coating of components or materials, termed
welding, is designed to produce a joint of adequate strength. Strength for the
engineer relates to the resistance of the component to function-disturbing
failures such as insufficient stiffness, local or global yield or creep, instability
phenomena (buckling and postbuckling), cracking (hot and cold cracks), frac-
ture processes (ductile, brittle, creep and fatigue fracture), wear and corrosion.

The usual methodical approach adopted in strength analyses is character-
ized by separating the structural and material influences [435]. This is the
reason for the subdivision in English-speaking countries into “strength of
structures” and “strength of materials”. The strength investigation on the
structural component is characterized by stress and deformation analyses on the
basis of continuum and structural theories into which elasticity, yield, creep and
hardening characteristic values of the material are introduced as auxiliary
quantities which are determined by material testing. Strength limits are ex-
pressed by critical (fracture or instability) stresses unless the ultimate load
follows directly (i.e. without resort to stresses) from a condition of instability.
The strength investigation on the material is characterized by determining
material characteristic values in (usually) standardized test procedures and
explaining these on the basis of metal physics, e.g. dislocation theory. Welding
affects the component strength through residual stresses (mainly of the first
order) and distortion and the material strength through microstructural changes
(including inhomogeneities and hydrogen diffusion). The separation into struc-
tural and material influencing parameters, however, is not, or only partly,
accomplished in the term “weldability” and its related testing.

For reasons of systematic treatment of the subject, strength analysis of
welded joints and structures is not presented here, but is found in Ref.
[436-440], subdivided into fatigue strength and static strength, i.e. into strength
when subjected to repeated or to single loading. It is only possible to provide
a brief overview here. It is not only because of the scope of the problem that
strength matters are dealt separately. Residual stresses'(of the first order) act
locally on strength in the same manner as load stresses so that is reasonable to
treat the related strength matters jointly [439]. A differing opinion can be
justified in respect of hot and cold cracks, which may be caused solely by
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residual stresses, deformations and microstructural changes during welding. In
a condensed overview, the effect of welding on strength can be summarized from
the classification aspect of crack and fracture phenomena.

5.2 Hot and cold cracks

Hot and cold cracks are relatively short cracks, occurring under certain circum-
stances in large numbers. They may arise in the fusion and heat-affected zone
during or immediately after welding, but also on the occasion of post-weld heat
treatment [438, 441].

Hot cracks occur in the fusion zone as longitudinal and transverse cracks,
and in the heat-affected zone, proceeding from the fusion boundary area, as
transverse cracks. They are initiated as intercrystalline segregations in the range
of the solidus temperature if the mixture of solid and liquid phase (liquated grain
and subgrain boundaries) is no longer able to cope with the strains or strain
rates caused by shrinkage.

Cold cracks occur in the fusion zone and in the heat-affected zone, in the
latter primarily as longitudinal cracks (weld root, weld toe and underbead crack)
in the range between melting and ambient temperature. They mainly initiate at
grain boundaries of the fusion zone boundary area. Cold cracks are greatly
promoted by hydrogen diffusion in the microstructure (hydrogen-induced
cracking) as well as by hardening of the heat-affected zone. They may still occur
even hours after the material has completely cooled down (delayed cracking).
Welding residual stresses are essential for initiation of cold cracks. A critical
tensile stress is observed which depends on the material and its microstructural
state, above which cold cracks may occur. The initiated crack is first stably
enlarged before occasionally resulting in unstable instantaneous fracture. Cold
crack formation in steels is promoted if the transformation of the austenite into
martensite or bainite is shifted to low temperatures ( < 300 °C), which may be
the case with high cooling rates.

The many relevant test methods (“welding tests”) cannot usually be clearly
assigned to only one of the two types of cracks: rigid restraint cracking test
(RRC test), tensile restraint cracking test (TRC test), slot specimen weld test
(rectangular or cruciform plate specimen), bead on “finger specimen” test (plate
strip package), ring groove weld test, circular bead on plate weld test, implant
test, double fillet weld test, edge fillet on cover plate weld test (controlled thermal
severity test, CTS test), overlapping plate cruciform specimen, double round bar
weld test, bending bar weld test (“Varestraint™), local fusion test; sce Ref. [438].
The specimen stress is applied partly by the welding process (self restraint) and
partly by external load or deformation. The transferability of the test results to
the actual welded component is restricted.

In addition to these “welding tests”, there are also welding simulation tests
on small uniaxially loaded rod specimens to which the temperature and stress
cycle of the considered point of the fusion or heat-affected zone is applied. The
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hardenability test and the carbon equivalent derived therefrom supplement the
hot and cold crack tests.

Hot and cold cracks are avoided by material and manufacturing measures
(composition of base and filler metal, preheating and post-weld heat treatment,
multi-pass welding).

5.3 Ductile fracture

The term “ductile fracture” relates to the local constriction with subsequent
rupture which is observed in the tensile test on smooth specimens manufactured
of ductile material. The fracture is preceded by major deformations.

With a high ductility of the material in the welded structure, the influence of
welding residual stresses on (ductile fracture) strength is negligibly small, espe-
cially as the high ductility is in many cases assured by post-weld heat treatment,
which at the same time reduces residual stresses. The residual stresses admitted-
ly appear in a “softer” load-deformation curve during first loading (the structure
“settles”). Immediately prior to ductile fracture, though, the residual stresses are
removed by plastic deformation and thus have no effect on the rupture load.
This gives the justification for ignoring the residual stresses in the stress assess-
ment rules. However, the problem of strength of welded structures is thus only
shifted to the verification of ductility, in the case of temperature-embrittling
metals in the form of the observance of a minimum service temperature above
certain transition temperatures of brittle fracture tests. In normal practice, the
ductility of the metal in the welded structure is limited and a service temperature
limit cannot be reliably observed, with the result that the residual stresses do in
fact have to be incorporated into the strength analysis which then refers to
brittle fracture.

5.4 Brittle fracture

The term “brittle fracture” relates to the deformationless or low-deformation
rupture which can be observed on specimens and components which are sharply
notched or subjected to welding residual stresses. Brittle fractures of this type
may also occur under certain conditions at nominal load stresses far below the
yield limit (“low-stress fractures”). Brittle fractures may also occur before the
first service load is applied, caused solely by residual stresses. The brittle fracture
generally originates from incipient cracks or defects which have occurred during
manufacture or in service (hot or cold cracks, incipient fatigue cracks, crack-like
weld defects).

The inadequate ductility of the material in the (welded) structure, termed
brittleness, is not a material characteristic value in the usual sense, but depends
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on stress state and material parameters. Depending on the stress state, the
material is capable of deforming (ductile material) or incapable of deforming
(brittle material). The causes of brittleness are therefore distinguished as being
related to stress state and material condition.

A necessary stress condition for brittle fracture is the triaxial tensile stress
state of adequate intensity and extent. Such stress states may occur at cracks and
sharp notches, particularly also, however, as welding residual stress following
cooling under more or less rigid restraint from all sides. Large plate thickness
permits a larger extent of the stress state and thus favours brittle fracture. Lesser
degrees of multiaxiality, particularly compressive stress components, favour
plastic deformation. The brittle fracture is thus avoided or turns into a ductile
fracture.

In the case of metals with cubic body-centred lattice and marked yield limit
(this group of metals includes mild steel), the brittleness depends markedly on
temperature and stress rate. With decreasing temperature, a sharp drop in
ductility is observed (temperature embrittlement). With increasing stress rate,
brittleness is also enhanced (impact embrittlement).

Microstructural material conditions favouring brittle fracture are, on the
other hand, coarse grain, hardening, diffusible hydrogen and ageing. Such
material states may particularly occur in the heat-affected zone of welded joints
with the result that an increased risk of brittle fracture exists in combination
with the welding residual stresses acting in this zone. The weld-longitudinal
stresses (this being the circumferential stresses of the circumferential weld) are
considered to be particularly critical. They may overstress the hardened zone,
which in the worst case is predamaged by transverse cracking, as a consequence
of residual stresses and load stress redistribution.

The brittle fracture risk of welded components and structures is assessed by
means of brittle fracture tests on simplified specimens. The traditional methods
with welded or even unwelded (therefore questionable) specimens (the most
common being notched impact test, bead bend test, drop weight test, Robertson
test, wide plate test) permit rough assessments regarding practical problems,
proceeding from the respective transition temperatures of temperature-embritt-
ling materials. Engineering fracture mechanics additionally enable quantitative
statements to be made regarding the brittle fracture behaviour of the component
or of the structure, proceeding from the test results from relatively small
specimens with a crack. In addition to load stresses, residual stresses are fully
included in the fracture mechanical analysis as fracture-initiating and propagat-
ing quantities. Of course, it is only the crack-opening tensile stress (and not the
crack-closing compressive stress) which should be regarded as critical.

The brittle fracture risk can be kept low by a wide range of design, material
and manufacturing measures. Reducing welding residual stresses and the lower-
ing of the transition temperature of the component thus achieved is an import-
ant partial measure. Welding distortion, by contrast, has no strong influence on
the risk of brittle fracture.
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5.5 Lamellar tearing type fracture

Lamellar tearing type fracture (“terrace fracture”) refers to low-ductility tearing
of metal plates in the plate plane along rolled non-metallic inclusions (sulphides,
silicates, oxides). The fracture occurs under the action of load and residual
tensile stresses perpendicular to the plate plane (tension) and is promoted by
diffusible hydrogen in the microstructure as well as by ageing. Tensile stresses
perpendicular to the plate plane occur particularly at T and cruciform joints.
Lamellar tearing can be counteracted by design measures (reducing the tensile
stress perpendicular to the plate plane), higher material purity (i.e. free of rolled
inclusions) and avoidance of diffusible hydrogen and ageing.

5.6 Creep fracture

At high service or test temperatures (in the range of the recrystallization
temperature), creep is observed at a fixed load and relaxation is observed at
a fixed deformation. Primary and secondary creep proceeds in a stable manner
at a decreasing, or at least constant deformation rate. In the subsequent range of
tertiary creep, the deformation rate increases while the load remains unchanged,
which finally results in creep fracture. Stress- and material-related embrittlement
may also occur with creep fracture. The material-related embrittlement phe-
nomena at high temperature include, in particular, precipitation processes in the
microstructure which may cause temper embrittlement, creep embrittlement or
relaxation embrittlement.

Incipient cracks, notches, cross-sectional transitions, weld-longitudinal load-
ing and residual stresses (i.e. the same conditions as with brittle fracture) are
considered to be particularly critical.

5.7 Fatigue fracture

The term “fatigue” relates to crack initiation in plastically deformed areas of the
component subjected to cyclic loading, to subsequent stable crack propagation
under further load cycles and to final instable fracture. The fatigue strength is
determined in the Wohler test applying constant load amplitudes and in the
service fatigue strength test applying varying load amplitudes. The fatigue
strength of components is dominated by the stress concentrations at notches
and cross-sectional transitions, their cyclic amplitude or range being the decisive
factor. The statically acting mean stress or prestress plays only a secondary role.
The latter may be caused both by an external load or by residual stresses and
likewise be increased at the notches and cross-sectional transitions. Whereas the
mean stress resulting from external load is generally retained independent of the
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number of load cycles, the residual stresses may be changed by a single over-
loading of the component, by the cyclic load itself, by creep and relaxation and
by crack formation. In general, tensile residual stresses have an unfavourable,
and compressive residual stresses a favourable, effect on fatigue strength.

As regards the influence of welding residual stresses on fatigue strength,
a distinction may be made between three groups of welded components [436,
4377:

— components in the as-welded state with high tensile residual stresses (e.g.
weld-longitudinal residual stresses);

- components in the stress relieved state (e.g. as a result of post-weld heat
treatment);

— components in the surface-treated state with high compressive residual stres-
ses (e.g. as a result of shot peening).

Components with high tensile residual stresses superimposed by equidirected
load stresses display a low, approximately constant amplitude strength (this
being the cyclic stress amplitude sustainable without fatigue fracture) over the
entire load mean stress range. The reduction in residual stresses offers a signific-
ant increase in amplitude strength only in the case of compressive load mean
stresses. Compressive residual stresses generated as a result of surface treatment
increase, on the other hand, the amplitude strength over the entire load mean
stress range.

These statements apply to high-cycle fatigue strength and to fatigue strength
for infinite life (endurance limit). In the medium- and low-cycle fatigue range,
residual stresses are reduced as a result of local yield caused by superimposed
load stresses, so that the strength behaviour of the residual-stress-free compon-
ent is approximated.

From the aspect of microstructural change caused by welding, the fatigue
strength of the material may be reduced or increased locally. A reduction occurs
as a result of microdefects at the boundary of the fusion zone or by the heat-
effected removal of hardenings of different types. Moderate hardening in the
heat-affected zone ( &~ 350 HV) increases fatigue strength locally. On the other
hand, the simultaneously generated residual stresses must be taken into account.
Fracture mechanics analysis of crack propagation behaviour in residual stress
fields is a topic to be dealt with in this connection.

As the practice-oriented comparative investigations between as-welded and
stress relief annealed components are usually conducted with a tensile mean
load in the fatigue strength for finite life range, the strength differences deter-
mined are relatively small.

The fatigue strength of welded components may be reduced to a greater
extent as a result of welding distortion than by welding residual stresses. This is
the case if the amount of the bending and angular shrinkage or of the shrinkage
dents reaches the plate thickness. The eccentricity of the distorted plate causes,
when subjected to a given cyclic tensile or compressive stress, a superimposed
cyclic bending stress, which results in premature damage and crack initiation.
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Groove edge misalignment, which may be caused by distortion during welding,
acts in the same direction.

The fatigue strength of welded components can primarily be increased by
design measures which aim at the reduction of notch stress concentrations.
Manufacturing measures also play a role, but are of secondary importance
(freedom from weld defects, notch root treatment).

5.8 Geometrical instability

Geometrical instability refers to the elastic or elastic-plastic buckling of rods,
bars, plates and shells, which may occur already at nominal load stresses below
the yield limit: bending buckling of rods, torsion-bending buckling of bars,
buckling and post-buckling of plates and shells. In the case of thin sheet metal,
the welding residual stresses alone may initiate the instability. With thicker
plates and also rods and bars, the welding residual stresses influence the level of
the critical load.

The stability limit of rods, bars, plates and shells may be reduced by the
compressive residual stresses in the areas alongside longitudinal welds. In the
cross-sectional parts with the compressive residual stresses, the compressive
yield limit is exceeded prematurely, as a result of which the cross-sectional parts
remaining elastic are subjected overproportionally to increased stresses.
I section girders or box girders welded longitudinally buckle prematurely
because the effective moment of inertia, which determines the buckling load, has
to be reduced in accordance with the stress reduction in the plastically deformed
parts of the cross-section. Despite the reduced buckling load, however, the
ultimate load should remain unchanged in the case of an adequately ductile
material because the residual stresses are removed in the post-buckling process.
In the case of rods and plates with longitudinal welds subjected to longitudinal
compressive load and also in that of cyclindrical shells with circumferential weld
subjected to axial compressive load, the reduction in the buckling load as
a result of welding residual stresses is up to 10% [440]. On the other hand, the
stability limit may be increased as a result of tensile residual stresses. For
instance, shear buckling of edge-stiffened sheet metal panels is delayed as
a result of heat spots.

The stability limit may be substantially more reduced by welding distortion
than by welding residual stresses. Rods, bars, plates and shells, out of shape as
a result of welding distortion, buckle prematurely. The bending distortion of
rods and bars and the constriction of cylindrical shells with circumferential weld
have a particularly strong reduction effect.

The stability limit of welded components can be increased, primarily, by
means of design measures. In addition, manufacturing accuracy plays an im-
portant role. In special cases, the reduction of residual stresses may also be
effective.
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5.9 Corrosion and wear

Corrosion is the undesired chemical or, speaking more exactly, electrolytic
reaction of the surface of the component with the ambient medium, which
results in material removal or cracking on the surface. High tensile stresses in the
surface may initiate stress corrosion cracking which is intensified by hydrogen
diffusion. If the risk of stress corrosion cracking exists, therefore, tensile welding
residual stresses in the surface of the component are damaging. They should be
removed in this case or be replaced by compressive residual stresses.

Wear is the undesired mechanical erosion of the surface of the component as
a result of small particles breaking loose or also as a result of permanent
deformation. Wear is promoted by tensile stresses in the surface. Tensile welding
residual stresses in the surface should be avoided where the risk of wear exists.

5.10 Strength reduction during welding

In general, welding is performed while the structure is free from external loads.
In some cases though, e.g. assembly and repair, the complete external load or at
least part of it is to be sustained without failure during welding. A three-step
strength assessment is then necessary [442, 443].

First, the reduction in cross-section in respect of its load-carrying capacity
caused by the weld pool and the high temperature area surrounding it should be
considered. For longitudinal welds, the reduction is largest shortly after the
passage of the heat source through the cross section. It is determined on the
basis of the largest transverse extension of the cut-off yield stress isotherm. For
transverse welds, the largest longitudinal extension of this isotherm is decisive.
The increase in superimposed tensile and bending stresses caused by the reduc-
tion in cross-section is calculated. The maximum stresses are assessed in respect
of the conventional permissible stresses.

Second, the state of highest thermal distortion immediately after welding,
and third, the state of distortion (and residual stress) after complete cooling-
down, should be calculated on the basis of the non-reduced cross-section
applying equations (174) to (179) and assessed primarily in respect of buckling
strength.

For testing the strength reduction during welding, i.e. the weldability of the
loaded structural component, large scale loading equipment [444] may be
necessary.
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spraying 97
straightening 19, 310-313, 340
stress relieving 9, 19, 303-305, 340
welding  see “Gas welding”
Fourier’s law 24
Fracture
mechanics 17, 318
toughness 255, 257, 299
Friction welding 1, 20, 99, 326
Functional analysis
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thermomechanical model
Fusion
efficiency 4, 10, 73, 74
welding 19
zone 67, 71-79, 98, 119, 263, 264, 316, 319,
320
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Gas formation
265-267
Gas metal arc (GMA) 23, 67, 118, 176, 185
Gas tungsten arc (GTA) 23, 83, 88, 90, 91, 208,
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Gas welding  20-22, 71, 93-97, 264, 266
Geometrical modelling 30, 148-151
Geometry factor of Atg,s 119
Grain size 4, 82, 100, 101, 108, 282
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267, 321
edge movement
shape 260, 268
Gusset plate 310
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329, 330
Heat propagation
boundary condition 26, 53-55, 109
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field equation 25
radiation 24, 73
transfer 24, 30, 40, 68, 93-97
transfer coefficient 24, 25, 30, 39, 40, 48, 245,
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Heat saturation
Heat sink 53
Heat sink welding 265
Heat source
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density 22, 32-385, 64-67
efficiency 21, 74, 94, 95, 97
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flame 93-97
high power 35,49, 50, 74, 77, 82,96, 111, 119,
204, 244
modelling 31-36
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moving 35, 41-48, 132, 134, 211, 212
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rapidly moving 35,49, 50, 74, 77, 82, 96, 111,
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references 326
resistance 68, 69, 97-99
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21-23,74,77,94,95, 184,
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Heat spot 133, 160-162, 224, 308-310, 311,
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Heat treatment 20, 102

Heating-up 53, 173, 187
High-frequency resistance welding 20
High-temperature strain 170
High-temperature yield limit
Hole drilling method 12, 233
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Hooke’s law 136

Hot cracking 4, 37, 101, 169-171, 174, 202,
206, 252, 253, 294, 315, 316

Hot straightening 303, 310, 340

Hot stress relieving 9, 272-292, 338, 339

Hydrogen embrittlement or diffusion 107,
124-128, 264, 316, 318, 330

I section girder 15,203, 218, 221, 230, 250, 266,
268, 269, 311-313, 321

Impact embrittlement  300-302, 318

Induction stress relieving 305

Initial strain 239

Initial stress 7, 194

Instability 2, 222-225, 321

Intermittent weld 185, 214, 222, 251, 252

Iron-carbon diagram 101, 102

Isothermal line or face 24

ISO-V-notch impact test 282

Keyhole modelling 92

Lack of penetration 90

Lamellar tearing 4, 319

Lap joint 124, 189, 219, 249, 251

Laser beam welding 20, 23, 92, 93

Layer sequence 169, 261, 262, 268, 271, 290
Long-time tensile test 276

Low-stress fracture 300, 317

Machining 1, 8, 165
Magnetostriction method 243
Martensite 10, 102, 146, 316
Material characteristic values
electrical 68
hydrogen diffusion 127
microstructural 125, 138, 146
thermal 27-30
thermomechanical
286, 302, 331
Melting
efficiency see “Fusion efficiency”
heat 68, 70, 254
of electrode see “Electrode”
rate 70
temperature
254-257
Microstructural change see “Transformation’
Misalignment 251, 262, 267, 321
Multi-layer or multi-pass welding 9, 15, 54,
122-124, 169, 177, 185, 191, 207, 214, 250,
260, 273, 288-291, 316
Multi-layer vessel 250, 303

139-149, 158, 253-256,

19, 79, 100, 104, 143, 214,
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NDT temperature 300-302

Neutron diffraction method 208, 242
Newton’s iaw 24

Nickel alloy 28, 140, 163, 176, 255
Norton’s law 285
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Notch impact test 282
Notch stress  297-299, 306, 319-321

Overloading 292, 302, 303

Patch bulging 272
Patch welding 224, 251, 265, 271, 272, 307
Pearlite 10, 102-108
Pipe 167, 169, 265, 266, 305
Plasma welding see “Arc welding”
Plastic deformation 6, 8, 136, 273, 285, 298
Plastic strain  136-138, 198, 285, 315
Plastic zone 2, 134, 135, 162, 173, 183-189,
195-197, 199, 202, 213, 223, 226
Plate
general 11-15, 59-61, 170-176, 179,
182-184, 195, 204, 217, 224, 262, 266, 303,
333
panel 250, 269, 270
stiffened plate 173, 250, 261
strip 151-159, 184, 188, 216, 217, 225, 226,
265, 294
thick plate 55, 113, 114, 177-181, 205, 299
Plate element model
in cross section 55, 173-179, 333, 334
in plate plane 59-61, 169-173, 333

Plug welding 12, 151, 158, 252
Poisson’s ratio 139, 144
Pore 92

Post-weld heat treatment 4, 9, 99, 100, 200,
272-276, 316, 320
Post-weld measures 272-313
Post-weld pressure treatment
Power density 22
Prefabrication 259
Preheating 4, 20, 99, 115-118, 263-265, 338,
339
Preheating temperature
263, 264
Presentation aspects
Preshaping 265, 266
Pressure butt welding
Pressure welding 19
Projection welding 20, 99
PTCT diagram 106, 107, 147

99, 160

45,112, 116-118, 122,
17-18

164, 165

Ramberg-Osgood law 137
Reaction force 175, 191, 206
Reaction stress 5, 10, 11, 175, 190, 206
Recrystallization 9, 101, 272, 273, 305
Reduction of residual stress and distortion
design measures 248-252
general 247, 248
manufacturing measures 258-313
material measures 252-258
Regulations 260, 264, 275, 303, 317
Reheat cracking 282
Related books 16-17, 328, 341
Relaxation see “Stress relaxation”
Repair welding 179, 273, 322
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Residual strain 153, 154, 188
Residual stress
analysis methods 138, 139, 182, 183, 198
analysis results 11-14, 130-210
axial 166-169, 195-197
axisymmetric 10, 12, 131, 158-169, 208
circumferential 166-169, 195-197, 306
definition 1, 5-11, 200
experimental results 11-14, 167, 168, 172,
176, 197, 202, 203, 335
field 11-14, 131-134, 158-182
general 1-322
in cladding 1, 10, 14, 209, 291, 295
in flame cut edge 8, 13, 209, 210, 295
longitudinal 8, 9-11, 132, 151-159, 163, 164,
172-178, 182-189, 197, 199, 200-204,
295-297, 305, 320
measuring methods
meridional 168
microscopic 1, 6, 241, 273, 306
radial 12, 131, 134, 161-165, 308, 309
reduction 200-210, 247-313, 338-341
similarity relations 244-246, 336, 337
source 7, 130-132, 198--200, 335
tangential 12, 131, 134, 161-163, 308, 309
transverse 9-11, 132, 163, 164, 171-178,
204-208, 291, 305
triaxial 9, 164, 169, 208, 248, 250, 265, 275,
287, 297-299, 318
Resilience method 13, 14, 198, 199, 231, 238
Resistance butt welding 164, 165, 332
Restraint intensity 192, 193, 334
Rigid restraint cracking (RRC) test
207, 316
Ring element model 57-59, 158-169, 332
Ring groove method 236-238
Ring groove weld specimen 163, 316
Ring plate 162, 225
Ringweld 162-164, 193, 197, 219, 223, 265, 332
Robertson test 301, 318
Rod element model 151-158, 292-297, 332
Roller seam welding 20
Rolling (cold) 307, 308
Rupture stress 300

16, 227-243, 336, 337

174, 191,

Seam welding 56, 134, 135, 324

Shape factor of restraint 192, 193
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cylindrical 166, 1638, 219, 250, 265, 266, 303,
321, 332, 333
spherical 16, 166, 168, 193-198, 206, 218,
219, 266, 303, 332, 333
toroidal 196, 218
Shot peening 308, 339, 340
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analysis 210, 211
angular 15, 190, 219-222, 260, 263, 265, 267,
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bending 185, 217-219, 266, 267, 311-313
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transverse 15, 190, 191, 211-217, 262, 269,
313
twisting 210, 222
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model 334
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Soldering 19, 20, 97
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general 284, 320
test 316
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embrittlement  300-302, 317
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significance 19
Terrace fracture 319
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residual stress 13, 209
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coefficient 28, 129, 139-148, 158, 255
general 129, 130, 136, 137
Thermal model 30-38
Thermal stress field 130-145
Thermal stress or strain 7, 110, 129-139, 145,
198, 214, 216, 228, 277, 278
Thermodynamics 330
Thin-walled bar 224, 225
Three-dimensional cutting method 238
Three-rod compound structure 293
Throat thickness 221, 222, 250
Titanium alloy 28, 141, 201, 202, 255
Transformation

15, 185, 214, 311
1, 171, 191, 213, 222, 262, 263,

253-256

ferritic 10, 101-111, 139, 144, 146, 177, 205,
291, 316

heat §, 28, 140

microstructural 4-6, 8, 100-111, 145-148,

205, 264, 327-329
modelling 56, 107-111, 175, 176
plasticity 110, 137, 146-148, 178, 181, 182
stress or strain 7, 13, 130, 138, 164, 216,
288-291
temperature 26, 103-105, 143, 201
volume change 8§, 129, 130, 136138, 182
Transition temperature 4, 300, 301, 318
Transition thickness 114, 115, 214
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Tresca equivalent stress 134
TTT diagram 102-108, 147
Tube 269

Turning-off method 12, 240
Ultimate tensile strength 142, 147, 284
Ultrasonic method 243

Upset welding 165

Vessel end 168, 223, 266

Vessel nozzle 193, 197, 224, 265

Vibration stress relieving 9, 305-307, 340
Viscoplastic deformation 6, 148

Viscous or viscoplastic strain 285

von Mises equivalent stress 136, 137, 161, 286

Warpage 1, 14, 222-226, 269, 310
Warping of cross section 156, 202
Wear resistance 315, 322
Weaving weld 76
Web-to-flange weld
265
Weld
burn-through 90
circumferential (of shell) 166-169, 195-198,
200, 206, 210, 219, 223, 262, 265, 266, 274,
275, 305, 332
crossing 249, 250, 269
end 133, 169-172, 179, 193, 200, 204, 309
imperfection 87, 90-92
longitudinal (general) 1-322
longitudinal (of shell) 194, 219, 261
nugget 57-59, 97, 98
overlap 86, 87
penetration 90
ripples 78
shape 8688, 90-93
spiral-type 20, 162
spot see “Spot welding”
thickness 192
transverse 10, 211-217, 250, 261, 267-270,
295

184, 185, 203, 220, 221,

Subject index

undercut 87
Weldability 2-5, 11, 100, 258, 315, 337
Weldability index 4, 258
Welding
definition 1
deformation 1,2, 14-17, 315
distortion see “Distortion”
effects on strength  315-322
feasability 2, 3
heat source see “Heat source”
methods 19-23
of loaded structure 318, 322
reliability 2, 3
residual stress
schedule 258
sequence 249, 250, 258, 261, 268, 270, 271
sequence schedule 258, 261
shrinkage see ‘Shrinkage”
simulation 244-246
speed 23, 49, 50, 65, 79, 95, 184, 219
suitability 2, 3, 100, 252-258, 315
suitability index 256-258, 263, 337
test 276, 279-281
Weld pool
dimensions 35, 71-79
modelling 73, 79-93, 326, 327
physics  79-82
shape 35, 71-79, 81, 82, 86
surface depression 81, 84
surface tension 80, 85-87
Work-hardening 137, 142, 158, 294-296, 299

see “Residual stress”

X-ray method 176, 205, 206, 240

Yield
condition 133, 136, 166
law 136, 166
limit 139148, 158, 202, 255, 281, 284
limit strain 228
zone see “Plastic zone”
Yield strength hysteresis 145-147
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